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Damage Prevention From Diesel 
Crankcase Explosions 


Engine 


By A. C. CAVILEER,' ANNAPOLIS, MD. 


As the largest user of Diesel engines in the world the 
Navy Department is greatly concerned in solving the 
problems involved in crankcase explosions, and providing 
adequate means to minimize the hazard to personnel and 
equipment. The general problem is stated in the paper, 
and the test work being undertaken by the author's 
branch is described. Results are given and recommenda- 
tions for adequate pressure-relief arrangements. 


INTRODUCTION 


1ESEL engines are generally considered to be inherently 
D engines. Unfortunately, however, a very real and 

serious potential danger exists in the crankcases of most 
engines. This danger consists of the possible explosion of the 
lubricating-oil vapors which are mixed with air in the crankcase. 
Some sizes of engines are worse than others; some makes or types 
are worse than others. Engines that are not properly designed, 
operated or maintained, generally are the worst offenders. 

Three examples will serve to indicate the seriousness of the 
problem by illustrating the violence which may accompany a 
crankcase explosion: The passenger liner Reina del Pacifico had 
a crankcase explosion which killed 28 men and injured 25 men in 
the engine room. Another explosion in Rushville, Ind., resulted 
in wrecking the building and the loss ef two lives. The third 
example is a streamlined train which had an explosion severe 
enough to bulge out the sides of the locomotive. It was necessary 
to hammer in these bulges before the train could proceed through 
bridges. 

The Internal Combustion Engine Laboratory of the U. 8. 
Naval Engineering Experiment Station bas been investigating 
this problem from the ship's operation standpoint, and it is the 
purpose of this paper to present some of the results of these in- 
vestigations. As the world’s largest user of Diesel engines, the 
U. 8S. Navy has a vital interest in correcting anything which im- 
pairs the efficiency of its ships or crews. 

Crankease-explosion problems are not new. They have been 
with us as long as we have had closed crankcases. 

Essentially, the danger of an explosion exists in any closed-in 
piece of operating machinery. In its bare fundamentals, the 
danger consists of the lubricating oil being in contact with the 
oxygen of the air in the correct ratio and type of mixture and a 
source of heat to ignite the mixture. 

If engines could be built, maintained, and operated in such a 
manner as never to develop any overheating sufficient to reach 
the ignition temperature in the crankcase while operating, we 
would not have crankcase explosions. While this is the ideal 
approach, unfortunately it is not always possible with any make 
of engine or in any operating service. In view of this, the Navy is 
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proceeding with its crankcase-explosion investigations along the 
lines of minimizing the effect of the explosion by protecting as 
much as possible the equipment and personnel. To do this, a test 
setup, expressly designed to simulate crankcase-explosion con- 
ditions, has been used. 


Patrern or CRANKCASE ExrLosions 


A study of reports of crankcase exp , while frequently 
misleading, indicates that most explosions follow a general pat- 
tern varying only in intensity and in the number of phases 
through which they progress as follows: 


1 An operating part such as a piston or bearing becomes over- 
heated. 

2 This overheated part ignites the mixture in the crankcase. 
This mixture consists of mechanically atomized oi] droplets 
thrown off by the moving parts and/or vaporized petroleum 
products produced by the lubricating oil coming in contact with 
the overheated part. Depending on the air-fuel ratio, the ignition 
source, the shape and size of the enclosure, and other factors, a 
primary explosion varying in intensity from a puff of white smoke 
to an explosion of rather severe force may occur. In most cases 
all of these factors do not occur exactly right to produce the more 
violent explosions, If the crankcase can be opened quickly to 
the atmosphere through adequate apertures, excessive pressures 
will be prevented from building up in the crankcase. However, 
when the expansion and escape of the gases due to the pressure 
and energy of the explosion are finished, there is a contraction of 
the gas in the crankcase which will tend to pull in a fresh supply 
of air. If the relief openings are immediately closed following the 
expansion and release of the gases, there is a possibility that the 
engine can be stopped before further explosions occur. It should 
be noted that when gasket or frangible-diaphragm-type of relief 
areas are provided, they will only provide for the relief of the 
primary explosion and will not prevent the inrush of fresh air. 

3 If the crankcase is suddenly opened to the atmosphere by 
the blowing off of a crankcase door or the rupturing of some part 
of the crankcase, the fresh air will rush in following the explosion 
and will provide the necessary additional oxygen for a possible 
secondary explosion. It is this secondary explosion which in most 
cases is responsible for most of the damage and should be pre- 
vented at all costs. 


Fig. 1 shows what happened at the Station when an explosion 
actually occurred in the crankcase of a Diesel engine as a result of 
a blower seizure resulting from extraordinary operating conditions 
during the conduct of special experimental tests. The relief 
plates opened as they were supposed to, as indicated by the dirty 
oil around the plates, but one door was blown off the crankcase 
with sufficient force to dent the additional safety shield which had 
been providetl around the engine to safeguard personnel against 
the effects of such an explosion. The blackened side of the engine 
above and near the crankcase opening indicates the intensity of 
the explosion. Fortunately, the conditions in this case were not 
just right, as the secondary explosion did not oceur. 

It is interesting to note that in this and several] similar cases, the 
door which was blown off was at the opposite end of the engine 
from the cause of the explosion, and this is probably the result of 
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the pressure i: the crankcase increasing as the pressure wave 
progresses along the length of the crankease. As the gases con- 
tracted, the burned oxygen depleted atmosphere receded toward 
the closed end and thus prevented fresh oxygen from reaching the 
hot spot, preventing the secondary explosion, 


Limitations oF EXPERIMENTAL 


The best way of conducting experiments on crankcase explo- 
sions would be actually to produce such explosions in the crank- 
case of a running engine under controlled conditions and with 


proper instrumentation. This procedure, because of the asso- 
ciated accident and fire hazards, and the need for special pre- 
cautions, would require an expenditure of more funds than are 
available for this type of work. Neither is an academic study of 
the theoretical aspects of petroleum-air-mixture explosions neces- 
sary for this phase of the problem. 

The Navy’s approach to this problem is to maintain and operate 
its engines as carefully as operational cequirements will permit in 
an effort to avoid the conditions which lead up to crankcase ex- 
plosions; then to be able to contain the explosion and limit or 
prevent as much as possible the effects of crankcase explosions and 
fire which sometimes follow. 

As a result of the foregoing, a program is under way to test and 
develop adequate crankcase covers for all types of engines in com- 
mon use in the Naval Service that are known to be subject to 
crankease explosions. Incidentally, the program also includes 
tests on two-cycle-engine air box covers as this problem is very 
similar, 

Many Diesel engine builders have made investigations of 
crankcase explosions in their engines. Most builders have, how- 
ever, been reluctant to publish the results of their work for fear 
that it might be a confession on their part that their engines are 
particularly susceptible to explosions. 

Results of our tests have shown that several otherwise satis- 
factory crankcase-door installations are very ineffective in pro- 
viding protection against crankcase explosions. The most serious 
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deficiencies have been the method of securing the door to the en- 
gine and the method and material used for the gasketing between 
the door and the door opening. 

The tests conducted by the Navy are divided into two cate- 
gories as follows: 

1 Tests of explosion-relief-type doors designed to relieve the 
initial explosion pressures and thereafter to seal the crankcase 
from the inrush of fresh air following the explosion. 

2 Tests of plain-type doors to withstand the pressures of the 
erankease while other relief means are operating to prevent ex- 
cessive pressure rise in the crankcase. 


Test Setrvur anv Procevure 

The setup for these tests is shown in Figs. 2 and 3, and consists 
of an explosion chamber equipped with the crankcase door under 
test. This chamber is connected by piping to a blower and neces- 
sary valving and metered fuel supply. As it was impossible to re- 
produce exactly the gas composition that exists in the crankcase, 
a mixture of chemically pure propane (C;H,) and air was used. 
Propane was selected because, of all the paraffinic hydrocarbons, 
propane has the highest rate of flame propagation and would 
probably give as high or higher an explosion pressure than 
would be encountered during an explosion in a crankcase. 

Prior to each test, the circulating blower was operated to ven- 
tilate the tank and piping and to clean out all traces of the burned 
gases from the previous explosion and to fill the system with a 
fresh charge of air. From the known volume of the tank and 
piping, and the temperature and barometric pressure of the air in 
the tank, the correct amount of the propane gas to produce the 
desired air-gas ratio could be determined. After all openings to 
the atmosphere were closed and with the circulating blower oper- 
ating, the propane gas was fed slowly into the system through a 
laboratory-type “‘precision’’ Sargent wet-test gas meter. The 
circulating fan was then run for 2 min to assure thorough mixing 
of the air and fuel. The tank was isolated from the circulating 
piping by means of valves and the charge was then ready for 
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Fie. 2) Door Test Serur 


Fic. 3) Exprosion CHamBer anp 


ignition. A Maihak Diesel engine cylinder pressure recorder, with 
the drum driven by a belt from a motor, was used to record the 
combustion pressure. This was followed in quick succession by 
the starting of the motion-picture camera (when used), and the 
ignition of the charge in the tank by means of the spark plug. 


Errect or Test Exp osions 


The first tests on several makes of doors tested, dramatically 
disclosed what could happen when a severe crankcase explosion 


takes place in an engine. Due to the weak construction, the 
strongback would buckle and collapse and the door would fly 
violently from the test tank, followed by considerable flaming 
gas, Fig. 4, and slam into the sandbag revetment. The concus- 
sion resulting from the explosion was quite severe, and in one case 
broke nine panes of window glass. It would not be safe to be in 
that part of a ship's engine room where one could be struck by one 
of these doors or close enough to be burned by the flames which 
followed. 

Figs. 5 and 6 show doors which were blown from the test tank 
by these explosions. It is interesting to note that the maximum 
explosion pressure recorded during an explosion when a door was 
blown off seldom exceeded 16 psi. The total pressures on the 
areas of the doors was approximately 1800 Ib. 

Several styles of relief-type doors were developed and tested. 
However, the results on two types were the most significant. One 
type door provided spring-loaded plates for relief of the excess 
pressure. This type door is shown in Fig. 7. 

The results on this type door were quite satisfactory. When 


Fic. 4 Frame From Caamper Arrer Cover on Test 
Was Brown Orr 


Fic.5 Cramp Bar 
(Maximun explosion pressure, at failure 16 psi.) 


Fie. 6 Fartep Cramp Bar 
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Fie. 7) Caankcase Door 


an explosion occurred, the relief plates opened and permitted the 
gradual escape of the explosion gases and prevented a build-up of 
excessive pressure. There was no accompanying violence or con- 
cussion, and the only sign of an explosion was a moderate sound 
similar to eseaping-air pressure. The pressure recorded was ap- 
proximately 20 psi. Several photographs were taken of these ex- 
plosions and are shown in Fig. 8. 

It was found desirable to provide retainer rings for flame protec- 
tion and good cementing technique for the cork gaskets on these 
plates, because of the tendency of the explosion to blow the gasket 
from the plate or to burn the edge and face of the gasket, Fig. 9. 

While using this type door, tests were conducted to determine 
the effeet of varying the relief-valve area on the explosive pres- 
sure in the tank, Fig. 10 shows the results of this test and indi- 
cates that it would be desirable to have approximately 1.5 sq in. 
of relief-valve area for each cubic foot of crankease volume, 

A door was also tested which provided the maximum gas- 
escape area by being held onto the engine frame by means of a 
spring-loaded strongback, Fig. 11. This door acted to relieve the 
explosion pressure by lifting the entire door off the engine open- 
ing, Fig. 12. The results of this test were disappointing becanse 
in spite of the fact that adequate protection was provided ty 
relief of the pressure and its ability to reseat property it 
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hic. Reuer-Vatve Gaskets Arrer Explosions 


awkward to handle, was too heavy and, when it did relieve an ex- 
plosion, the concussion was severe. The flame which was present 
when the door was lifted was also excessive for the same explosion 
conditions as was used with the small relief plates. The ex- 
plorion pressure in the tank was approximately 15 psi with this 
type of door, 

Again it should be stressed that the only adequate solution is 
correct design, operation, and maintenance of the Diesel engine so 
(hat hot spots will not be developed in the erankease, Included in 
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the correct design of a Diesel engine should be adequate provision, 
as has been illustrated, to cope with the possible dangers of crank- 
case explosions. 

It is gratifying, however, to note that reports of crankcase ex- 
plosions which have occurred since the application of the improved 
type doors indicate that the explosions have been contained, and 
that the dangers to personnel and equipment have been greatly 
reduced. 


CONCLUSIONS 


From the test work which has been completed the Navy has 
drawn the following conclusions: 


1 The test setup and method which has been used are satis- 


factory for testing the adequacy of crankcase doors to withstand 
crank case explosions. 


FROM DIESEL ENGINE CRANKCASE EXPLOSIONS 


Fig. 12 Exprosion Pressures Revieven wy 
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2 The relief area for crankeases should be approximately 1.5 
sq in. for each cubic foot of volume of the crankcase, 

3 Lightweight multiple relief valves are desirable along the 
length of the engine crankcase. 

4 Relief valves should be capable of relieving pressures in ex- 
cess of 20 psi. 

5 Good gasket cementing techniques, with some type of flame 
protection, should be used to prevent loss or burning of gaskets, as 
a result of an explosion, 

6 All parts of a crankcase should be capable of withstanding 
an explosive force of 20 psi. 


Discussion 


R. L. Borer*® ano T. O. Kutvinen.? The writers’ company 
has conducted tests almost identical in nature with those de- 
scribed in the paper to obtain data for guidance in the design and 
application of crankcase-explosion relief valves to be mounted on 
our products. The detailed results and the description of the de- 
sign of our relief valve are being presented as a portion of the 
discussion of G. W. Ferguson’s paper.‘ It is interesting to note 
the close parallel between our findings and those of the tests at 
the U. 8. Naval Engineering Experiment Station. These result« 
and the valve description will not be repeated in this discussion. 

We note the author’s conclusion that the relief-valve design 
shown in his Fig. 7 gave a satisfactory solution to the investiga- 
tion, yet the explosion shown in Fig. 1 illustrates the use of such 
a design, which apparently was not suitable, as the end crank 
door fitted with such relief valves actually blew off the engine. 
It is believed that the relief valves are too heavy, and the spring 
scale too high to relieve explosion pressure rapidly enough. We 
feel that our multiple-strip valve design with very light bow 
springs reacts more rapidly and closes very quickly to prevent a 
secondary explosion which frequently does occur with other types 
or means of relieving crankcase pressure. It should be stressed 
heavily that relief valves must be light so as to close quickly and 
prevent an inrush of fresh air as the pressure within the crankcase 
sul 


In the author’s conclusions, he did not mention that operating 
personnel should be warned never to open an engine crankcase 


2 Vice-President and Chief Engineer, The Cooper-Bessemer Cor- 
poration, Mt. Vernon, Ohio. Mem. ASME. 

* Chief Engineer's Assistant, The Cooper-Bessemer Corporation. 

*“Diesel-Engine Crankcase-Explosion Investigation, " by G. W. 
Ferguson, published in this issue of T; ion p. 19. 
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immediately after an explosion, even though the engine is fitted 
with suitable relief valves. Operators should wait until the 
heated part that initiated the explosion had cooled sufficiently 
so as to avoid a secondary explosion at the instant of opening the 
erankease for the purpose of investigating and correcting the 
source of the difficulty. Usually 15 min is sufficient time to 
allow such overheated parts to cool well below the ignition tem- 
perature of any oi! vapors still remaining. 


CLosuRE 


Messrs. Boyer and Kuivinen are quite correct in pointing out 
the dangers associated with opening a crankcase to the atmos- 
phere immediately following an explosion. Several cases are on 
record where the entrance of fresh air when the door was re- 
moved has resulted in a secondary explosion. In fact, it is best 
not to open up a hot engine too soon after stopping, especially if 
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there has been some indication of trouble, even though there 
might not have been a primary explosion. 

The explosion shown in Fig. 1 occurred prior to the Station's 
work outlined in this paper. It illustrates conclusion number six 
in that the crankcase is only as safe as its weakest part—in this 
case the strongbacks which hold the doors on the frame. When 
the explosion occurred the relief plates opened, as they were 
designed to do, in order to prevent the pressure from rising 
excessively. The strongbacks, however, were of the type shown 
in Fig. 5 and failed as shown, allowing the door to fly off, as in 
Fig. 4. Had the door been equipped with the heavy type of 
strongbacks, developed as a result of these tests, the relief plates 
would have opened and relieved the crankcase pressures as shown 
in Fig. 8. As shown in the paper, the relief valve relieved pres- 
sures in excess of approximately 20 Ib while the crankease door 
with the weak strongbacks failed at about 16 Ib, 
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The purpose of this paper is to present informa- 
tion gained from a study of the lubricating-oil aspects 
of crankcase explosions. Experimental tests indicate the 
crankcase atmosphere of a Diese! engine is a potentially 
inflammable mixture of oil mist and air in which ignition 
may be initiated by an overheated part. The minimum 
ignition temperature of an oi! mist /air mixture is reduced 
by decreased air flow, increased mixture temperature, and 
increased igniter size. No significant differences were 
found in the minimum ignition temperature of a wide 
variety of lubricating oils, even when diluted with up 
to 20 per cent Diesel fuel. As long as inflammable lubri- 
cants are employed, it appears that little can be done from 
a lubricating-oil or fuel standpoint to prevent crankcase 
explosions. It is indicated that the problem may best 
be attacked by further critical studies of operation and 
maintenance practices and continued refinements in en- 
gine design. 


INTRODUCTION 


HE occurrence of crankcase explosions has long been a 
hazard to the safe operation of Diesel engines. With the 
tremendous increase in the yse of Diesel power in the past 


TABLE 1 
-—--— Engine —-—- 
Type 

Installation Gant Horsepower 
Railway 2 900-1350 
Railway. . 2 1000-1350 
Railway 2 1350 
Stationary. . 2 1000 - 8500 
Stationary 2 1200 
Stationary. 2 1300 
Stationary 4 700-1200 
Stationary 
Stationary 2 3000 
Stationary (dual-fuel) 600 
Stationary (dual-fuel) 500 
Stationary (dual-fuel) 3500 
Marine 2000 
Marine 2 900 
Marine.. 2 900 
Marine 2 1700 
Marine 2 1700-6000 
Marine 2 6000 
Marine 2 2000 
Marine 2 1350 
Marine 4 4000-5000 
Marine 4 7500 
Marine 4 
Marine 
Marine 
Marine 
Miscellaneous ‘ 300-5000 
Miscellaneous 

Total 104 


* Air-box explosion 


Collaborators: Brian Corrigan, The Texas Company, New 
N. Y.; R.S. Wetmiller, The Texas Company, WN. Y.; 
M. Johnson, The Texas Company, Beacon, N. Y. 

? The Texas Company. 

Contributed by the Oil and Gas Power Division and presented at 
the Oil and Gas Power Conference, Dallas, Texas, June 25-29, 1951, 
of Tae American Soctety or Mecuanicat ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
March 19,1951. Paper No. 51--OGP-2. 


Diesel Engine Crankcase-Explosion 
Investigation 


By G. W. FERGUSON,* NEW YORK, N. Y. 


SUMMARY OF CRANKCASE EXPLOSIONS 


10 years, there has been a significant increase in the number of 
these accidents. Although some of the explosions have been of 
little consequence, many have resulted in serious injury and death 
of operating personnel, as well as extensive property damage and 
loss of the use of equipment. 

Realizing the widespread interest i in this problem, a project was 
initiated to study the mechanism of crankcase explosiows and to 
investigate the inflammation properties of various oils commonly 
employed for Diesel-engine lubrication. 


CrANKCASE-ExpLosion Accipent Reports 


Asummary of 104 Diesel crankease and air-box explosions based 
on available literature and accident reports over the past 10 
years is given in Table 1. Examination of these data reveals that 
explosions have occurred in ali types of railway, marine, and sta- 
tionary Diesel engines from 300 hp to 8500 hp, 2-cycle or 4-cycle, 
with or without scavenging blowers, air, or mechanical injection, 
and low speed or high speed. Crankease explosions also have 
occurred in stationary dual-fuel engines operating on approxi- 
mately 10 per cent pilot Diesel fuel and 90 per cent natural gas. 
With few exceptions, some overheated part, such as a seized pis- 
ton, connecting-rod bearing, camshaft bearing, or the like, was 
considered the source of ignition. ‘Flame torching’’ by lined-up 


Number of 
explosions Ceuse of explosion 
7 (2*) Piston 

Connecting-rod bearing» 

Main 1 

Piston 

Main bearin, 

Blower idler bearing 

Pistan 

Lined-up piston rings 

Idier-gear bushing 

Auxiliary drive bushin, 

Main and connecting-rod bearings 
iston 

Piston 

Main bearings 

Blower bearing 

Broken gear tooth 

Camshaft bearing 

Oil-pump bearing 

‘uel valve 

(Pistons—main and connecting- 
rod bearings) 

Piston 

Idler-gear bearin, 

Broken piston ved 

Piston 


xplosion i in — engine 
Oversea’ 
Explosion in ~ engine 


piston rings was reported as the igniting source in one instance, 
while in three cases a crankcase explosion in a malfunctioning 
engine was considered the cause of explosions in normally operat- 
ing engines alongside. In many instances, large clouds of white 
smoke issuing from around crankcase doors and openings, or 
excessive engine vibration and noise warned operating personnel 
of approaching danger; however, some explosions occurred with- 
out any outward signs of trouble. 

Several reports on crankcase explosions indicate that an initial 
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explosion with sufficient energy to force off crankcase doors was 
followed immediately by a second explosion of greater intensity, 
apreading burning oil throughout the engine room. The in- 
creased intensity of the secondary explosion was generally ex- 
plained on the basis that the initial explosion occurred in a slow- 
burning rich oil/air mixture, and the cooling of the primary 
explosion gases caused an inrush of air through the blown-out 
crankcase openings which provided sufficient oxygen to re-form a 
leaner more explosive mixture for the secondary explosion. In 
an effort to prevent the occurrence of secondary explosions, some 
engine manufacturers have installed safety doors designed to re- 
lieve the pressure created by the primary explosion and to pre- 
vent the inrush of air, thereby reducing the tendency for a second- 
ary explosion. In some installations, these safety doors have 
performed in « satisfactory manner; however, some accident re- 
ports have shown inadequate design and /or installation of these 
devices 

Although most of the cxplosions have been explained on the 
basis that some overheated part was the source of ignition, vari- 
ous investigators have expressed conflicting opinions as to the 
composition and state of the crankcase atmosphere in a normally 
operating Diesel engine and the mechanism of ignition and subse- 
quent propagation of flame throughout the crankcase atmos- 
phere. Some were of the opinion that the crankcase contained 
inflammable gases and considerable quantities of oil vapor in 
addition to the oil sprayed and thrown from the moving parts. 


Composition OF CRANKCASE ATMOSPHERE 


In view of this difference of opinion, samples were obtained 
from the crankcase atmosphere of a 600-hp laboratory Diesel 
engine after 50 br of operation at a crankease-oil temperature of 
250 F. As illustrated in Table 2, the noncondensable gases were 

2 COMPOSITION OF CRANKCASE ATMOSPHERE 


3000-hp sta 
engine 
20. 89-20. 29 
0 


3000-hp sta. 
engine 
20 


600-hp lab 
Noncondensible gases Diese! 
Os, per cent volume 
CO, per cent volume 
COs,, per cent volu 
Hydrocarbon gas per cent 
volume 0 
Ne and inert gases, per cent vol 
ume (by difference) 
Oil-naist samples 
Plain sawipling tube 
Oil, tb 0. 2825 
Air, Ib 0 2485 
Oil ‘air, |b per tb 1 138 
Ka fled sampling tube 
vil, Ib 


20.35 
0 


01-07 


0 039 
Air, Ib 5 85 


air. per tb 0 007 


Oi! vapor in crankease 
Ver cent vapor 


Ver cent vapor 
at 250 F at flash-point 


0 


temp 
0 986 (410 F) 
0 0005 


Naphthenic-base oil 
0 670 (475 FP) 


Additive-type paraffimic-base oil 


primarily air as shown by the high oxygen concentration (20.35 
per cent O,) 
samples obtained from two 3000-hp stationary engines A and B, 
which indicated 20.29 to 20.89 per cent oxygen with traces of 
CO,. Oil-mist samples from the laboratory engine indicated 
oil /air ratios from 0.007 Ib of oil per Ib of air with a baffled 
sampling tube to 1.138 Tb of oil per tb of air with a plain sampling 
tube. The higher oil/air ratio obtained with the plain sam- 
pling tube may be more representative of the various-size oil parti- 
cles than were found using the baffled tube, since the inertia of the 
larger oil particles prevented their passage around the baffle plate. 

Based on the vapor-pressure data illustrated in Fig. 1, for 
representative naphthenic and paraffinic-base oils at 250 F, the 
amount of oil vapor in the crankease was calculated to be 0.029 


This compares very well with noncondensable gas 
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Fic. 1) Varor-Pressvre Curves 


and 0.0005 per cent,® respectively. Although these are approxi- 
mate values, they are extremely small when compared with cal- 
culated values of 0.99 and 0.67 per cent oil vapor in air at the 
flash-point temperatures of these oils. For oils of higher vola- 
tility (lower flash-point temperature ), an increased amount of oil 
vapor would be present at a crankease oil temperature of 250 F. 
It is pointed out, however, that such products normally would 
not be satisfactory lubricants at these elevated temperatures for 
reasons other than explosion danger. From these observations, 
the composition of the crankease atmosphere of a normally 
operating Diesel engine may be visualized as primarily air 
charged with particles of oil of various sizes sprayed and thrown 
from the moving parts. 

With oils commonly employed for Diesel-engine lubrication, 
only negligible quantities of oil vapor are present until the heat 
evolved by some overheated part or flame vaporizes sufficient 
quantities of the oil particles to form, locally, an inflammable 
mixture of oil vapor and air. With the continued generation of 
heat, ignition may take place in the vicinity of the hot spot, 
which may propagate throughout the mixture by the vaporiza- 
tion and subsequent ignition of the adjacent oil particles. 
Dual-Fuel Engines. Crankease gas 
samples were obtained from three dual-fuel Diesel engines to 
determine if appreciable quantities of inflammable gases were 
present. Mass spectrometer analyses of these samples are 
shown in Table 3. From these data it will be seen that approxi- 
mately 1.5 and 3. per cent natural gas was present in the 1220 
and 650-hp engines, respectively. The 3200-hp-engine sample 
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Partial pressure oil vapor X 100 


* Per cent oil vapor = = 
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TABLE 3 


MASS-SPECTROMETER ANALYSIS OF CRANKCASE 
GASES FROM DUAL-FUEL ENGINES 


Engine 3200 hp* 1220 hp* 650 hy? 

Mass-spectrometer analysis: 

volume, per cent... . 20.8 20.7 18.9 
No, volume, per cent 78.2 76.8 75.5 
Argon, volume, per cent 1.0 1.0 10 
COs, volume, per cent 0 0 07 
Hg, volume, per cent 0 01 01 
Methane, Volume, per cent ; 0 1.3 3.5 
Ethane, volume, per cent 0 0.1 02 
Ethylene, volume, per cent 0 0 01 
Combustibles, percent... 0 1.5 39 


* Gas injected into cylinders at 700 psi. 
* Gas mixed with air in intake manifold 


was primarily air as shown by the high oxygen concentration and 
absence of inflammable gases 

On the basis ef inflammability limits (1)* for the mixture of 
combustible gases found in these samples (approximately 5 per 
cent), the concentration was too low to be in the inflammable 
range. 

The presence of natural gas in these samples and the absence of 
CO, (except for 0.7 per cent in the 650-hp engine) suggest that 
most of the piston blow-by occurs during the compression stroke, 
which agrees in part with similar findings reported by Cook (2). 
With increased ring wear and piston clearance, the increase in 
blow-by of natural gas possibly could result in an inflammable 
gas /air mixture in addition to the potentially inflammable oil 
mist /air mixture. 

Composition of White Smoke. In order to determine the com- 
position of the white smoke observed issuing from around the 
crankcase covers prior to many explosions, careful analyses were 
made of a sample of smoke produced by oil mist impinging on a 
surface heated to 1400 F and a sample of the oi) mist itself. As 
shown in Table 4, the composition of the smoke sample was 
essentially the same as for the oil mist alone except for 0.1 per 
cent CO, and traces of H, and H,8 in the smoke samples, which 
possibly indicated some cracking of the oil mist at the heated sur- 
face. From this analysis it may be postulated that some of the 
oil mist is vaporized by the heated surface and subsequently con- 
denses to form a finely divided oil mist which appears to be white 
smoke. Thus it will be seen that the vaporization of the crank- 
ease oil by an overheated part and its subsequent condensation 

* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 


may contribute substantially to the formation of an inflammable 
mixture when the engine is shut down. 


InrLAMMABILITY Limrrs of HypRocaRBONS 


Experimental work conducted by Haber and Wolff (3) indicated 
that the lower limit of inflammability of condensed mists of 
petroleum (356-392 F BP), tetralin (404 F BP), and quinoline 
(401-552 F BP) was essentially the same as for their correspond- 
ing vapors; however, flame «peed was less in the mists and de- 
creased with increasing particle size. Table 5 illustrates the 
lower limit of inflammability for these materials, as well as the 
inflammability limits for methane, hexane, benzene, octane, and 
condensed mists of some cutting and quenching oils determined 
by Burgoyne (4). Also shown are lower limits of inflammability 
of a Diesel fuel, a naphthenic-base oil, and an additive-type 
paraffinic-base oil calculated from the vapor pressures of these 
materials at their flash-point temperatures. The experimental 
lower limits of inflammability for materials from methane to 
quinoline varied between 0.030 to 0.070 Ib of fuel per Ib of air. 
The calculated lower limits for the Diesel fuel indicated 0.068 Ib 
of oil per lb of air, while the calculated values for the naphthenic- 
base oil and the additive-type paraffinic-base oil were found to 
be 0.103 Ib of oil per Ib of air and 0.0789 Ib of oil per Ib of air, 
respectively. Although the calculated values were generally 
higher than the experimental values for similar materials, the 
data may be employed to approximate the lower limit of in- 
flammability. The experimental limits also should be treated as 
approximate values since they are affected by the apparatus, test 
conditions, and the manner in which the test is performed. 


TABLE 4. MASS-SPECTROMETER ANALYSIS OF OLL-MIST AND 
WHITE-SMOKE SAMPLES OBTAINED FROM CRANKCASE 
EXPLOSION TUBE 


Oil-mist and white- 


Oil-mist sample smoke sample 


bei (igniter off), (igniter temp 1400 F), 
Composition per cent per cent 
Or 21.2 21.1 
Ne 77.8 77.8 
Argon 1.0 ne 
race 
CO: 0.1 
Trace 
— of heas ier Traces of heavier 
ere pres- were pres- 
which could ent which 
not be identified not be identified 


TABLES INFLAMMABILITY LIMITS 


Flash- Lower limit —~ —-Upper limit 

point Per cent Per cent 

tem vapor ib fuel/ vapor Ib fuel/ Refer- 

Material deg in air 1b air in air Ib air ence 

Methane —305 5.30 0.031 4.0 0.091 2 
Pentane. —40 1.45 0.037 7.5 0.201 1,2 
Hexane..... pew? —21.6 1.00 0.030 7.0 0.224 1,2 
Benzene. . ; “51.3 1.40 0.041 8.0 0.235 1,2 

Petroleum (356-392 F, 

B pea Mist 0.037 3 
Petroleum (356-392 F, 

BP ee Vapor 0.040 3 
Tetralin (404 F, BP)....... Mist 0.035 3 
Tetralin (404 F, BP)....... Vapor 0.044 3 
(401-552 F. 

: Mist 0.060 3 
Quinoline (401-552 F, 

Cutting oil No. 1 268 Mist 0.036 Mist 0.129 4 
Cutting oi! No. 2 ‘ 293 Mist 0.048 Mist 0.147 4 
Cutting oil No. 2 (once «~ 

sti 230 Mist 0.055 Mist 0.235 4 mye 

Cutting oil No. 3.. baw Mist 0.042 Mist a 4 
Sperm poaching oil. . Mist 0.039 Mist 0.175 4 
Mist 0.042 Mist ‘4 

Diesel fuel 205 1.32 0.068 5 
ss aphthenio-base oil an 410 0.986 0.103 5 

itive-type 


Fuel, 28 (1948) 3. 
ational Fire Codes, vol. 1 (1948), 482 


and Wolff, Angewandte Chemie, 36 (1923), 273. 
Burgoyne, Fuel, 28 (1948) 1 
Calculated vai pressure at flash-point temperature. 
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Limits or Hexane in Mixtures or Arg AND NitroGen, anp Mix- 


TURES or Arn anv Carson Dioxipe 


(H. F. Coward and G. W. Jones, U. 


Effect of Oxygen Concentration on Inflammability Limits. In 
addition to the inflammability limits shown in Table 5, which 
were based upon concentrations of fuel in air, tests conducted by 
the U.S. Bureau of Mines (5) on hydrocarbon gases have indi- 
cated that decreasing the oxygen concentration will result in 


narrowing the inflammability limits until a minimum oxygen con- 
centration is reached, below which flame will no longer propagate. 
Fig. 2 illustrates the effect of oxygen concentration on the inflam- 


mability limits of hexane when nitrogen and carbon dioxide are 
used as diluents. 

Table 6 shows minimum oxygen concentrations required for 
flame propagation of methane and hexane, as well as a limited 
MINIMUM OXYGEN Lod IREMENT FOR FLAME 

PROPAGATION 
Minimum 


requirement, per cen 
Nitrogen Carbon dioxide 


TABLE 6 


Diluent in air Reference 


Fuel 
Methane 
n-Hexane. . ; 1: 
Aviation hydraulic oil.... 1 
Cutting oil 1 


~ 4H. F. Coward and G. W. Jones, U. 


14.6 
48 


16.3 
8. Bureau of Mines, Bulletin 279, 


2 Sullivan, Wolfe and Zisman, Ind. Eng. Chem., Dec., 1947, pp. 1607- 


Burgoyne and Richardson, Fuel, 28, 1949, p. 5. 

amount of data which have been determined by Sullivan, Wolfe, 
and Zisman (6) on mists of petroleam-base hydraulic fluids and 
by Burgoyne and Richardson (7) on cutting-oil mists with nitro- 
gen and carbon dioxide as the diluents. These data show that 
the minimum oxygen requirement with nitrogen as the diluent 
was about 12 per cent for gaseous n-hexane and mists of aviation 
hydraulic oil, and 14.6 per cent for a cutting-oil mist. Minimum 
oxygen concentrations were somewhat higher when carbon di- 
oxide was employed as a diluent, being 14.6 per cent and 14.8 per 
cent with methane and n-hexane, and 16.3 per cent in the cutting- 
oil mist. 


Cuanees tn CrRANKcASE AtrMospHERE DurING PRIMARY AND 
SeconDARY EXpLosions 


Although hexane is not a constituent of the crankcase atmos- 


8. Bureau of Mines, Bulletin 279, 1939, p. 70.) 


phere, in the absence of similar data on hydrocarbons in the 
lubricating-oil range, and in view of the similarity shown in 
the minimum oxygen concentrations required in gaseous hexane, 
as compared with mists of higher boiling hydrocarbons, it is felt 
that Fig. 2 may be employed to explain the changes which 
may take place in the composition of the crankcase atmosphere 
during the occurrence of primary and secondary explosions pre- 
viously mentioned. 

If the crankcase atmosphere may be visualized as a potentially 
inflammable mixture of air, charged with particles of oil, then 
referring to Fig. 2, the composition of the crankcase atmosphere 
in a normally operating engine may be represented by point A. 
With the occurrence of an overheated part, the composition may 
change along line A-B due to the vaporization and partial com- 
bustion of the oil vapor in the vicinity of the hot spot which in- 
creases the fuel concentration and reduces the oxygen concentra- 
tion. If sufficient energy can be transferred from the overheated 
part to the oil mist /air mixture before the mixture composition 
passes outside the explosive area, then a primary explosion may 
occur. 

In the event the primary explosion does not rupture the crank- 
ease and no additional air is supplied, the mixture may fall out- 
side the explosive area to point C because of a further reduction in 
oxygen concentration and increase in oil vapor. However, if the 
primary explosion has sufficient energy to force off a crankcase 
door, then the partial vacuum created by the cooling of the explo- 
sion gases will cause an inrush of air to ¢e-form an explosive mix- 
ture, which in many cases has resulted in a secondary explosion of 
greater intensity than the primary explosion. The increased 
intensity of the secondary explosion may be attributed to an 
increase in the oxygen concentration and an increased amount of 
oil in the form of vapor and condensed mist over that available 
for the primary explosion. 

From the foregoing explanation it would appear that the 
installation of properly designed crankcase-explosion relief valves, 
which will relieve the pressure created by the primary explosion 
and close to prevent the entry of outside air, will decrease the 
possibility of secondary explosions occurring. It also will be 
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realized that the occurrence of an overheated part may not neces- 
sarily result in an explosion. If there is sufficient time lag before 
enough energy can be transferred from the overheated part to the 
oil mist/air mixture, then the oxygen concentration may be re- 
duced below the minimum required for flame propagation due to 
partial combustion of the oil vapor in the vicinity of the hot spot. 
This is borne out by the fact that there have been many instances 
where the occurrence of an overheated part has not caused a 
crankcase explosion. 

In view of these considerations, it would appear that measures 
should be taken to reduce the amount of oxygen in the crankcase. 
Passing engine exhaust gases into the crankcase to reduce oxygen 
concentration has been tried in two 5000-hp marine engines (8). 
However, since analysis of the resulting crankcase gases showed 
2.8 per cent carbon dioxide and 16 per cent oxygen, this system 
was abandoned because the oxygen concentration was considered 
to be above the lower limit of inflammability for this type of mix- 
ture. The introduction of compressed nitrogen or carbon di- 
oxide has not been considered practical from an economic and 
operating standpoint. 


Exp iosion-TuBE APPARATUS 


In order to study the mechanism of crankcase explosions and to 
determine the inflammability properties of various lubricating 
oils, an explosion-tube apparatus was set up to simulate condi- 
tions found in the crankcase of a Diesel engine. A schematic dia- 
gram of the apparatus is shown in Fig. 3. In operation, oil, 
heated to any predetermined temperature, was sprayed ver- 
tically upward into an 8-in-diam steel explosion tube by a steam- 
heated Demco soft-spray nozzle located at the bottom of the 
tube. Metered air, heated to any predetermined temperature, 
was introduced in the bottom of the tube through an air-diffuser 
ring. The temperature of the oil mist/air mixture was main- 
tained at the desired value by strip heaters around the tube. 
With temperatures, oi] delivery, and air flow rate adjusted for the 
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desired mixture, low-voltage (a-c) heating current to a nichrome- 
strip igniter was turned on. If ignition was obtained, as evi- 
denced by either upward or downward propagation of flame from 
the igniter, the process was repeated at progressively lower igni- 
ter temperatures until the minimum ignition temperature was 
found. The temperature of the igniter was controlled by a 
“Variac’”’ installed in the primary side of the igniter transformer 
and measured by chromelalumel thermocouple leads spot- 
welded in the center of the igniter strip and connected to a 
potentiometer in a manner similar to that employed by Guest 
(11). Since the thermocouple leads were spot-welded 90 deg to 
the direction of current flow, and since the natural period of 
the potentiometer was lower than the 60-cycle (a-c) heating cur- 
rent, satisfactory temperature readings were obtained. 

For each run, oil flow, air flow, oil, air, mixture, and igniter 
temperatures, and ignition lag were recorded. Ignition lag was 
measured from the time the igniter current was turned on until 
ignition was observed. If ignition did not occur in 60 sec, the 
test was repeated at a higher igniter temperature, since prelimi- 
nary runs had shown that there was little probability of ig- 
nition with heating time extended beyond | min. During ignition 
tests, it was necessary to observe upward propagation of flame 
visually; however, downward propagation was always accom- 
panied by an audible report. 


MecuantsM oF oF AN Mist 


During the course of tests with the crankcase-explosion-tube 
apparatus, 16-mm moving pictures were made showing the igni- 
tion phenomena of a typical additive-type paraffinic-base oil 
mist. Several exposures were selected from these films and 
enlarged in Figs. 4, 5, and 6. The sequence of the exposures are 
arranged in the order of increasing time. Although a time base is 
not shown, the ignition lag was from 10 to 60 sec. 

Fig. 4 illustrates the ignition of an oil mist containing large 
droplets of oil by a nichrome-coil igniter heated to approximately 
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1500 F. In the initial frames, small bursts of incendiary par- 
ticles appear near the surface of the igniter, gradually increasing 
in size until a flame appears. After the appearance of flame, 
additional bursts of incendiary particles appear up to the point 
where the flame has propagated throughout the mixture. In the 
last frame, the burning particles of oil in the after-flames, follow- 
ing genera] ignition, illustrate the incompleteness of combustion 
in the initial explosion for mixtures containing large droplets of 
oil. 

Fig. 5 shows the ignition of a lean, finely divided oil mist with a 
2-in. X 1-in. X 0.02-in. nichrome-bar igniter. Minimum igni- 
tion temperature of this mixture was 1600 F. As shown in Fig. 4, 
bursts of incendiary particles were observed up to the time where 
general inflammation occurred; however, with the finely divided 
oil mist, no flames were observed on the igniter during the ignition 
lag. The absence of incendiary particles in the afterburning 
flames, following general ignition (see last frame, Fig. 5), indicates 
that combustion may be more complete in the finely divided mist 
than in mixtures containing large droplets. 

With richer mixtures where the minimum ignition temperature 
of the finely divided oil mist /air mixture was below 1500 F, no 
incendiary particles were observed prior to or after general in- 
flammation. Fig. 6 shows consecutive exposures of a finely 
divided mist where the minimum ignition temperature was 1450 
F. Although the ignition lag for this mixture was essentially the 
same as for mixtures containing large droplets or for lean mix- 
tures of fine particle size, no incendiary particles were observed 
up to the time of general inflammation. The pictures show that 
ignition started near the surface of the igniter and spread progres- 
sively throughout the mixture. 5 

Although not shown in these illustrations, considerable quanti- 
ties of white smoke (condensed oil vapor) were observed in the 
explosion tube prior to general ignition. During ignition tests it 
was impossible to obtain ignition in the white-smoke atmosphere 
with a heated surface when the oil injection was turned off; how- 
ever, the condensed mist appeared to propagate a flame once 
ignition was initiated in the oil mist/air mixture. In enclosed 
crankeases, where the engine has stopped, it may be possible 
that an overheated part could produce sufficient quantities of 
condensed mist to form an inflammable mixture which would 
propagate a flame. 

The extreme heterogenity of the mixture in the crankcase 
explosion tube may account for the various phenomena observed 
in the illustrations shown. The bursts of incendiary particles, 
the appearance of flame on the igniter, and the presence of con- 
densed oil vapor, before general ignition occurred, indicate that 
several events occurred simultaneously in the mixture. The 
mechanism of inflammation in a Diesel-engine crankcase is 
undoubtedly similar in many respects to that in the cylinder of a 
Diesel engine as described by Elliot (9), and others. If a volume 
of the mixture in the vicinity of the igniter could be analyzed 
completely prior to ignition, it possibly would contain areas 
where droplets of oil were in contact with air, vaporized oil and 
no air, products of thermal decomposition, partial oxidation, and 
completed combustion. In addition, there would be areas where 
oil vapor, condensed oil vapor, and /or products of thermal decom- 
position, partial oxidation, and completed combustion were 
mixed in varying proportions with air. The incendiary particles 
indicate regions where a mixture of these components is in an 
inflammable range. Only after an appreciable time lag does the 
physical agitation, the vaporization, partial oxidation, and ther- 
mal decomposition of the oil particles result in an inflammable 
mixture which, upon ignition, will give up sufficient energy to the 
surrounding medium for the flame to propagate throughout the 
whole mixture by the vaporization, and subsequent ignition of 
the adjacent oil particles. 


As will be seen from the data which follow, there are many 
variables which affect the temperature at which ignition occurs. 


Ionrrion Temperature or Or Mists 


Fig. 7 illustrates typical minimum ignition temperature versus 
oil /air ratio data for an additive-type paraffinic-base oil at a mix- 
ture temperature of 250 F and air-flow rates of 0.5, 1.45, 2.38, and 
3.32 Ib of air per min, respectively. The plotted points repre- 
sent only the minimum ignition temperatures observed for 97 


Ol. / AIR RATIO 


Fic. 7 Minimum lIenrrionw Temperature Versus Or Ratio 


(Additive-type paraffinie-base oil; mixture temperature 250 F; 2.0-in. x 
1.0-in. X 0.02-in. nichrome igniter.) 


runs (approximately 400 individual tests) using a 2-in. X 1-in. 
x 0.42-in. nichrome igniter, from the lower limit of infamma- 
bility co the richest mixture which could be obtained with the 
apparatus. From an oil/air ratio of 0.02 to the maximum obtaina- 
ble at each air flow, the minimum ignition temperature was 
found to be 1400 F for air flows of 0.5, 1.45, and 2.38 Ib of air per 


min, and 1500 F for 3.32 lb of air per min. At oil/air ratios 
approaching the lean limit, the minimum ignition temperatures 
increased very rapidly. For oil/air ratios approaching the 
upper or rich limit, the same increase in minimum ignition 
temperature would be expected; however, due to limitations in 
equipment, this could not be verified. Except at lean oil/air 
ratios, a majority of the points indicated a minimum ignition 
temperature of 1500 F; however, at the lower air flows, enough 
points were obtained at 1400 F to establish this value as the proba- 
ble true minimum ignition temperature in these cases. An 
envelope curve has been shown to define the areas for explosion 
and no explosion at all conditions employed. 

These data emphasize the necessity of conducting many tests 
to establish minimum ignition temperature within close limites. 
On other oils where fewer tests were conducted, it is probable 
that the minimum ignition temperatures reported may be as 
much as 100 F higher than the true values. 

Effect of Mixture Temperature on Minimum Ignition Tempera- 
ture. To illustrate the effect of mixture temperature on mini- 
mum ignition temperature, envelope curves are shown for a high- 
flash-point additive-type paraffinic-base oi] and a low-flash-point 
naphthenic-base oil at mixture temperatures of 150 F and 250 F 
in Fig. 8. These data indicate that on an over-all basis, no 


1 
j 
0.42 FT/SEC 

‘wa 

q 
— 

1500 
J 

| | | | | 

° 04 08 08 
# 

; 

; {a 


16 TRANSACTIONS OF THE ASME 


—— MAPHTMENIC BABE On 


i600 
1400 riper, 


Ou. / AIR RATIO 
Fie. oe Mixture Temperature on Minimum lonrtion 


TEMPERATURE 
(Envelope curves for air flows 0.5-3.32 Ib per niin.) 


T 


TYPE 


va 


os is 20 25 3.0 as 
AIR FLOW, MIN. 


Fic. 9 or Mixture Temperature anp Aik Flow on 
Minmum lonrrion Temperature at 0.025 Ov/Am Ratio 


appreciable differences were found in minimum ignition tempera- 
ture for the two oils at the same mixture temperature. A 
decrease of 100 F in mixture temperature produced a corre 
sponding increase in minimum ignition temperature for both oils 
from an oil/air ratio of 0.02 to 0.058 Ib of oil per Ib of air, and 
increased the lower limit of inflammability from 0.013 to 0.017 
Ib of oil per Ib of air. 

Effect of Air Flow on Minimum Ignition Temperature. Fig. 
shows the effect of mixture temperature and air flow on minimum 
ignition temperature for the same oils discussed in the foregoing 
at an oil /air ratio of 0.025 lb of oil per Ib of air. As in Fig. 8, the 
minimum ignition temperature for the two oils was essentially 
the same. For air flows of 0.5 and 1.45 |b of air per min, a de- 
crease in mixture temperature from 250 F to 150 F raised the 
minimum ignition temperature of the two oils from 1400 F to 
1500 F. Above 1.45 Ib of air per min, the 100 F reduction in 
mixture temperature increased the minimum ignition tempera- 
ture from 1500 F to 2000 F. The effect of air flow on minimum 
ignition temperature of the two oils was considerably greater at 
150 F mixture temperature than at 250 F. 

Effect of Igniter Size on Minimum Ignition Temperature. The 
minimum ignition temperature versus oil/air ratio envelopes, 
illustrated in Fig. 10, indicate a decrease in minimum ignition 
temperature from 1400 F to 1300 F when the length of the igniter 
was increased from 2 in. to 4 in. and 6 in. With a 10-in. igniter, 
the minimum ignition temperature was reduced to 1200 F. 
Owing to limited transformer capacity, the data for the 4-in., 
6-in., and 10-in. igniters were obtained at air flow rates of 0.5 to 
1.45 Ib of air per min. 

The data shown in Figs. 8, 9, and 10 suggest that, with addi- 
tional increases in mixture temperature and igniter size, the mini- 
mum ignition temperature should approach the autogenous igni- 
tion temperature of the oil: that is, as the conditions for the 
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transfer of heat from the point of ignition become less favorable, 
the mixture will ignite at a lower igniter temperature (10). 
This same reasoning may be employed to explain the large dit- 
ferences between the minimum ignition temperatures obtained in 
the explosion tube and ASTM autogenous ignition temperatures. 
For example, additive-type paraffinic-base oil showed 1400 F in 
the tube and only 785 F by the ASTM test. 

Minimum Ignition Te~perature of Various Oils. In order to 
determine if there wer ~ appreciable diffi in mini 
ignition temperatur ‘ide range of lubricating oils, test« 
were run using a. X 0.02-in. nichrome igniter at an 
oil /air ratio of '- d per Ib of air, an air flow of 1.45 lb of 
air per min, mixture temperature. Table 7 shows 
summary resu wtese tests. It will be noted that with the 
exception of ... containing tetraethy! lead, all of the wide 
variety of samples investigated showed minimum ignition 
temperatures of 1400-1500 ¥. These values are considered to be 
checks, as pointed out previously. 

Effect of Fuel Dilution on Ignition Temperature. Since fuel 
dilution in Diesel engines is a frequent occurrence, it is in order 
to consider it» potential danger in light of the data presented in 
Table 7. These and additional data have been plotted in Fig. 1! 
to show the effect of fuel dilution on flash point, autogenous igni 
tion, and minimum ignition temperatures. From 0 to 20 per 
cent dilution, a sharp drop in flash-point temperature (475 F to 
325 F) was accompanied by a gradual decrease in autogenous 
ignition temperature (775 F to 750 F), while the minimum igni- 
tion temperature remained essentially the same. With a*di- 
tional dilution, the flash-point and autogenous-ignition tempera- 
tures decreased gradually to values of 215 F and 590 F, respec- 
tively, for 100 per cent Diesel fuel. Since dilution in excess of 20 
per cent is outside the range of practicability, it is indicated that 
normal fuel dilution will have no significant effect on crankcase 
explosions. 

Temperature Distribution Around Igniter. During the course 
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TABLE 7 SUMMARY OF PHYSICAL PROPERTIES AND MINIMUM IGNITION TEMPERA- 
TURES OF VARIOUS OILS TESTED 


Flash 
Naphthenic-base vils: 

RL-49-799 . 875 
BR.z-49-3706 385 
BRL-8-7101 395 
BRL-8-4504 395 
BRL-49-2427 is 
BRL-5-3315 -. 410 
BRL-2-4212 425 

Paraffinic-base vil» 
ER-2-3802 410 
BRL-7-10169 470 

L-8-259 490 

BRL-7-7357 505 
BRL-7-1969 500 

Additive-type paraftinic-base oils: 
BRL-8-4841.... 430 
PA-21377 430 
BRL-8-2887 440 
BRL-5-5205 
BRL-8-2134 465 
BRL-1-4598 ‘ 435 
BRL-49-2425 475 
BRL-49-2425 + 12 mil tel/gal..... 485 

Additive-type paraffinic-base oil + 

Diese! Tiel: 

BRL-49-2425 + 5% PA-21338 400 

BRL-49-2425 + 10° PA-21338 " 300 

BRL-49-2425 + 15% PA-21338.... 300 

BRL-49-2425 + 20% PA-21338 260 
Diesel fuel 

205 


Vis. 8U Autog M 
at 210 F ignition ignition 
temp, deg F temp, deg F* 
48.5 745 1400 
49.8 755 1500 
545.0 7 1500 
60.3 775 1500 
72.5 7 1500 
76.3 805 1500 
92.0 810 1500 
45.3 730 1500 
4.9 785 1500 
67.7 1500 
79.5 1500 
93.2 795 1500 
30.0 710 1500 
55.9 760 1500 
65.5 780 1500 
80.2 780 1500 
99.3 815 1500 
64.0 780 1500 
81.4 765 1400 
81.4 795 1200 
780 1500 
730 1500 
725 1500 
735 1500 
545 


* Minimum ignition temperatures obtained in crankcase-explosion tube, 2-in. X l-in. X 0.02-in 


nichrome igniter, 250 F mixture temperature, oil /air ratio —0.0269, air flow 1.45 Ib per min 
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Fic. 11 Errect or Dreser Ditvtion on Frasn Port, 
Avtocenovs IentTIon, AND Minimum IontT1ION TeMPEeRATURE 


of the work reported herein, horizontal and vertical temperature 
traverses were made on a 2-in. X 1-in. X 0.02-in. nichrome igni- 
ter heated to 1500 F to estimate the temperature distribution 
around the igniter during the ignition tests previously described. 
From the temperatures measured at an air flow of 0.5 Ib of air per 
min (0.427 fps), and an air temperature at the edge of the tube of 
215 F, the temperature~distribution envelope, illustrated in Fig. 


Fie. 12) Temperature Disreisvtion ror 2-In. X 1-In. 0.02- 
In. Nicurome Ionrrer 


(Igniter temperature 1500 F; mixture bey yt ys 215 F; air fow 0.5 Ib 
per min.; air velocity 0.427 fps.) 


12, was drawn. As illustrated, the temperature decreased ap- 
proximately 1000 F '/; in. away from the igniter on all sides. 
Due to convection currents and air flow, the 300 F tempera- 
ture point was found to be approximately 4 in. above the top 
edge of the igniter, as compared to approximately 1'/; in. at the 
side. From this figure the isotherm temperatures were plotted 
in Fig. 13 against the volumes enclosed by various isotherms. 
This curve may be employed to estimate the volume of inflam- 
mable oil vapor in the vicinity of the heated igniter. 
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Example: For an oil having a flash point of 500 F, there may be 
2.3 eu in. of inflammable oi) vapor /air mixture around the igniter; 
whereas, for an oil having a flash point of 400 F, there may be 6.8 
cu in. of inflammable oi! vapor/air mixture. As mentioned ear- 
lier, if the flame velocity is greater in an oil vapor/air mixture 


1200 
1100 
— 
for Moving Flesh Point Of There 
May Be 2.3 Cubic inches OF infiamme bie 
1000 Ol! Vapor / Air Mixture Around ignitor 
‘Where Ae For An Oli A Flesh Point 
Of 400°F There Be € & Cudie Inches 
Of inflammeabie Oli / Alt Winture 
Around ignitor. 
900 
@00 
600 
400 
woo 
10 1S 20 26 


VOLUME , CUBIC INCHES 
Frio. 13°) Temperarure Grapient Votume Arounp 2-In. 1-IN. 


0.020-In. lanrrer 
(Heated to 1500 F; mixture temperature 216 F; air flow 0.5 lb per min.) 


than in an oi] mist/air mixture, the intensity of an explosion 
with the 400 F flash-point-temperature oil possibly would be 
greater than that for the 500 F flash oil, As also mentioned 
earlier, no difference in minimum ignition temperature could be 
deterted between oils such as those mentioned in the foregoing. 


SUMMARY 


In this report, the crankcase atmosphere of a normally operat- 
ing Diesel engine burning liquid fuel was not found to be com- 
posed of explosive gases or an appreciable amount of oil vapor, 
but of a potentially inflammable mixture of air charged with par- 
ticles of oil sprayed and thrown from the moving parts of the 
engine. With oils commonly employed for Diesel lubrication, only 
negligible quantities of oil vapor are present until the heat 
evolved by some overheated part or flame vaporizes sufficient 
quantities of oil particles to form, locally, an inflammable mix- 
ture of oil vapor and air. 

The crankcase atmosphere of dual-fuel engines examined to 
date do not appear to be significantly different from engines burn- 
ing 100 per cent liquid fuel. Although up to 3.5 per cent (by 
volume) inflammable gases were found in these engines, the con- 
centration was too low to be in the inflammable range. How- 
ever, it should be realized that increased blow-by of natural gas 
due to increased ring wear and piston clearances possibly could 
result in inflammable gas/air mixture in addition to the poten- 
tially inflammable oil mist /air mixture. 

The formation of condensed oil mist by the vaporization of oil 
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impinging on an overheated surface may contribute substan- 
tially to the formation of an inflammable mixture in the crankcase 
when the engine is shut down. 

On a weight basis, the lower limit of inflammability of a finely 
divided oil mist would be expected to be essentially the same as 
for the oil in the form of a vapor. It was also indicated that the 
lower limit of inflammability of a lubricating-oi) mist compared 
very well with that of vapors of lower-flash-point hydrocarbons. 

Lowering the per cent oxygen concentration in a Diesel-engine 
crankcase should resuit in narrowing the inflammability limits of 
an oil mist/air mixture or an oil mist-natural gas/air mixture 
until a minimum oxygen concentration is reached (approximately 
12 per cent), below which flame will not propagate. 

The occurrence of an overheated part in a Diesel-engine crank- 
case may not necessarily result in a crankcase explosion. If there 
is sufficient time lag before enough energy can be transferred 
from an overheated part to the oil mist/air or oil mist-natural 
gas /air mixture, then the oxygen concentration may be reduced 
below the minimum required for flame propagation. 

Because of the extreme heterogenity of the mixture in the 
crankease, the mechanism of ignition is undoubtedly a very com- 
plicated process. With a surface heated to 1400-1500 F in an oil 
mist /air mixture, simulating that in a Diesel crankcase, there is 
an appreciable delay before general ignition occurs during which 
several events are occurring simultaneously. Only after this 
time lag does the physical agitation, vaporization, partial oxida- 
tion, and thermal decomposition of the oil particles in the presence 
of air result in an inflammable mixture, which upon ignition, will 
give up sufficient energy to the surrounding mixture for the flame 
to propagate throughout the whole mixture. Although there 
were no significant differences in ignition delay between mixtures 
containing large droplets and mixtures having a finely divided oil 
mist, combustion appeared more complete in the finer-particle- 
size mists. 

The minimum ignition temperature of Diesel lubricating-oil 
mists in the crankease-explosion-tube apparatus was found to be 
1400-1500 F, except for very lean mixtures where the minimum 
ignition temperature increased very rapidly. This same increase 
in minimum ignition temperature would be expected for mixtures 
approaching the rich limit; however, this could not be verified 
due to limitations in apparatus. 

Over a wide range of oil/air ratios, the minimum ignition tem- 
peratures were lowered by decreasing the air flow and by increas- 
ing the mixture temperature and igniter size. With further in- 
creases in mixture temperature and igniter size, the minimum 
ignition temperature would be expected to approach the ASTM 
autogenous ignition temperature of the oil. As the conditions 
for the transfer of heat from the point of ignition become less 
favorable, the mixture will ignite at a lower igniter temperature. 
Conversely, it is indicated that improving the conditions for the 
transfer of heat from the point of ignition will reduce the ten- 
dency for the occurrence of crankcase explosions. 

From the data obtained with the crankcase explosion tube, no 
significant differences were found in the minimum ignition tem- 
perature of oils commonly employed for Diesel lubrication, nor 
was there any appreciable lowering of the minimum ignition 
temperature when the oil was diluted with up to 20 per cent 
Diesel fuel. 

In view of these observations, it would appear that, as long as 
inflammable lubricants are employed for Diesel lubrication, a 
potentially dangerous situation exists. At the present stage of 
the art, apparently little can be done from a lubricating-oil or 
fuel standpoint to prevent Diesel-engine crankcase explosions. 
It is suggested that the problem might best be attacked by fur- 
ther critical studies of maintenance procedures and continued 
refinements in engine design. 
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Discussion 


R. L. Borer® anp T. O. Kurvinen.* This paper indicates 
that a great deal of effort has been put forth investigating actual 
explosions and setting up laboratory equipment to study the na- 
ture of crankcase explosions. The paper is quite complete and 
needs no comment concerning the investigation details. 

The author’s conclusions include recommendations for refine- 
ments in engine design to minimize the risk of such explosions. 
As engine designs are improved and lubrication is improved, the 
danger of hot spots is reduced materially; however, hot spots 
cannot be eliminated. Therefore the engine designer is faced 
with three probable choices as a means to minimize the dangerous 
effect resulting from crankcase explosions. He can endeavor to 
build engines in such a way that air is eliminated completely 
from the crankcase so that no oxygen is available to support com- 
bustion when a hot spot vaporizes the oil droplets. ‘Lhe designer 
can build the engine crankcase strong enough to withstand the 
pressure caused by crankcase explosion so that the crankcase will 
not burst, endangering operating personnel or risking fire damage 
to property surrounding the engine. 

A third approach which is the most practical for large engines 
is to install a properly designed explosion-relief valve. Such a 
valve should relieve the pressure caused by the explosion and 
thus avoid crankcase failure, and at the same time, the valve 
should prevent an inrush of air and eliminate the sometimes more 
violent secondary explosion. We believe that all means possible 
should be employed to avoid allowing air to get into engine crank- 


* Vice-President and Chief Engineer, The Cooper-Bessemer Cor- 
poration, Mt. Vernon, Ohio. Mem. ASME. 
* Chief Engineer's Assistant, The Cooper-Bessemer Corporation. 


cases during normal operation. This keeps the oxygen content 
to a minimum and reduces the severity of the primary explosion. 

To determine the amount of relief-valve' area required to re- 
duce the explosion peak pressure to a value low enough to suit the 
design strength of the crankcases a large bomb was constructed 
to which could be fitted relief valves of various sizes. An explosive 
mixture was introduced into the bomb and fired by spark igni- 
tion, and the peak pressure as well as the residual pressure, after 
the relief valve had acted, were determined. Table 8, herewith, 
shows these results. 


TABLE 8 RESULTS OF EXPLOSION TESTS 


Crankease volume, Pressure after 
cu ft per sq in. Expl Pp losi 
Relief-valve area psig psig 
3 37 -—-3.5 
1.5 33 —3.5 
1 28 —3.5 
0.75 25 —3.5 
0.6 20 —2.5 


These data were used as a guide for the design of suitable 
equipment for all engine models built by the writers’ company. 
Since the company sells engines for marine applications, we are 
required to meet the rules of the American Bureau of Shipping 
which specify 1 sq in. or more for each 2 cu ft of crankcase vol- 
ume. In most of our designs it was possible to apply enough 
valves to keep the peak pressure between 30 and 33 psi. 

The valve design adopted consists of a special crankcase access 
door having ports fitted with steel strip valves and a bent strip 
spring. The valve and spring are thin and of very light weight 
so that they can close quickly, preventing an inrush of air as the 
explosion subsides, A valve guard is mounted to retain the spring 
and to provide a stop for the strip valve. Over the guard is 
mounted a cast-iron hood with a large opening at the bottom 
which deflects the flame downward. This is designed to safe- 
guard personne! nearby from being burned should an explosion 
occur. 

Such a design with quick-closing strip valves is not a good seal 
to prevent leakage of crankcase oil. Therefore a very thin gasket 
is installed between the hood and the valve guard. This effec- 
tively seals the valve assembly from oil leakage and yet it rup- 
tures easily when au explosion occurs. It is a simple matter to 
replace this gasket with a new one after the cause of the explosion 
has been determined and corrected. 

This type of design costs very little, does not detract from the 
appearance of an engine, and is highly effective in relieving ex- 
plosions when they occur. 

The important point in the design of a relief valve is to keep 
the inertia of the valve strips and the valve springs to an absolute 
minimum so that the valves can close quickly as the pressure of 
the explosion subsides, Thus the risk of the violent secondary 
explosion when the primary explosion ruptures the sealing gaskets 
is eliminated, 

We must recognize that crank explosions will occur as long 
as engines have metallic surfaces separated by a film of lubricat- 
ing oil. Oil droplets are suspended in the crankcase atmosphere 
and no one can guarantee that the metallic surfaces can always be 
separated by an oil film and prevent hot spots, The protective 
means just described to reduce the effect of explosions when they 
occur is the best solution in combating this problem. 


F. V. Coox.? Many tests made with a combustilile-gas indi- 
cator by employees of the writer's company indicate that al! 
four-cycle engines carry the same mixture in the crankcase (in the 
space between the oi] drops) as is being compressed by the pis- 
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tons. The combustible-gas indicator indicates the percentage of 
fuel in relation to the lower explosive limit unless used with the 
proportioner. When operating on liquid fuel without a vent, 
only a trace of combustible gas was shown, but this increased to 
50 per cent of a combustible mixture within 2 hr after admitting 
gas fuel. This was practically the same mixture that was being 
compressed because the air was not throttled to the engine and 
it was not fully loaded. The engines were new and there was no 
blow-by that was detectable by other means. Tests of four-cycle 
~park-ignited gas engines that are air-throttled to maintain an 
explosive mixture have all shown an explosive mixture in the 
crankease. ‘lwo-cycle engines do not show the same mixture, no 
doubt because blow-by from the pistons passes out the ports. 
Most Diesel-engine operators maintain their engines to the 
best of their ability and must continue to use old engines that 
were not designed for withstanding pressures of even 30 psi. 
These engines and the operating personnel! can be protected only 
by an adequate number of low-pressure relief valves. There have 
been too many crankcase explosions, which did not rupture paper 
blowout disks, to depend upon only a few explosion-relief valves. 


A. R. Gatewooo" The question of fuel-oil dilution within 
the crankcase of a Diese] engine has always been raised after an 
explosion has occurred. Fairly recently, however, there has been 
an explosion of a completely enclosed crankcase on a reciprocat- 
ing steam engine and in this case fuel dilution, of course, could 
have played no part whatsoever. Therefore it is quite ratifying 
to find that the author's investigations show that, even with 
as much as 20 per cent fuel dilution, there is no appreciable in- 
crease in hazard. 

With regard to safety relief valves or doors, the author states 
that some installations have performed in a satisfactory manner 
while some accident reports have shown inadequate design and /or 
installation of these devices. It is felt that sufficient experience 
with the use of these devices has been obtained to point out at 
least some of the inadequacies. Tests have shown that the pres- 
sure build-up due to a primary explosion is proportional to the 
length of flame propagation. It is obvious, therefore, that the 
pressure-relief devices should be distributed along the entire 
length of the crankcase, preferably in way of each crank throw, 
in order to hold the distance to the nearest relief device to a mini- 
mum, no matter where the origin of the source of ignition. The 
valves also should be designed to relieve under very light loads, 
substantially less than is required to derange any other part of the 
crankcase, It is entirely possible to accomplish this and still 
have the arrangement oiltight. 

It is believed that a design which will prevent oil seepage 
around the valves is of considerable importance because, in at least 
one case, in an effort to stop the oil seepage, the tension on the 
valve springs had been increased to such an extent that the doors 
blew off with disastrous results and the valves had not opened. 
In another case it was reported that shellac had been used around 
the valves to stop the oil seepage with the same disastrous results. 
In at least two other cases when painting the crankcase, the ex- 
plosion-relief valves had also been painted, and the bond was 
sufficiently tenacious to prevent the valves relieving so that doors 
were blown off. 

On the other hand, several cases have been recorded where the 
valves functioned properly and the only evidence afterward to 
show that an explosion had occurred was slight discoloration of 
the paint around the relief valves. 

It has not been the custom to fit explosion devices on the 
smaller engines, the theory being that the customary crankcase 
construction would be strong enough to withstand the explosion 
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pressure. However, with the trend toward lightweight-engine 
designs, consideration must be given to the strength of the crank- 
case to insure that it will be explosion-proof. 

In a very large percentage of both marine and railway explo- 
sions the following sequence of events has been reported. Trouble 
was indicated because of the presence of white smoke, noise, or 
some similar unusual occurrence and the engine was shut down. 
An inspection plate was opened or a door removed and the ex- 
plosion occurred. The author states that during ignition tests it 
was impossible to ignite the white-smoke atmosphere with a 
heated surface when the oil injection was turned off, but that the 
condensed mist would propagate a flame once ignition was ini- 
tiated, 

It seems difficult to reconcile this statement unless, as stated in 
the Summary, there was sufficient time lag in energy transfer 
to reduce the oxygen concentration within the crankcase below the 
minimum required for flame propagation until an opening was 
provided to admit additional oxygen. It will be appreciated if 
the author would care to comment on whether he feels this is in 
agreement with his views. 


Autuor’s CLosuRE 

The discussion of this paper by Messrs. R. L. Boyer, T. O. 
Kuivinen, F. V. Cook, and A, R. Gatewood brings out several 
important facts which should be given consideration by both 
manufacturers and operators of Diesel engines to prevent or 
alleviate crankcase explosions. 

The continued improvements in the design and manufacture 
of Diesel engines will undoubtedly reduce the formation of hot 
spots. However, since hot spots cannot be completely elimi- 
nated, the installation of safety-relief valves, particularly in large 
engines where it is not practical to build a crankcase strong enough 
to withstand the force of an explosion, is considered the most 
satisfactory approach to alleviate the effects of an explosion once 
it has occurred. The design and location of these devices will 
depend to some extent on engine configuration and will possibly 
require dynamic testing to determine if they are effective. Con- 
sideration should also be given to Mr. Gatewood’s comments 
stressing the importance of maintaining these valves where they 
are installed. 

The ventilation of Diesel crankcases has been a subject of con- 
siderable controversy. However, in line with Mr. Boyer and 
Mr. Kuivinen’s comments, it is believed that in so far as possible, 
the flow of air through the crankcase should be held to a minimum 
to reduce the amount of oxygen which should be available for 
combustion. 

Mr. Cook’s comments indicate that the gaseous atmosphere of 
four-cycle dual-fuel and gas engines was essentially the same as 
that compressed in the cylinders. This is in line with data pre- 
sented in this paper. Because of the safety hazards involved and 
other considerations, as well as the nonavailability of natural gas 
at the time the experimental work was conducted, no ignition 
tests were performed on oil mists in inflammable natural gas-air 
mixtures, However, tests* conducted by the U. S. Bureau of 
Mines may indicate the ignitibility of such mixtures. 

In the afore-mentioned tests it was found that “three grades 
of petroleum oil ignited at 864 C (1587 F) when dropped on a 
nickel bar (18 B & S gage, '/: in. wide, electrically heated) in air, 
but in a 7 per cent mixture of natural gas in air they (the oils) 
inflamed and ignited the natural gas only when the bar was 
heated to 935 C (1714 F). This was 35 C lower than the tempera- 
ture required to ignite a 7 per cent natural gas-air mixture alone 
by the bar.” These experiments indicated that while the pres- 
ence of burning oil on the heated surface may aid in the ignition 


* “Ignition of Natural Gas-Air Mixtures by Heated Surfaces,"’ by 
P. G, Guest, U. 8. Bureau of Mines, Technical Paper 475, 1930. 


q 
4 
° 
4 
| 
| 
dit 
at | 
; 
4 
4 
j 
i 
3 


FERGUSON—DIESEL ENGINE CRANKCASE-EXPLOSIVE INVESTIGATION 21 


of natural-gas mixtures, the chance for ignition of the oil itself 
is lessened by the presence of natural gas. 

In effect, the presence of natural gas in the crankease of a dual- 
fuel engine may result in increasing the minimum ignition tem- 
perature of the oil mist. At the present time there are no data 
available which would indicate the effect of natural gas on ignition 
temperatures, ignition lag, flame speed, or explosion pressures in 
cil mist-air mixtures under the conditions found in a Diesel-engine 
crankcase. 

Mr. Gatewood's question on our reported inability to obtain 
ignition of condensed oi] mist in the crankcase explosion-tube 
apparatus may be explained on the basis that the concentration 
of condensed mist which could be produced in the open tube was 
below the lower limit of inflammability. Also the convection 


currents produced by the heated surface prevented sufficient quan- 
tities of the finely divided oil particles from coming in contact 
with the igniter once the production of white smoke was stopped 
due to shutting off the injection of oil. As discussed in the paper, 
it would be expected that in an enclosed engine where large drop- 
lets or a stream of oil continually played on an overheated part, 
the white smoke thus produced would propagate a flame once 
ignition were initiated at the surface of the heated part. 

The authors would like to acknowledge the comments offered 
by the afore-mentioned discussers, Also to acknowledge the 
contributions that have been made by the Navy Department, the 
Diesel Engine Manufacturer's Association, and their member 
organizations in the continued improvement of Diesel engines to 
insure their safe operation, 
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Electric Control of Air-Flow Porosity in 
Plastic Sheet Materials 


By J. J. SURAN,' NEW YORK, N. Y. 


In the application of plastic sheet materials to commer- 
cial uses, one of the serious objections which often arises 
is the impermeability of the material to fluid flow. It is 
thus desirable to devise a process which permits the con- 
trol of porosity in sheet materials. Such a process, as a 
matter of fact, has been developed by the author’s com- 
pany, and is commercially known as “electroventing.”’ 
Electroventing ists of passing electric sparks through 
the sheet material in such a manner as to produce a de- 
sired distribution of holes, and holes of a specified size. 
The combination of size of holes and number of holes will 
determine the fluid-flow characteristics of any material. 
This paper deals specifically with air flow through plastic 
sheet materials, together with an account of how the por- 
osity may be controlled by electroventing. 


Types or Air 


NE of the standard instruments used to measure air 
flow through sheet materials is the Gurley densometer.* 
An oversimplified, but action-equivalent diagram of this 

instrument is shown in Fig. 1. The 
piston P of weight W is free to move, 
downward. If no material were to 
block the displacement of air from 
the underside of the piston, and if 
there were negligible frictional resist- 
ance to the piston motion by the sur- 
rounding cylinder, the piston would 
fall with a continuous acceleration of 
32 fps per sec. However, if a porous 
material is placed in the way of the 
piston, and if it is assumed that the sealing is perfect, i.e., that 
air cannot escape from the enclosure except through the porous 
area A; of the sheet material, then the fall of the piston will be 
impeded by the resisting pressure of the entrapped air. The dy- 
namic equation of motion is 


Fie. 1 


where W is the weight of the piston, p is the pressure of the air, 
A is the area of the piston face exposed to the air, g is the gravita- 
tional constant, v is the downward velocity of the piston, and 
R is the resistance offered by the area A; to the motion of the 
air. 

Now suppose the existence of an equilibrium condition where 
the air flow through A; reaches and maintains a constant velocity; 

hence 


1! Engineer, J. W. Meaker & Compan 

* Produced by the W. & L. E. uke Shonen. Dems N.Y. 

Contributed by the Rubber and Plastics Division and presented 
at the Semi-Annual Meeting, Toronto, Ont., Can., June 11-15, 1951, 
of Tae American Society or MECHANICAL ENGINEERS. 

Nore: Stat its and advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
February 15, 1951. Paper No. 51—SA-2. 
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dy 
and Equation [1] becomes 


If we consider air as an ideal fluid, i.e., incompressible, then 
Bernouilli’s law of energy equilibrium end the equation of con- 
tinuity may be applied to p and », respectively, in Equation [2]. 


om 


where g is a volumetric rate of flow, and w is the fluid specific 
weight (0.075 lb per cu ft for air at 65 F and 29.95 in. Hg). Sub- 
stituting Equations [3] and [4] into Equation [2] results in 


+ oRaqg— cA,\Wa=0.............. (5) 
where 


Equation [5] describes the flow of an ideal fluid through an area 
A; when the fluid motion caused by the force W is restrained by 
the orifice size A, and by resistance encountered as a result of 
motion through A,. When R = 0, Equation [5] reduces to 


where A is the fluid head. Equation [6] is familiar as the ex- 
pression relating to simple orifice flow. If Equation [5] is solved 
for the rate of flow, ¢ 

* V + 40A,\Wa........ (7) 


“2 
Now let us consider the rate of flow q for two values of W, ie., 
let us determine how gq changes for changes in W. Defining y as 
the ratio 9,/q: corresponding to W, and W;, we get 


 —oRa Vorka + 


—oRa « + 
If oRa = X, then 
(8a) 


Equation [8a] is the condition for simple orifice flow as defined 
by Equation [6]. Equation [8b] is the condition for simple re- 
sistance flow as would result when the pressure term in Equation 


v 
a: 
Az 
a A?, @ wA;? 
; { a 
W dv 
W— pA, + Rv {1] 
3 
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{[2| becomes negligible. Equation [8b] may be proved by ex- 
panding the radical terms in Equation [8], using the binomial 
expansion and then finding the limit as 

From this analytical approach it becomes apparent that not 
only the rate of fluid flow, but also the nature of fluid flow through 
plastic sheets may be controlled by variation of the term z = 
oRa in Equation [8]. Control of the character of fluid flow may 
be important in such application as diaphragms, filters, food 
containers, ete. The fact that fluid flow does change between 
the limits defined by Equations [8a] and [8b] may be shown ex- 
perimentally. Table 1 gives the results of Gurley densometer 
tests on various types of plastic surfaces which had been electro- 
vented. 7, and 7’ are the times required to pass 50 cc of air 
under the pressure of a 5-oz and a 20-02 piston, respectively. 
The ratio of 7/7 illustrates the results derived by Equations 
{8a} and [8b]. Using Equation [7] and calculating 7, A;, and W 
as constants of the densometer, the resistance term R and the 
area term a may be calculated by simultaneous equations. The 
last column of Table 1 lists the experimental R terms. Column 
5 of Table 1 lists the calculated individual hole diameters. Since 
Equation [7] is based on idealized fluids, a correction factor 
was employed in the recorded diameter. (The assumption of 
idealized flow introduced an error of 20 per cent in the theoretical 
calculation of diameters.) The diameters after which super- 
scripts* appear in column 5 were checked by actual measurement 
and it was found that the empirically calculated values were 
within * 10 per cent of the actual measured values. 

TABLE 1 RESULTS OF DENSOMETER TESTS 
Calculated Calculated 
Tb-see /in 


ratio in 


3. 38 


wecedSe 
sé 


were checked by nd found to be within « 


* These values 
10 per cent of the measured values. 


When the ratios of Table 1 are plotted against the pore diame- 
ter, an interesting result is noted. Examination of Fig. 2 re- 
veals that the simple orifice-type flow expressed by Equation 
6] prevails for holes whose diameters are greater than 8 mils. 
The resistance term of Equation [7] enters the flow character- 
istic when the hole size is reduced from 0.008 in. diam. Sharpest 
transition between frictional-type flow and orifice-type flow occurs 
between pore diameters of 0.002 and 0.004 in.; this range exhibits 
both characteristics in roughly equal degree. The dotted portion 
of the curve in Fig. 2 is the extrapolated region of the experi- 
mentally derived curve, and would indicate that predominantly 
frictional-type flow begins to occur in the region of 0.001 in. hole 
diam. When the 7/7» ratio was taken for unvented Kraft 
paper, a ratio value of 4.0 was obtained. Electroventing the 
paper with holes of approximately 0.005 in. diam reduced the 
ratio to 2.3. With the electrovented paper cascaded in several 
plies, the ratio was increased until almost pure frictional flow 
was again obtained. This phenomenon is graphically illustrated 
in Fig. 3 where applied pressure is plotted against constant flow 
rates for both natural and electrovented paper of various plies. 

It follows that if plastic sheeting is made to act like paper in air 
flow, numerous holes of 0.001 in. diam or less must be electro- 
vented into the plastic sheet. In many cases, frictional-type flow 
is more desirable than orifice flow, for the former responds more 
readily to changes in head. Thus, if a plastic sheet contains a few 
holes of 0.008 in. diam, which give it an air porosity of A, and 
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another sheet contains many more holes of 0.001 in. diam to give 
it the same porosity A at the same pressure, then an increase in 
pressure by a factor of 2 will increase the air-flow rate by a factor 
of 2 in the second sheet whereas it would increase the air-flow 
rate by a factor of only 1.4 in the first sheet. 

Actually, the number of holes, n, per unit surface area as well 
as the hole size is a factor in the flow characteristic. But in the 
range which Table 1 covers, the resistance term R is roughly in- 
versely proportional to the number of holes times the individual 
hole area cubed. Thus R = K/na*. When this value of R is 
substituted in XY = oRa, and remembering that a = (na)* where 
a = hole area per hole, then X = k’n/a. For the condition of 
resistive flow, defined by Equation [8b], X — ©; this will occur 
in the equation for X when n-> © ora-+0. It should be noted 
that this condition is approached in the natural construction of a 
paper sheet. It may be duplicated artificially, within limits 
dictated by economics, in plastic sheet materials by the electro- - 
vent process which enables the control of hole distribution as wel! 
as hole size. 


E.ecrric Controt or Porosity 


We have demonstrated in the foregoing that the rate of air 
flow and the type of air flow depend upon the number and size 
of holes in a sheet material. Control of these two factors may be 
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accomplished by employing the principle of dielectric breakdown. 
This is done in electroventing. 

To demonstrate the principle involved, consider the simple 
case illustrated in Fig. 4. A movable electrode ¢,, and a sta- 
tionary flat-plate electrode ¢, are connected to a high-voltage 
power source EF. When the movable electrode ¢, is moved 


Fie. 4 


across the plastic sheet material / and the voltage £ is made 
equal to or greater than the breakdown voltage of P, a series of 
are discharges through the dielectric material will result. Heat 
generation by an arc discharge wil] cause the plastic material to 
plasticize in the immediate area of contact; when this region has 
cooled, a permanent hole will have been made. Microscopic 
examination of the surface area around the hole reveals the exist- 
ence of a concentric layer of polymerized material. It is this 
polymer ring which accounts for the fact that many plastic sheet 
materials may retain their electrovented holes even after the sur- 
face temperature is raised above that of the distortion temperature 
of the plastic sheet. 

Let us analyze the thermal and electrical phenomena associated 
with dielectric breakdown in more detail. The voltage required 
to break down a dielectric is proportional] to the dielectric strength 
of the material times the thickness of material between electrodes. 
Once an are has been established, it will be maintained until the 
extinction voltage of the arc becomes equal to or greater than 
the breakdown voltage of the material. Expressed mathemati- 
cally 

where K, is the breakdown potential gradient of the dielectric, 
K, is the extinction potential gradient of air, h is the thickness of 
the dielectric between electrodes, and s is the distance between 


the position of the movable electrode and the point of original 
breakdown, Fig. 5. Thus the distance between holes s is 


Fie. 5 


If the air distance A is assumed to be a resistance R then the 
thermal effect of the arc is given by 


dW = {ll} 


Here J (t) is the current flowing through R as a function of time 
t, dt is the differential time in which the current J (t) flows, and 
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» is a proportionality constant between the units of thermal 
energy generated (W) and electrical energy (watt-seconds). 
Equation [11] assumes that 2 is neither a function of time nor 
current. If / (t) is not a function of time, ie., if J (¢) is constant, 
then 


W fy dt = 12) 


If the electrode velocity in Fig. 5 is constant (v), then the time of 
are duration will he 


i= 


Substituting Equation [13] in [12], and substituting the value of 
# given by Equation [10], gives 


A} _ 
w= ure *| Xs i| (14) 


Equation [14] reveals that the thermal generation due to the arc 
resistance R is directly proportional to the square of the arc 
current, the dielectric thickness, and the dielectric breakdown 
potential gradient, and is inversely proportional to the velocity 
of the electrode and the extinction potential gradient of air. The 
are current J will be limited by the external circuit of the power 
supply; if this circuit consists simply of a resistance r, then 
E*/(r + R)® may be substituted for /* in Equation [14]. 

The relation between breakdown voltage and dielectric thick- 
ness is a straight line for most plastics, and hence K,, in Equa- 
tions [9], [10], and [14] is often a constant. However, this is not 
ageneralrule. Rigorously, K,, is defined as 


oE 
K, = (15) 
Partial notation is employed since A,, is also a function of fre- 
quency, electrode geometry, temperature, etc.; in this analysis, 
these variables are considered constant. The breakdown curve 
for a high-molecular-weight polyethylene is shown in Fig. 6, 
together with the ignition and extinction curves for air; in each 
case, the electrode geometry is as shown in Fig. 5 and the volt- 
age frequency is 60 cycles. (Note that the dielectric gap-length 
scale for the air curves is multiplied by a factor of 10.) The ex- 
tinction curve for air is decidedly curved, and thus K, is not a 
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constant. Mathematically, the extinction potential gradient of 
the air curve in Fig. 6, as empirically obtained, is 


(2170) 


K{E) = 


volts per mm . (16) 


If the value of K, given by Equation [16} is substituted in Equa- 
tion [14], we obtain 
| 2EK,, 
ES ‘| 


Equation [17] assumes r is much greater than 2, and indicates 
that the heat generated in the arc is a cubic function of the applied 
effective voltage. If, in the derivation of W from Equation [12}, 
] (t) is considered a sine function of time, i.e. 


= 1,, sin 2xft 


[18] 
Equation becomes 
jh 2EK,, 
1 
le ) 


[19] 


where E is the effective value of the voltage (E,,/ V2), and f is 
the voltage frequency. We note that the limit of Equation [19] 
as f approaches infinity is the value given by Equation [17]. 
When f/v approaches zero, W approaches zero. 

When Equation [17] is normalized and plotted as a function 
of E, a family of curves, illustrated in Fig. 7, is obtained. Al- 


Verses Vovtace; Normatizep THEORETICAL 


Curves 
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though the scale of the ordinate axis in Fig. 7 does not permit 
the illustration of the cubic properties of the curves, they actually 
cross the abscissa axis at a positive value of E and experience a 
positive inflection at some value (+ EF, —w) and a negative in- 
flection at the point (0, 0). It is of interest to investigate the 
physical significance of the curves in the region where w ap- 
proaches zero and is negative for finite positive values of EL. 
Term w can approach zero only when the value of K,, approaches 
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the extinction potential gradient of air. Since the ignition 
potential gradient of air is always greater than the extinction po- 
tential gradient, the condition that w approach zero applies only 
to materials having a dielectric strength lower than that of air. 
When w is negative, the breakdown voltage K, becomes less 
than the voltage required to maintain an are across the air gap 
h. This would define a condition of conduction through the 
sheet material, and, thus the latter no longer would fulfill the 
function of a dielectric. Inspection of Equation [14] reveals that 
w cannot be negative for K,, values greater than K,. Thus ac- 
tual experimental curves would be discontinuous at a value where 
E equals the breakdown voltage. 

Since the creation of a hole in a plastic dielectric is essentially 
a thermal effect, it may be assumed that the hole size will be pro- 
portional to the applied voltage (for the circuit illustrated in Fig. 
4) in a manner similar to the energy-voltage function illustrated 
in Fig. 7. Experimental determinations where hole size was 
measured as a function of the applied effective voltage (f = 60 
cycles) were made for several plastics and plastic-coated papers, 
with results similar to the one illustrated in Fig. 8. The dotted 
line is the hole area-voltage relationship and its similarity to the 
energy-voltage relationships of Fig. 7 is apparent. The curves 
in hig. 8 are discontinuous at the breakdown voltage of the di- 
electric. 
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If the pore-creating phenomenon of electroventing is essentially 
a thermal effect, we may postulate that the heat generated from 
the breakdown point must be transmitted through the dielectric 
‘volume surrounding the discharge point, in order that that volume 
may be plasticized and made to flow radially outward from the 
center of heat generation. Since the thermal conductivity of 
dielectrics is very low, it is also reasonable to postulate that the 
heat is transmitted from the are discharge to the surrounding 
dielectric material by essentially a radiation process. Thus, 
after the are is removed, we may expect to find a ring of resolidi- 
fied material around the hole, with most of the evidence of ther- 
mal effects on the surfaces of the sheet. This fact is substan- 
tiated by microscopic examination of an electrovented hole. The 
intensity of radiation is inversely proportional to the square of 
the distance from the source. It is not surprising then, that by 
the contro] of thermal-radiation intensity the area of a hole may 
be controlled. However, since the intensity of thermal radiation 
decreases rapidly as distance from the center is increased, there 
may also be a surface region where the temperature is not above 
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the dielectric melting point but still high enough to cause poly- 
merization. In such cases, if the polymer has noticeably differ- 
ent physical properties from the original molecule, a surface con- 
centric to the resolidified ring may be visible. 

When pulses of very short duration break down a dielectric, the 
thermal effects mentioned in the foregoing are not evident. For 
example, when a sheet of polyethylene 1 mil in thickness is sub- 
jected to a breakdown pulse of approximately 20 microsec, a hole 
which is not geometrically symmetrical but which has rough and 
sharp contours is obtained. There is also no ring of resolidified 
material surrounding the pore, but there are sporadic evidences 
of resolidified material, together with some blackening of the 
hole edges. When the total charge is reduced and the pulse 
period kept at about 20 microsec, a surface discoloration may 
surround the center of arc discharge with no hele visible, even 
under 100-diam microscopic magnification. 

It would appear then, that there are two phases to an are dis- 
charge through a plastic sheet. Phase (1) consists of an ioniza- 
tion of both the material and the air path. Ionization of the 
organic material may lead to a disintegration of the organic 
molecule and a subsequent deposition of carbon on the “un- 
affected” surface. There also may be chemical effects on the 
surrounding sheet area due to photon emission and ozone action. 
Phase (2) consists of a sustained thermal action which plasticizes 
the material surounding the are discharge and causes the hole 
to assume the symmetrical geometric proportions of a circle or 
of an ellipse. It is essentially phase (2) of the process which 
permits a close control of the perforation area. 

Because the phenomenon of ionization is associated with sta- 
tistical probability behavior, and, since the surface of a plastic 
sheet material may also deviate from the mean property in a 
random manner, we can expect the hole spacing and the hole 
sizes to exhibit a deviation from the mean parameter in a familiar 
statistical] distribution curve. This fact was confirmed by spac- 
ing measurements made on a plastic-coated paper, and is illus- 
trated in Fig. 9. The variation of hole size follows a similar pat- 
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tern, with standard deviation percentages in approximately the 
same range as those recorded for the spacing. 

Now it is quite obvious from Equations [17] and [19] that as 
the electrode velocity approaches zero, the supplied thermal 
energy would approach infinity. From the approximate correla- 
tion of energy to hole size established previously, it would seem 
that as the energy approached infinity the hole size would also 
approach infinity. This actually does not happen. As the 
electric arc is maintained, a constant temperature is approached; 
assuming the Stefan-Boltzmann law of radiation to be applicable, 
a constant radiation intensity is correspondingly approached, 
and hence the radius from the center of the arc to the edge of the 
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hole approaches a limit. For a given arc temperature, the hole 
size has definite physical limits. 

The same effects described were recorded for the electroper- 
foration of dielectrics immersed in oil, with differences resulting 
only in hole spacing and hole size (since K, for oil is greater than 
that of air). It is re ble to , therefore, that oxidation 
plays only a minor role in the electrovent process. Consequently, 
inflammable dielectrics may be electrovented safely if the elec- 
trode velocity is kept sufficiently high or if the pulse duration is 
reasonably short. 


CoMMERCIAL APPLICATIONS 


In commercial applications the electrode structure is stationary 
and the dielectric sheet material moves. Speeds up to 500 fpm 
have been employed in electroventing paper. A high-voltage 
source is connected across a series arrangement of electrodes 
(series multiple spark gaps), and, thus as many as 20 electrodes 
may be connected across one 20,000-volt source if a single elec- 
trode voltage of approximately 1000 volts is required. By using 
series capacitors in the transformer primary, the secondary volt- 
age may be increased effectively prior to breakdown; such con- 
densers also limit the current in the secondary after breakdown 
to any desired value. The frequency of the exciting voltage 
can be co-ordinated to the linear dielectric velocity so that any 
linear perforation separation is obtained. If a hole separation s 
is desired at a sheet-material velocity v the voltage frequency 
required would be 

v 


j= 
assuming that a sine wave isemployed. The area represented by 
one half the sine wave, when squared, will be proportional to the 
thermal energy. It can be shown from Equation [11] that the 
energy for half a sine wave will be proportional to the square of 
the effective current and inversely proportional to the frequency. 
The pattern of the perforations may be controlled by the shape 
of the electrodes. Hence, if a series of straight lines is required, 
the electrode contacts are made pointed. If, on the other hand, 
a random distribution is desired, the electrodes are made flat. 
In the latter case, succeeding arcs will emanate from different 
portions of the electrode, depending upon which point in the 
tact area p ts the path of weakest dielectric resistance. 

The effect of electroventing on the strength characteristics of 

paper has been evaluated. There appears to be little or no de- 
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TABLE 2 TEST FIGURES FOR POLYVINYL-CHLORIDE FILM 


—Kilograme- 


crease in strength over a wide range of electrovent porosities. 
However, at a critical value of porosity, the strength values begin 
to drop off sharply. Curves of tear and tensile strength, both in 
the machine and cross-machine directions, for Alabama Kraft 
sheets are shown in Fig. 10. The paper has an initial porosity 
of 16.7 secs for 300 ce of air. Samples were then electrovented 
to give porosities of approximately 10, 4, 3, and 2 sec, respec- 
tively. The decline in the tear and tensile properties is negligible 
until a value of from 4 to 5 sec is reached; decline is then rapid 
when the porosity is increased from this critical range. Whether 
or not similar relationships exist for plastic sheets has not as yet 
been determined. However, the test figures’ for two samples of 
polyviny!-chloride film (of 5 mil gage) are recorded in Table 2. 
The tensile and elongation tests were made on strips 1.5 em wide. 
A and B are directions which are at right angles to each other and 
are in reference to the forces applied in testing; d is the maximum 
deviation of a single reading from the average, the latter being 
the result of 5 testa, 


CONCLUSIONS 


Electroventing permits a control of porosity in sheet materials 
which has hitherto been unobtainable. Application of the proc- 
ess has already been made to the venting of paper, hats, and 
shoes; its possibilities in the field of plastic sheet materials are 
numerous. A porosity-control process in the manufacture of 
paper permits the paper manufacturer to concentrate on the 
strength of the sheet without regard to porosity considerations; 
thus one of the variables in the manufacturing stages is removed. 
When cellulose or plastic films are applied to the packaging of 
food, a need for porosity may arise.‘ Electroventing provides a 
means of adding any desired porosity to the film to meet various 
types of packaging requirements. In the application of plastic 
materials to apparel use, occasions arise where porosity becomes 
a critical consideration. By electroventing, pores of a permanent 
nature may be processed into the plastic film and thus provide it 
with the “breathing” quality so often desired in apparel materials. 
When fully developed in the numerous fields where it may apply, 
electroventing undoubtedly will open up large new areas for the 
use of plastic sheet materials. 


Discussion 


H.W. Mourman.’ The principle of electroventing is an inter- 
esting technique that promises to widen the applications of plas- 
ties in fields where more porous materials such as leather have 
been used. The author is to be complimented for his treatment 
of air flow through porous plastics and control of this porosity 
by electroventing. 

In the paper a mathematical theory of the electroventing proc- 
ess has been derived. However, not enough experimental data 
are given to really test the equations. The validity of some of 
the assumptions made in the derivations may be open to question. 


* Report No. 330272, Electrical Testing Laboratories, Inc., New 
York, N. Y., February, 1949. 

*“Comparison of Film Types and Film Perforations in Tomato 
Prepackaging,”’ by J. Kaufman and H. W. Hruschka, Pre-Pack-Age, 
New York, N. Y., vol. 3, February, 1950, pp. 16-18. 

* Director of Research, Monsanto Chemical Company, Plastics 
Division, Springfield, Mass. 


Unless these assumptions can be justified by further experi- 
mental data, the final equations may only indicate trends of a 
qualitative nature, 

‘he assumption is made that the voltage required to bring 
about a dielectric breakdown is proportional to the thickness of 
the material. However, both theory and experimental] data show 
that, in most cases, the breakdown voltage increases as the square 
root of the material thickness rather than directly as the thick- 
ness, It is also improbable that the resistance R is independent 
of both time and current as has been assumed in deriving Equa- 
tion {12}. 


H. EF. Lustic.* This paper is apparently the first one dealing 
with an analysis of the ‘“‘electroventing”’ process. In view of the 
increasing applications of that process, it should be welcomed 
by industry. 

In the second section of his paper, “‘Electrie Control of Por- 
osity,”’ the author may be guilty of oversimplification of discharge 
phenomena. The nature of these is not yet completely under- 
stood and their analysis, because of the nonlinear reiations in- 
volved, is consequently subject to empirical procedures. In so far 
as basic engineering applications are concerned, however, the 
author has achieved his purpose. 

The following symbols are defined as: 


E = source voltage 

E, = gap voltage 

E, = breakdown voltage of dielectric 
E, = extinction voltage of air 


It is obvious for the direct-voltage case that prior to the striking 
of the are E = E,, and that at the instant of breakdown, EF = 
E, = E,. If we now assume, as the author does, that the in- 
ternal circuit resistance is r, and that the are itself may be repre- 
sented by an equivalent resistance R, then it follows that after 
firing, source voltage and gap voltage are no longer the same, but 
rather 


E, = ERR +r) 


In view of these fundamental considerations, Equation [9 of the 
paper is correct for the general case, but the statement preceding 
it applies to a very special case only. In order for the are to “be 
maintained until the extinction voltage of the are becor $s equal 
to or greater than the breakdown voltage of the material,” re- 
sistance r must be zero or negligible with respect to R. This 
does not conform with practice since, generally, r is much greater 
than R. 

The confusion of voltage definitions appears again in Equa- 
tions [16] and [17]. Extinction occurs abruptly when a certain 
value of minimum current through the are is reached. As a re- 
sult, the gap voltage at extinction is still considerably less than 
the source voltage and the Z in Equation [16] should actually be 
E,. The author then returns to Equation [14] and substitutes 
(E/r) for current J, which is correct for the assumption that 
r > R. As soon as Equation [16] is substituted, however, 
it should be in terms of the same voltage E, which is source volt- 
age. Thus, applying the correction factor between EF and E,, 
as just given, Equation [17] becomes 


; * Ford Instrument Company, Long Island City, N. Y.; former) 
Electrical Engineering Department. The Copper Unioa, New York, 
N. 
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( 
(r + R)*® 


2KmER 
(2170)? (r + R> rp 


1 
(2170)*r (21) 


( 2K ) 
It may be seen that this relation does not lend itself to a simple 
normalization as shown in Fig. 7 of the paper. Even with the 
assumption that r > R, a factor of R/r remains associated with 
the cubic voltage term and may influence the result greatly. 

In a detailed analysis of the process, some other factors would 
have to be taken into consideration. One of these would be a 
rigorous treatment of the resistance 2 itself, without the simpli- 
fying assumption that it is not a function of current or time. 
Another of these would be allowance for the series air gap which 
may exist between the movable electrode and the dielectric 
sheet. Assuming an air gap of length a, a dielectric thickness d, 
and a dielectric constant €,, the effective dielectric constant of 
the two media may be shown to be given by 


(d + 
(d + aeé,) 


Furthermore, the power factor of the two media in terms of the 
dielectric power factor PF,, becomes 
PF = d PF, 

(d + ae€,) 
The foregoing analysis may serve only as a guide, however, since 
it assumes a parallel electrode arrangement which is only a first 
approximation to analysis of point-discharge phenomena. The 
inclusion of additional air gap and of power factor would have 
unnecessarily complicated the analysis, but in a search for opti- 
mum economic operation of the “‘electroventing” process, such 
factors may have to be considered. 

It may be noted in passing that Equation [10] of the paper lends 
itself to a novel method of dielectrie-constant determination for 
the particular dielectric being processed. With suitable recording 
devices and with the particular breakdown potential of air known 
for the test conditions, the dielectric constant may be determined 
with fair accuracy by a method considerably more economical 
than the susceptance variation, Q-meter, and direct deflection 
methods commonly employed for the purpose. 


G. B, Tuayer.’ The data presented in this paper are of much 
interest to engineers engaged in manufacturing plastic films and in 
packaging various materials in plastic films. 

These engineers would find it interesting to have additional 
data on more different types of plastic materials. Quite possibly 
such data will be forthcoming as work continues with the ma- 
chinery for electroventing. 

One question which is of extreme interest to the plastic sheet 
manufacturer is ‘‘What effect does sheet-thickness variation have 
upon the control of porosity achieved by the principles described 
in this paper?” 

Mr. Suran found little or no decrease in physical properties of 
paper and polyviny! chloride sheets when tensile tests were made. 
It would be interesting to know what the effect of electroventing 
is upon plastic sheets which have low-tear strength and low- 
percentage elongation. 

Mr. Suran has not stated what effect electroventing will have 
oa water-vapor transmission figures. This is an important con- 

™The Dew Chemical Company, Midland, Mich. 


sideration when the film is to be used for packaging certain foods 
as stated in the concluding paragraph. We think it would be 
useful if such data were available to publish it subsequently 

It is suggested that the formation of oval-shaped holes in some 
plestic films could come about from different amounts of 
orientation at right angles to the direction of formation of the 
film. Polyethylene film probably is oriented into two directions, 
and it may have been this film that the author reported as having 
oval-shaped holes. Polyvinyl-chloride-calendered film is likely 
to be produced without appreciable orientation in either direc- 
tion, and it would be expected to perforate with round holes. 


AvuTHor’s 


The author is indebted to the discussers for expanding upon 
and re-emphasizing the simplifying assumptions made in the 
development of the theory pertaining to air flow through porous 
sheet materials and to the electric control of porosity. Messrs. 
Mohrman and Lustig are justified in objecting to the 
assumption of a constant & in the development of Equation [11 |. 
By making this assumption, however, the solution of a nonlinear 
differential equation of considerable complexity is avoided, and 
the resultant error due to the approximation of a linear FR is 
generally found to be within the limits of the experimental 
statistical deviations. 

Mr. Mohrman’s observation concerning the nonlinear varia- 
tion of dielectric breakdown strength with the thickness of the 
material is quite correct if the thickness is considered to vary 
between zero and infinity. Since electroventing is economically 
limited to sheet materials having thicknesses between approxi- 
mately 0 and 50 mils, the breakdown voltage characteristics 
need be considered over only this limited range. As the experi- 
mental curve of Fig. 6 illustrates, many plasties may thus be 
characterized by a linear function. 

Mr. Lustig’s correction of Equation [17] is appreciated. The 
curves of Fig. 7 should be modified accordingly. 

Mr. Thayer has raised several interesting questions, some of 
which cannot be answered conclusively at this time. Sheet- 
thickness variation is known to cause similar variation in 
the control of individual hole size and differential hole density, 
but by means of servomechanical controls the average porosity 
may be maintained constant within any desired tolerance limits. 
The effect of electroventing plastic sheets which have low tear 
strength and low-percentage elongation properties has not been 
investigated. Electroventing paper with such initial low-strength 
properties generally reduces the strength characteristics (on the 
basis of per cent strength reduction per second porosity increase ) 
faster than would be the case for papers with initial high-strength 
properties. 

From preliminary experimental results, there does not seem 
to be a correspondence between increased air-flow porosity and 
increased water-vapor transmission rates due to electroventing. 
The indication is that increased water-vapor transmission is 
much less than increased air transmission. Theoretical considera- 
tions would lead us to expect this since the thermodynamic 
properties of a vapor are considerably different from those of « 
gas. Hence Equation [3] is not applicable to water vapor. 

The oval shape of electrovented holes in plastic materials is 
due essentially to the flow motion introduced by the relative 
movement between electrode and material, although differences 
in molecular orientation also affect the perforation shape. All 
of the plastic materials which have been electrovented thus far 
are found to contain holes of an elliptical nature with the major 
axis of the ellipse oriented in the direction of <heet motion. 
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Effect of Orientation on the Mechanical 


Properties of Polystyrene 


Extruded polystyrene rod was first annealed, and then 
stretched hot to elongations as high as 12,000 per cent. 
Tests were made in tension, flexure, and torsion at tem- 
peratures ranging from 0 to 80 C. Tests included creep 
and relaxation as well as tests at strain and load rates 
ranging as high as 1.0 in/in/min and 10,000 lb per min 
to determine the effect of orientation upon these mechani- 
cal properties. Tensile and flexural strengths increased 
two to threefold, depending upon rate and temperature; 
torsional strength decreased; and modulus of elasticity 
increased moderately. Fracture changed from a sharp 
break to a fibrous separation. Birefringence measure- 
ments revealed marked orientation of the material, but 
low-angle x-ray diffraction studies revealed no ‘“‘crystal- 
line”’ structure. 


INTRODUCTION 
Be pepe effects have often been noted in high 


polymers such as polystyrene. In _ injection-molded 

pieces, for example, strength properties frequently are 
different in different directions with respect to the flow of the 
material, and decided “skin” effects appear; that is, the material 
adjacent to the surface of the mold behaves differently from the 
material in the body of the molded part. Polystyrene sheet, if 
stretched during the manufacturing process, behaves differently 
from unstretched sheet. Double stretching of such sheet is there- 
fore practiced to improve the mechanical properties (1).* 

Stretch orientation of polystyrene has been studied by a num- 
ber of investigators, particularly Bailey (1), who reported experi- 
ments with small rods, fibers, and sheet stock, which resulted in 
increased tensile strengths in the direction of stretching, increased 
toughness, and decreased crazing. He also reported birefrin- 
gence measurements made to determine orientation in the material. 

Bryce Maxwell and L. F. Rahm (2) have reported the following 
in previous publications: 


1 Samples oriented normal to the direction of tensile testing 
crazed more quickly than unoriented samples. 

2 The orientation causes a pronounced increase in the time 
for crazing to start and a decrease in the rate at which it pro- 
gresses; the chains oriented in the direction of tension strengthen 
the sample against crazing. 


L. E. Nielsen (3) reported that both the dynamic Young’s 
modulus and the modulus calculated from the stress-strain curves 
of oriented polystyrene films increase with increasing orientation. 


1 Research Assistant, Plastics Research Laboratory, Massachusetts 
Institute of Technology. 

2 Professor of Structural Engineering, Department of Building 
Engineering and Construction; Director, Plastics Research Labora- 
tory, Massachusetts Insti of Technology. Mem. ASME. 

* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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the Society. Manuscript received at ASME Headquarters, June 27, 
1951. 


By R. G. CHEATHAM! ano A. G. H. DIETZ, CAMBRIDGE, MASS. 


Increasing the stretching temperature decreases the orientation 
when other variables are held constant. The elongation to 
break and the ultimate strength both tend to increase with the 
amount of stretch. The softening temperature or tensile heat 
distortion decreases as the orientation increases. 


Ossecr 


The object of the investigation reported here was to determine 
some of the effects of orientation upon the mechanical properties 
of polystyrene. The principal variables studied were degree of 
orientation, temperature, and rate of strain and their effects upon 
the strength in tension, torsion, and flexure. Birefringence and 
X-ray measurements were made to gain some insight into the 
effect of orientation on the internal structure of the polystyrene. 


MATERIAL 


The material as supplied consisted of extruded rods approxi- 
mately #/, in. diam. The manufacturer described it as follows: 


Average relative molecular weight before extrusion, calculated 
by the Staudinger equation, 70,000 Monomer content less that 1 
per cent; methanol insolubles 99 + per cent. 


Examination with polarized light revealed locked-in stresses. 
Consequently, the rods were annealed by immersion in mineral 
oil (Nujol), held at 138 C for 15 min and then cooled to slightly 
above room temperature, whereupon the rods were removed from 
the bath, wiped clean, and re-examined with polarized light. 
When this schedule was followed carefully locked-in stresses as 
revealed by polarized light disappeared, without evident damage 
to the material. 

Oriented specimens were prepared by stretching inch-long sec- 
tions of annealed rod by hand in the mineral-oil bath at tempera- 
tures of 145 + 5 C. After stretching, the specimens were re- 
moved from the bath, and, while rigidly held, allowed to cool in 
laboratory air. 

Degree of orientation or elongation was measured by the reduc- 
tion in cross-sectional area. By this method, elongations up to 
12,000 per cent were obtained. : 

“Elastic memory” of the oriented material was found to be 
high. Specimens stretched 12,000 per cent and held at standard 
laboratory temperatures and relative humidities for 4 months re- 
turned to within 10 to 15 per cent of their original length when re- 
immersed in oi] at 145 C. 

Tensile, flexural, and torsional specimens were milled from the 
annealed rod to the dimensions shown in Fig. 1. Flexural speci- 
mens of oriented material were formed by first milling the annealed 
rod to a rectangular cross section and then hot-stretching as just 
described. The specimens decreased in cross section but re- 
tained their rectangular proportions. Oriented torsional speci- 
mens were first milled to the shape shown, and were then elon- 
gated. Oriented tensile specimens were not milled be‘ ore or after 
elongation. 


Testine Procepure 


Tests were conducted on the universal plastics-testing machine 
developed in this laboratory for plastics testing, and already de- 
scribed elsewhere (4,5). Briefly, it incorporates servomechanisms 
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im o hydraulic system to provide controlled rates of strain or load 
application and controlled crosshead motion. Extensometers 
developed for the equipment can be used to measure ordinary 
strain, sometimes called nominal or engineering strain; true strain, 
sometimes called logarithmic strain; and to control the opera- 
tion of the servomechanisms 

The true-strain longitudinal extensometer (3) shown in Fig. 2 
consists essentially of a wheel and a knife edge. When this is 
clamped to the side of the specimen, the stretching of the speci- 
men causes the wheel to rotate. Rotation of the wheel is there- 
fore directly proportional to true strain in the specimen. The 


POLYSTYRENE 
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wheel is attached to a slide-wire potentiometer, and comp 

or tensile strain therefore brings about a change of potential 
which is used to control the servomechanism, to drive a recorder, 
or both. 

The torsion extensometer, Fig. 2, is similar to the true-strain 
longitudinal extensometer, except that the wheel is turned at 
right angles to the longitudinal axis of the specimen so that twist- 
ing of the specimen causes the wheel to rotate. Therefore the 
rate of torsion can be measured and controlled in a manner similar 
to the longitudinal strain. 

For smal] strains a U-bar extensometer (5) has been used for 
some time, Fig. 2. This simply consists of two bars provided 
with knife edges at one end and rigidly fastened at the other end 
to a crosspiece to which strain gages are cemented. When the 
bars are clamped with their knife edges to the specimen, longi- 
tudinal strains cause the specimen ends of the bars to separate 
and to bend the cross-piece, thereby developing a signal in the 
strain gages. This signal is proportional to the longitudinal 
strain and can be used to contro] the servomechanism, to drive a 
recorder, or both. This type of extensometer has recently been 
called a w-gage (6). It measures ordinary strain rather than true 
strain. 

If a specimen “necks,” or develops a local constriction, it is 
necessary to measure the change in cross-sectional area of the 
specimen if true strain is to be obtained. This has been done 
with a simple transverse extensometer, Fig. 2, consisting of two 
fingers attached to a circle of spring steel to which strain gages are 
cemented. The fingers follow the change in diameter of the 
specimen and cause changes in the configuration of the spring- 
steel band, thereby inducing strains in the strain gages which in 
turn produce strain signals transmitted to the servomechanisms 
and recorders, 

Most of the tests in tension and torsion reported here were car- 
ried on with the true-strain extensometers, but a few were carried 


on at constant rates of load increase. With the small strains en- 


(d) 


hic, 2) Exrensomerers ror Various Mecaanicat Tests 


\@, True-strain wheel-type extensometer; 
tensometer; wheel rotates as specimen twists. 


as specimen stretches, wheel rotates, and moves contact on circular slide wire. 
c, U-bar-type extensometer for recording ordinary strain. 


6, Wheel-type torsion ex- 
fingers 


d, Transverse extensometer; follow 


changes in diameter, inducing strains in strain gages attached to circular spring.) 
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countered in most of the tests, the difference between true strain 
and ordinary or nominal strain is smal]. Flexural tests were car- 
ried on at constant rates of crosshead metion. 

For tests carried on at high and low temperatures, an enclosure 
was placed around the specimens, and air of the required tempera- 
tures and relative humidities was circulated around the speci- 
mens from a source consisting of a standard Tenney controlled- 
atmosphere unit. 


Tenston-Test Resuuts 


Principal! test results are shown in Figs. 3 and 4. Fig. 3 gives 
the results of a typical series of tests at constant rates of strain 
under standard atmospheric conditions (23 + 1 C, 50 + 2 per 
cent RH). Material ranges from unoriented and annealed to 
9000 per cent elongation. The principal effect of orientation is to 
cause an increase in tensile strength, which reaches a maximum of 
approximately double the strength of the unoriented material at 
high strain rates and elongations above 1000 per cent. The 
unoriented material all fractures at nearly the same strain, ap- 
proximately 0.012; the oriented material is more irregular in its 
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Fie. 3 Troe Srress-Srrain Curves tn Tension ror ANNEALED 
UNORIENTED AND FOR ELonGaTep Potysrrrene at 23 C anv 50 
Pes Cent Retative Homiprry 


behavior but, in general, undergoes larger strains, some as high as 
0.038, especially at slower rates of strain. In general, the higher 
the strain rate, the higher the maximum stress and the lower the 
maximum strain, but exceptions to the general trend are to be 
found, particularly at the highest strain rate of 1.0 per min which 
in severa] instances resulted in fracture at stresses lower than 
those attained at lower rates. 

Increased temperatures, in general, result in lower maximum 
stresses and increased strains, with the same effects as before, 
Fig. 4. At low rates of strain and highest temperatures, the 
annealed material shows a tendency to flow. The oriented mate- 
rials tend to constrict or “neck,” causing a downward dip in the 
stress-strain curve after such constriction occurs, see also Fig. 13. 
It is no longer correct to call these curves true stress-true strain 
curves beyond the constriction points, but the curves as drawn 
emphasize the effect. 

The relationship among maximum stress, per cent elongation, 
and temperature for constant strain rates of 0.01, 0.10, and 1.00 
per min is shown in Fig. 5. At all temperatures, maximum stress 
rises with orientation up to approximately 1200 per cent, after 
which it drops a small amount and at higher elongations remains 
relatively constant, no matter how highly elongated. The most 
marked changes occur at approximately reom temperature. The 
maximum stresses attained by the more highly elongated mate- 
rials are more sensitive to temperature change at high and low 
temperatures than is true of the unoriented material. 

Modulus of elasticity, defined as the slope of the stress-strain 
curve at the origin, shows a somewhat similar trend, as may be 
seen in Fig. 6. At low temperatures the modulus is higher than 
at high temperatures. At low temperatures the modulus rises 
moderately with increased elongation and remains essentially 
constant at elongations greater than approximately 1200 per cent, 
but the reverse is true at high temperatures where a moderate 
drop in modulus accompanies an increase in elongation. Modulus 
values tend to be somewhat higher at higher rates of strain. 

Tests run at constant rates of load application show a more 
marked effect of elongation upon strength, as is brought out in 
Fig. 7. A steep rise in strength is experienced, particularly at 
higher rates of load, unti] a maximum occurs at approximately 
2000 per cent, after which the strength decreases but remains sub- 
stantially higher than the unoriented material. Threefold in- 
creases in strength are found in several instances. 
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Torsion Tests 


A few tests were run in torsion at standard atmospheric condi- 
tions on annealed unoriented, and on oriented material. Shear- 
ing-strength and shearing-modulus values were obtained. In 
. some instances different rates of rotation of the colleta helding the 
IMENSIONAL STRESS-TEMPERATURE- ELONGATION specimen were employed, and in others different rates of strain, as 
sy om. controlled by the strain extensometer. The results were similar 

in both instances. 
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Fie. 8 Torsion-Suear Srress-Suear Srrain Curves ror An- 

NEALED UNORIENTED AND FoR ELONGATED PoLystyreNe aT 23 C, 

50 Per Cent Retative ann Rate or Twist 0.1 Rapian 
Per Min 


For a given rate of test, the oriented material was weaker than 
the unoriented, as shown by Table 1. 


TABLE 1 TORSION TESTS 
Constant rate of strain 0.1 radian fn(uin 23 + 1 deg C, 50 4 2 per cent 


shearing stress, Shearing modulue, 
pei per 


per cent 
0 8200 207000 
628 5325 208000 
720 6700 210000 
1462 6230 207000 


Typical stress-strain curves are shown in Fig. 8. The un- 
oriented material is relatively inextensible, and breaks by shat- 
tering into small fragments. The oriented material, on the other 
hand, twists through a considerable angle and breaks in a fibrous, 
helical fracture oriented at roughly 45 deg to the axis, Fig. 13. 
Complete fracture does not occur. 


Fiexvure Tests 


Flexure tests were made on specimens elongated as much as 
1000 per cent. Specimens elongated more than this proved diffi- 
cult to measure accurately because of their small dimensions, and 
the results obtained at 1000 per cent are considered uncertain. 
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Therefore they are shown, but only included with dotted lines in 
the graphs of Fig. 9 which present the results obtained at stand- 
ard atmospheric conditions. 

Fig. 9 shows the same general trend as the tension tests; that is, 
maximum bending stress increases with increasing percentage 
elongation to an upper value, which is attained at approximately 
600 to 700 per cent elongation. At higher elongations there is no 
increase in maximum bending stress, and there probably is some 
decrease as indicated by the values obtained at 800 to 1000 per 
cent elongation. The same trend is observable in the values of 
modulus of elasticity, except that the trend is less marked. 

With increasing temperature, a decrease in maximum bending 
stress is observable, as shown in Fig. 10, which compares the 
trend in annealed unoriented material and in material elongated 
approximately 600 per cent. Reduction in maximum bending 
stress is similar in both instances, but the oriented material re- 
mains stronger than the unoriented at all temperatures. 


Creer anp RELAXATION 


The effect of orientation and temperature on the creep and re- 
laxation behavior of polystyrene was studied by (a) subjecting un- 
oriented and oriented specimens to predetermined tensile stresses 
and recording the change of strain, and (6) subjecting specimens 
to predetermined tensile strains and recording the changes in 
stress. Time required to load the specimens to the required level 
of stress or strain varied from 0.05 min for the lowest levels, to 
0.30 min for the highest levels. 

Typical three-dimensional creep and relaxation plots are shown 
in Fig. 11. 

The creep surface at 900 per cent elongation and 5000 psi 
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Fic. 11 (left and above) Turex-Dimensional roR Creer AND 
Re axaTion oF as Functions or Time anp 
TEMPERATURE 
(Creep at 900 per cent el ion; ll jon at 900 and 3000 per cent 
elongation.) 


stress intensity shows a marked temperature dependence. Creep 
is small at low temperatures, but becomes large at high tempera- 
tures, until at 80 C the material simply draws out and continues 
to elongate rapidly in a short time. 

The two relaxation surfaces for 900 and 3000 per cent elongation 
and 0.01 strain show temperature dependence similar to creep. 
At low temperatures relaxation occurs slowly in spite of the higher 
stress, but at high temperatures the stress falls off rapidly to prac- 
tically zero. The more highly oriented of the two materials re- 
laxes more rapidly. 

Three-dimensional stress-strain-time curves, derived from the 
creep and relaxation results, are plotted in Fig. 12. These are for 
zero elongation, 900 -per cent, and 3000 per cent elongation, 
respectively. 

On a plot of this type, horizontal planes at constant stress levels 


should correspond to creep, and vertical planes at constant strain 5 ae 
intervals should correspond to relaxation. In the idealized case, Lon Oe Fg 
the three-dimensional plots derived from creep and relaxation bad 


tests would coincide. As these figures show, the creep and relaxa- 
tion surfaces do not coincide, and the creep surface lies consist- (a 
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LAXATION For ANNEALED UNoRIENTED Specimens, AND FoR Marertat Evoneatep 900 anp 3000 Per Cent 
(Relaxation surfaces lie below creep surfaces as shown by sections taken at time intervals of approximately 0.1, 1, 10, and 100 min.) 
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ently above the relaxation surface at all percentages of elongation. 
This trend has been brought out by drawing sections through the 
surfaces at approximately 0.1, 1.0, 10.0, and 100.0 min. 

The oriented materials, because they are capable of sustaining 
larger longitudinal stresses and strains than the unoriented, de- 
velop larger surfaces. The surfaces lie fairly close together at 
amal] strains, low stresses, and short time periods, but diverge as 
al] three variables increase. Furthermore, the divergence appears 
to become more marked as the percentages of elongation increase. 

The foregoing trend, showing that creep and relaxation surfaces 
do not coincide, does not appear to bear out the postulate that 
materials of this kind can be defined completely by equations re- 
lating only stress, strain, and strain rate for a given temperature. 

CraAZING AND FRACTURE 

A familiar phenomenon in polystyrene subjected to stress is the 
formation of numerous small lines, called crazing or craze cracks, 
at right angles to the direction of stress. These have been studied 
and reported by numerous investigators (7, 8). They are quite 
typical of polystyrene and are found in other plastics as well. 

Polystyrene in its normal unoriented state is relatively inex- 
tensible in tension and breaks with a sharp fracture at right angles 
to the tensile stress. 

Oriented polystyrene exhibits behavior markedly different from 
the unoriented material, shown in Fig. 13. Specimens A and B 
are unoriented material broken in tension at 23 C and at 80 C, 
respectively. Specimen A shows numerous craze marks, and the 
fracture is typical. Specimen B constricted or necked a con- 
siderable amount before breaking and developed a great many 
craze marks which are oriented at an appreciable angle in the 
vicinity of the constriction. Specimen C is elongated 580 per 
cent, but is broken at 0 C and still exhibits a sharp fracture accom- 
panied by numerous craze marks. 


With specimen D, elongated 744 per cent and fractured at 23 C, 
the sharp fracture begins to disappear. The periphery of the 
fracture exhibits a decided fibrous structure, but the center is 


typical of unoriented material. 
and strongly evident. 

Specimen E, elongated 840 per cent and tested at 52 C, shows 
the formetion of a constriction or neck, which is characteristic 
of material highly oriented, tested at high temperatures, or both. 
In the neeked portion, extremely numerous, very fine craze marks 
are to be seen. 

With specimens F and G, elongated 989 and 1313 per cent and 
tested at 23 C and 0 C, respectively, the trend first shown in 
specimen D has become complete. The fracture is fibrous 
throughout and, in Specimen G particularly, crazing has dis- 
appeared. These illustrations confirm the general observation 
that at elongations greater than 1100 per cent, crazing no longer 
occurs. 

Specimen H, elongated 2600 per cent and tested at 80 C, shows 
the necking tendency most markedly. The entire specimen con- 
stricted at first, and then formed a secondary, more localized, 
constriction as shown in the illustration. Because of the high 
temperature, fracture is not fibrous, but there is no crazing. 

n I, elongated 1960 per cent and tested at 23 C, shows 
the effect of elongation upon torsion. A markedly fibrous frac- 
ture occurs at approximately 45 deg to the axis. Complete sepa- 
ration does not occur, as contrasted with unelongated material 
which shatters into many small fragments, making a good photo- 
graph impossible. 

The specimens shown in J illustrate the effect of orientation on 
the flexural properties of polystyrene. The upper two specimens 
are both elongated 580 per cent but are tested at different tem- 
peratures, the top specimen at 80 C and the lower one at 0 C. 
The bottom specimen shows the characteristic type of fracture 


Craze marks are still numerous 


for the annealed, unoriented polystyrene, tested at 23C, There- 
fore it can be seen that the oriented polystyrene no longer exhibits 
the characteristic “‘sharp”’ fracture, but rather has become ductile 
in nature. 

Specimens L, M, N, and O are transverse photomicrographs of 
fractured surfaces in annealed unoriented material tested at 0, 23, 
52, and 82 C, respectively. They show the manner in which 
fracture originates and spreads, and show the effect of tempera- 
ture upon the fracture behavior. In each instance the wave 
originates at a point on the surface and spreads across the speci- 
men. At OC the fracture is essentially smooth and flat over the 
entire surface, but one “jump” appears to have occurred. At 
the higher temperatures the initial smooth fracture is smaller than 
at the lowest temperature, and a series of jumps appear. At 82 © 
the jump pattern becomes less distinct. 

The source of fracture can perhaps be assumed to be associate: 
with minute flaws on the surface and with a statistical distribu- 
tion of chain ends leading to internal points of high energy or of 
weakness, The flaws act as centers of disturbance leading to 
fracture. It has also been observed that crazing planes occur at 
many points on the surface and appear to proceed completely 
across the specimen, although the point of failure occurs at some 
other plane. 

Specimen K shows the characteristic fracture of material 
elongated approximately 900 per cent and tested at 0 C at a high 
rate of load (approximately 10,000 Ib per min). With this com- 
bination of temperature and rate, the fracture is still fairly sharp, 
although some fibrous fracture occurs. There is, however, no 
marked indication of centers of disturbance such as appear in 
specimens L toO, This lends support to the theory that surface 
flaws are opened and elongated in the direction of orientation, 
thereby largely eliminating them as centers of stress concentra- 
tion leading to fracture. In the interior of the specimen a more 
homogeneous pattern also appears, possibly indicating « similar 
elimination of centers of disturbance as orientation of the chains 
in the direction of elongation occurs. 

MEASUREMENT OF ORIENTATION 


Two types of measurements were made in an effort to obtain 
some insight into the effect of orientation on the internal structure 
of the material. These were birefringence and low-angle x-ray 
diffraction. Of these, birefringence measurements proved to be 
the best. 

Birefringence. Orientation birefringence is based on an ar- 
rangement of asymmetrical molecules not caused by erystalliza- 
tion (9). Orientation birefringence, which is often called stress, 
strain, or intrinsic birefringence, is particularly important in the 
case of plastomers and elastomers, where the chainlike molecules 
when el parallel, thus effecting un- 
equal distribution of density in different directions. The occur- 
rence of orientation birefringence is a measure of the degree of 
orientation of the molecules and has no relation with crystalliza- 
tion effects. 

Stress and orientation birefringence are very closely related as 
both can be produced as a result of stress. A difference between 
them may be found in the fact that stress birefringence in a solid- 
like glass occurs when the mutual distances between the atoms are 
modified in a definite direction without much displacement of 
atoms or molecules, while the orientation of molecules, which is 
necessary for the occurrence of orientation birefringence, is usually 
achieved by very great displacement of atoms and molecules. 
The birefringence of polystyrene is negative (qu < 1). On 
stretching polystyrene (10, 11), the benzene rings which have the 
highest polarizability in the plane of the ring seem to determine 
the nature of the birefringence. 

Birefringence measdrements are made by use of the polariscope 
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Fre. 13 A to H, incuomve, Are Tension Fracture Parrerns 
(A, Unoriented, B, unoriented, 80C; C, 580 percent, 0 C; D, 744 per cent, 23C; E, 840 percent, 52C; F, 989 percent, 23.C; G, 1313 per 
cent, 0 C; H, 2600 per rent, 80 C. Specimen I, torsion, 1960 per cent, 23 C. J shows these flexure specimens; lower is unorien at 23 C; 
upper two are elongated 580 per cent; uppermost tested at 80 C, and center specimen at 0 C. Specimen K is transverse photograph, elongated ap- 
proximetely 900 per cent, tested at 0 C, 23 C, 52 C, and &2 C, respectively.) 
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which has been described in a number of publications (12). If a 
piece of strain-free material is placed between crossed Polaroid 
disks a uniform dark field results, but if strain differences are 
present, a field of light and dark areas is seen. Elongated poly- 
styrene specimens of the type used in this research give patterns 
of light and dark striations in the longitudinal direction—the more 
highly oriented the material the greater the number of striations 
or orders per unit thickness. 


Measurement of orders was accomplished by means of com- 
pensating wedges, themselves made of polystyrene. Two wedges, 
one 6 \ (sodium light) and the other I18A, were employed. The 
determination of orders of birefringence was made by placing 
these wedges at right angles to the longitudinal axes of the 
specimens and compensating for the pattern found in the speci- 
mens, 

In Fig. 14 a plot has been made of retardation versus maximum 
tensile stress and per cent elongation. The correspondence be- 
tween retardation and tensile stress is reasonably close. "The per- 
centages elongation noted at the various individual points indi- 
cate an interesting trend made possible by a variation of the 
standard stretching and cooling technique. It was noted that if a 
drop of warm oil was permitted to run along the length of the 
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Fic. 14 Maximum True Stress Versus Retarpation, Tests at 
23 C 


(Numerals placed opposite individual test points are percentages of elonga- 
tion.) 


specimen while it was cooling in air, a relaxing, annealing effect 
occurred which was reflected in the retardation found subse- 
quently in the birefringence measurements. Fig. 14 shows this 
trend. Two specimens elongated 9000 and 10,000 per cent ex- 
hibit much less retardation than other specimens elongated much 
less. These specimens are also weaker than other specimens elon- 
gated less but which exhibit greater retardation. Some anomalies 
are also to be noted. Three specimens elongated 1200 per cent 
are reasonably equal in strength but show widely divergent re- 
tardations. The best that can be said, therefore, is that a general 
agreement between retardation and tensile strength is to be 
found. 

Low-Angle X-Ray Diffraction. Birefringence measurements 
show that a considerable amount of orientation of some kind 
exists in the stretched polystyrene, presumably caused by align- 
ment of the molecules in the direction of stretching. The ques- 
tion has also been raised—is there an_accompanying regular array 
of molecules or molecular segments which approaches a “‘crystal- 
line” condition such as is found in some other high polymers like 
stretched rubber and nylon? 

Therefore low-angle x-ray diffraction studies were made of 
annealed polystyrene and of material stretched as much as 7200 
percent. Fig. 15 gives some of the results. There is no indica- 
tion of a crystalline structure. The changes in mechanical 
properties, therefore, cannot be attributed to any marked struc- 
tural change resulting in a regular internal array. 


CHEATHAM, DIETZ —-ORIENTATION—MECHANICAL PROPERTIES 
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POLYSTYRENE 


Fic. 15 Low-Anoie X-Ray PHoTocRaPH 


(a, Annealed unoriented polystyrene; cent elongation; 
200 per cent elongation; d ane multiple fibers.) 


CONCLUSIONS 
The following conclusions are drawn: 


1 Tensile strength and modulus of elasticity in the direction of 
elongation are both increased by elongation to approximately 
1200 to 2000 per cent, depending upon load rate, strain, rate, and 
temperature. At higher elongations, tensile strength decreases 
somewhat. Maximum tensile stresses may be doubled or tripled; 
modulus of elasticity may increase by approximately 25 per cent. 

2 In flexure, maximum bending stress and bending modulus of 
elasticity are increased by elongation to approximately 700 per 
cent. Bending stress is approximately doubled, while bending 
modulus is increased approximately 20 per cent. 

3 At all temperatures the tensile and bending strengths of the 
elongated material are greater in the direction of elongation than 
the annealed, unoriented material. 

4 Torsional strength is decreased, while the shearing modulus 
is increased moderately by elongation. 

5 Three-dimensional plots of stress, strain, and time, derived . 
from creep and relaxation tests, show an increasing divergence 
with stress, strain, and time, and the divergence appears to be 
greater at higher elongations. 

6 Maximum strain to fracture is increased by elongation. In 
bending, the material may merely bend through without fractur- 
ing, and in torsion a fibrous separation without actual complete 
fracture may occur when the material has been elongated approx- 
imately 500 per cent or more. 

7 Crazing is lessened by elongation, and in tension at room 
temperature, disappears altogether at approximately 1100 per 
cent. 

8 The fracture changes from a sharp break, likely to be accom- 
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pamed by shattering, at zero ciongation, through a progressively 
more fibrous type of fracture until, at elongations above approx- 
imately 1100 per cent, the fracture becomes completely fibrous. 
Fibrous fracture begins at the periphery of the specimens and 
occupies more and more of the interior as percentage elongation is 
increased. 

9 Birefringence measurements show a marked orientation 
effect in the elongated material, but low-angle x-ray studies ‘re- 
veal no “erystalline”’ patterns. 
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Effect of Absorbed Water on Physical 
Properties of Phenolic Plastics 


By H. M. QUACKENBOS, JR.,' anv J. M. HILL,? BOUND BROOK, N. J. 


The absorption of water by phenolic plastics obeys 
Fick’s law and can be described completely by a saturation 
constant, a diffusion constant, and a simple relation be- 
tween diffusion constant and temperature. Two impor- 
tant consequences of water absorption are that mechanical 
properties change and all dimensions d, the magni 
tude of each ing tor roughly constant for each 
per cent of water absorbed. In practice, expansion may 
give rise to undue warping and high stresses (or even fail- 
ure) and is directly connected with dimensional stability. 
It is shown how these effects may be analyzed rationally 
by using the coefficient of expansion and the constants de- 
scribing absorption. 


INTRODUCTION 

T is common industrial practice to measure the gain in weight 
I of a plastic specimen immersed in water at 25 C for 1 day, 
according to the test sponsored by the ASTM. The result 
is used to check the uniformity of production for a given ma- 
terial and sometimes is taken as showing the absorptive power 
of one material in comparison with others. Such a comparison 
is often misleading because it may be reversed under other 
conditions of time, temperature, and thickness. Curves of 
gain in weight versus time up to 2 years for various thicknesses 
have been established (1, 2, 3, 4, 5). Two papers (1, 5) show 
how Fick’s law of diffusion can be applied to condense the curves 

into two constants that cover all times and thicknesses. 

In practice the effects attending absorption are much more 
important than absorption itself. These effects are as follows: 

1 Deterioration in mechanical and electrical properties. 

2 Expansion, which is related to dimensional stability. 

3 Warping and stresses which arise as a result of expansion 
under certain circumstances. The degree of warping or the 
magnitude of stress may be such that the molded part fails. 

Strangely, much less is known of these effects than of absorp- 
tion itself. A few expansions have been measured (3, 4, 5), 
and one paper (6) analyzes the stresses arising in a wet laminated 
bearing. 

The aim of this paper is to examine the effect of temperature 
on the two constants from Fick’s law and thus derive a general 
expression for water absorption in terms of time, thickness, and 
temperature. Expansion and change in mechanical properties 
are correlated with water absorption. An analysis is given of 
problems involving dimensional changes, warping, and stresses. 

1 Development Department, Bakelite Company, Division of 
Union Carbide and Carbon Corporation. 

* Formerly, Research and Development Department, Bakelite 
Company, Division of Union Carbide and Carbon 
oa Numbers in parentheses refer to the Bibliography at the end of 
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The principles discussed might well be applied to thermoplastic 
and laminated materials. 


Discussion 


Absorption of Water. The principles underlying the diffusion 
of fluids through solids have been treated comprehensively in 
Barrer’s book (7). The basic law resembles that for thermal 
conduction, and Fick’s name is usually attached to it. The 
rate at which a disk absorbs water on immersion may be derived 
(7) from Fick’s law in the form of an infinite series 


where 
Q = per cent by weight absorbed in ¢ hr 
S = per cent at saturation 
D = diffusion constant; cm* hr~' 
L = thickness of disk, em 


The use of Equation [1] can be illustrated in conjunction witb 
Fig. 1, showing the gain in weight of a disk in water at 59 C. 


OBSERVED 
CALCULATED FROM —— 
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° 


40 80 120 160 200 


HOURS 
Fie.1 Assorption or a Disk or Marertat E, 


Water at 59 C 
(Diameter 2 in. and thickness 0.056 in.) 


Saturation, S, reached in infinite time according to Equation [1] 
is virtually reached after 160 hr and has a value of 4.35 per cent. 
With S thus fixed and thickness L known (0.056 in. or 0.142 
em), D can be calculated from Equation [1] by substituting a 
value of Q and the corresponding value of t, both chosen from 
Fig. 1. The mechanics of this calculation is given in Appendix 
(A). When D is calculated from five values of (Q, t) taken from 
Fig. 1 and varying from 0.87 to 4.14 per cent, it is found to be 
fairly constant, with an average value of 5.7 10-* cm? 
This constancy of D means that Equation [1] describes precisely 
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the curve in Fig. 1. To be certain we can reverse ourselves and 
ealeulate several points (Q, 4) from Equation [1], using D = 

7 <* 10° em'* br™', L = 0.142 em, and S = 4.35 per cent. 
These fall nicely on the observed curve, Fig. 1, as expected. 
Some inconstancy of D with amount of water absorbed was 
noted with only two of the six materials examined, A and C, 
Table 1. The disagreement between the observed curve and 
the curve calculated from the average value of D was not serious, 
however, Fig. 2 
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The diffusion constant D varies strongly with temperature 
whereas the saturation constant S showed no significant change 
with temperature. Table 1 presents values of D and S for six 
phenolic materials, and Fig. 3 shows that diffusion constant is 
linear in the vapor pressure of water. This relation is expected 
from theoretical considerations (7) and implies an activation 
energy of diffusion which may be ealeulated from the results in 
Fig. 3 and Table 1, if desired. 

The results of Table 1 are for disks molded only 0.05 in. 
thick, in order to expedite absorption, but they should hold for 
all thicknesses, This was confirmed on examining materials 
A, EB, and F at thicknesses of 0.05 in. and 0.125 in. The curves 
at two thicknesses become congruent when the abscissa is time 
divided by the square of thickness, as in Fig. 4. 

The happy result of obedience to Equation [1] is that the entire 
sum of information about the absorption of six materials of any 
thickness can be conveyed very briefly—in a value of D at 24 C 
for each, a value of S and two charts, Fig. 3 and Fig. 5, the one 
relating D to temperature and the other showing absorption 
versus time, calculated from Equation [1], for fixed conditions. 

The use of these facts can be illustrated by answering the 
question: How much water would a plate of material E, 0.25 
in. thiek, absorb after 100 br in water at 100 C? At24C, D = 
1.7 X 10° em* br= (Table 1). At 100 C, D is multiplied by 
16.2 (Fig. 3), and becomes 27.6. As thickness is '/, in. and is 
twice that in Fig. 5, the effective D becomes 27.6/4 or 6.9 X 
10° em* hr='. Hence time of immersion on the basis of Fig. 
5 is 100 X 6.9 or 690 hr and Q/S = 59 per cent or, when S = 
4.0 per cent, Q = 2.36 per cent. 

It is well to emphasize that Equation [1] and Fig. 5 hold 
only for a plate, ie., a shape in which breadth and length are 
large compared with thickness. When the thickness is ap- 
preciable, say, greater than one sixth of either breadth or length, 
the answer given by the foregoing procedure will be low. 

The precision of both S and D in Table 1 was calculated to be 
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about +15 per cent at the 95 per cent level of confidence. Varia- 
bilities in the experimental procedure, in molding, in changing 
thickness (from 0.05 in. to 0.125 in.), and in changing the tem- 
perature (S only) are all included. A change in batch probably 
would enlarge the variability and, in applying the foregoing 
calculation, one should not expect an answer precise to better 
than +25 per cent. 

In order to avoid complication, all the equations have been 
written for a material containing no water at the start. Actually, 
the materials described contain about 1.5 per cent water, judged 
by the loss in weight on desiccation over sulphuric acid in vacuum. 
If water is added just before molding, the total absorption is 
decreased and the effects accompanying absorption are also 
reduced (8). Such a course occasionally may be desirable in 
practice. 

Expansion in Water. Absorption of water is accompanied 
by expansion along the length or diameter and to a greater extent 
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along the thickness, Table 1. Such anisotropy is expected from 
the well-known circumstance that the particles of filler may 
become oriented during molding. Expansion in length is 
affected slightly by temperature. A precision of +10 per cent 
at the 95 per cent level of confidence covers the variability 
arising from one specimen to another and from changes in tem- 
perature from 24 C to 84C, The same precision holds for changes 
in thickness and volume at 24 C and 59 C but at 84 C the surface 
may blister in spots and increase these changes. 

It is implied in Table 1 that changes in dimensions are pro- 
portional to the per cent of water absorbed. Most of the values 
of Table 1 were determined at or near saturation in order to 
realize maximum precision. A few measurements at half 
saturation showed that the change in length was about 10 per 
cent lower. The reason is connected with the change in the 
modulus of elasticity with absorption. An analysis in Appendix 
(D) illuminates this effect. 

Change in Mechanical Properties. The change in flexural 
strength and modulus of elasticity, during immersion, is illus- 
trated by a few figures in Table 2. Although the gain in weight 
TABLE 2 CHANGE IN MECHANICAL PROPERTIES WITH 

WATER ABSORBED 
Time 
Loss, Flexural Loss, 
per modulus, per 
cent psi X 10~* cent 


Water 
7.8 

24.4 

53.4 

18.5 


Nores: 
E about 3.5. In 
Vein. X in. 


Saturation values, = cent by weight: A about 9, H 8.5, 
I position H closely bles A. All i 


specimens 5 in. 


varies widely with the material and the circumstances of im- 
mersion, the decline in strength and in modulus of elasticity is 
generally about 7 per cent for each per cent of water gained. 
This gives a useful rule of thumb. 

Prediction of Changes in a Plate During Immersion. It is pos- 
sible to calculate the absorption of water for a plate after any 
period of immersion, as in the example in the first section of this 
discussion. The expansion is given by multiplying the absorp- 
tion by the expansions K, and K, of Table 1, and the per cent 
change in mechanical properties by multiplying the absorption 


by 7 per cent. One can thus (a4) compare materials for given 
conditions of immersion, (b) estimate effect of thickness on 
absorption and thus expansion and change in properties. Usually, 
improved dimensional stability attends the use of a thicker piece. 

Changes in a Plate Exposed to Indoor Atmosphere. There are 
other effects that can be analyzed with the same principles but 
less directly, and they will be treated in this and the following 
sections. This section will deal with the dimensional stability 
of a plate exposed to an indoor atmosphere, 

The measured changes for two materials are shown in Fig. 6. 
With the arrival of summer and high humidity on June 21 
(summer solstice), the disks gain in weight, and those 0.05 in. 
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thick appear to attain an approximate maximum fairly soon, 
about July 20. There may be considerable oscillation with 
varying humidity from day to day, reflected more by material 
E with its higher diffusion constant. The maxima reached are 
about 1.3 per cent for material A and 0.7 per cent for material 
E. As expected, these are much below the respective saturation 
values for immersion in water, 8.4 per cent and 4.0 per cent— 
but bear a roughly constant ratio to them. 

It is reasonable to suppose that the diffusion constant, estab- 
lished for immersion, still holds because it does not depend upon 
the concentrations in the disk. Taking the period of high summer 
humidity as 90 days or 2160 hr, and the temperature as a con- 
servative 24 C, we can calculate the approach toward equi- 
librium for various thicknesses. Example: for material A, D = 
0.32 X 10~* cm*hr~' and, in a thickness of 0.125 in., the equiva- 
lent time for Fig. 5 is 2160 < 0.32 or 692 hr and percentage 
of equilibrium, from Fig. 5, is 59. The results are as follows: 

0.125 


59 
100 97 


The predicted gains for material A in thicknesses of 0.125 and 
0.05 in. bear a ratio of 59/98 or 0.60. The actual gains from 
Fig. 6 are in the ratio 0.85/1.35 or 0.63—in excellent agreement 
with the prediction. 

This type of calculation is valuable (a) in showing the effect 
of thickness on gain and hence on dimensional stability for a 
given material, (b) in comparing different materials, making 
the assumption that the equilibrium value is a 8.4 for material 
A and @4.0 for material E, @ being a constant less than 1.0, 
Thus in a thickness of 0.125 in., A would gain 0.59a@8.4 or 
4.95a, and E would gain 0.97 a 4.0 or 3.88a@. Using the dimen- 
sional changes of Table 1, we see that A would expand 4.96a0.23 


Material 
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or 1.04@ per cent in length and Kk would expand 3.88a0.22 or 
0.85a per cent. 

The approach seems applicable to any wetting atmosphere 
and could be applied to sections that follow. In the drying 
atmosphere of winter, material E loses so much more weight 
that other considerations must enter. 

Streasea ina Plate. A plate absorbing water from both sides 
does not warp but it may be subject to internal stresses because 
the outermost wet fibers tend to expand while the drier inner 
surfaces resist expansion. The stresses vary with the material 
and with the degree of absorption. A calculation in Appendix 
(B) shows that the stress at each surface is compressive. It has 
« maximum value directly after immersion and may reach 

9200 psi with a combination of resin and wood flour. The 
stress at the center is zero at immersion and reaches a maximum 
(5900 psi) when the plate is 44 per cent saturated. All internal 
stresses in a plate vanish at saturation. 

It is difficult to predict the effect of these internal stresses. 
They may strengthen or weaken, An immersed phenolic plate 
under no applied stress has never been known to fail. 

Warping for a Plate Wet on One Side. Warping tends to oceur 
when the two sides of a plate are exposed to different humidities. 
In the simplest case, one side is against water while the other side 
is dry. The wet fibers tend to elongate and the dry ones to 
remain unchanged. The plate accommodates these tendencies 
by warping, the dry side becoming concave. The extent of 
warping after a certain time is given by an equation developed 
in Appendix (C) as 


= 1 
d’ 


where 


6 = rDt/L* and symbols have same meanings and dimen- 
sions as in Equation [1] 

d = actual deflection (with respect to a plane through the 
four corners) 

d’ = maximum deflection (at infinite time) 


K ( 
= 
8L 
K, = percent change in length per per cent water absorbed 
(see Table 1), divided by 100 
saturation water content, per cent 


i, = width of plate 
length of plate 


~ 


A plot relating d/d’ to time is given in Fig. 7 for a thickness 
of 0.125 in. and a diffusion constant of 1 X 107% em* hr. In 
calculating deflection for a different thickness and a different 
diffusion constant, the procedure followed resembles that already 
described for Fig. 5 and Equation [1]. 

Actual and predicted deflections are compared in Fig. 8, d’ 
being calculated from the following constants: A, = 0.22 per 
cent per per cent, S = 4.0 per cent, L = 0.125 in. or 0.25 in., 
= = 5 in. D was taken as 1.7 X em* hr-'. The 
predicted warping tends to be high because one of the assump- 
tions made in developing the expression for d’ was that the 
radius of curvature was very large. As expected, the agreement 
in Fig. 8 is better with the greater thickness 

The various materials of Table 1 have quite a large range of 
the constants that enter Equation [2] and thus can be ex- 
pected to show quite different deflections. For a given material, 
warping is less with a greater thickness, 
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An average temperature would have to be used in applying 
Equation [2] when the water was hotter than the air in contact 
with the dry face. 

Expansions and Stresses in a Cylinder With One Surface Wet. 
A cylinder acquires stresses and expands in length, diameter, 
and wall thickness when one surface is wet and the other is dry. 
An expression developed in Appendix (£) gives the expansions 
with respect to the origina] dry state as 


= = 0.49 K.S(1 —0.825e—* + 0.01 e~ — 0,092 e~™) [3] 
where 


= longitudinal and diametra) (or circumferential) ex- 
pansions, respectively, and are in per cent when 

K, and S are taken from Table 1 
0 = r*Dt/L*, see Equation [1], L now being wall thick- 


hess 


The diametral expansion gives the per cent expansion of the 
inner diameter, the outer diameter, and the thickness of the wall. 

Equation [3] is expressed graphically in Fig. 9 for a certain 
thickness and a certain value of the diffusion constant. This 
may be used to predict expansions in the manner described 
already for Fig. 5 and Equation [1], and Fig. 7 and Equation [2]. 
Note that the expansions approach 0.49 K,S at long time. 

Equation [3] loses accuracy when the wall thickness is greater 
than 25 per cent of the inside radius and if K, is more than twice 
K, (see Appendix EZ). 
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At the dry surface, the expansions or strains given by Equation 
{3} cause tensile stresses. With equal strains along the longi- 
tudinal and circumferential directions of the dry face, there are 
equal stresses along these directions given by the strain multi- 
plied by E/(1 — yw), where E is the modulus of elasticity and 
uw is Poisson’s ratio. At long times, these stresses approach 
0.49 EKS/(l — pw) or 0.7 EK.S where pw is 0.3. At the wet 
surface the expansions approach 0.49 K,S whereas if free that 
surface would expand to A,S, being saturated. The stresses 
at the wet face are thus compressive and equal to 0.51 EK,S/(1 — 
w) or roughly 0.7 EK,S again.‘ The wall is evidently under a 
condition of biaxial flexure. The maximum flexural stress, psi, 
0.7 EK,S, can be calculated for the materials of Table 1, using 
E = 10° psi, as: A — 13,500, 5 1700, C — 10,600, D — 4900, 
E — 6100, F — 9000, G 10,600. Now the short-time 
flexural strength is of the order of 10,000 psi and the long-time 
(1 year) strength may be about 5000 psi (9, 10). Therefore 
in a wet-dry cylinder ultimate failure is probable with all ma- 
terials except asbestos-filled B. There has been some practical 
confirmation, of this prediction, with wash-drums in the rayon 
industry. Equation [3) tells us that life can be prolonged by 
increasing wall thickness. 

In Figs. 10 and 11 the predicted expansions agree well with 
those measured with electric gages at the dry outside surface 
of a cylinder containing water. The agreement is poor in Fig. 
12, in part because (a) the diffusion constant for this material 
holds only reughly at low absorptions, (6) saturation value is 
high and the neglected effect of absorption on modulus of elas- 
ticity becomes important. 

Expansion of a Cylinder With Both Walls Wet. When a 
number of simplifying assumptions are made, the expansions in 
length and in internal and external diameters can be taken as 
K. The quantity of water Q absorbed can be calculated 
from Equation [1] or Fig. 5, using the thickness of the wall. A 
cylinder thus resembles a plate except that thickness expands 
according to K, and not K,. This procedure holds quite well 
if the ratio of wall thickness to inner radius does not exceed 0.1 
even when K, is as high as 5K,. However, if this ratio ix 0.25 
the outer diameter expands about 10 per cent more than ex- 
pected and the inner one about 12 per cent leas than expected 


* Stresses are actually lower because modulus of saturated material 
is low. 
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for each onefold increase of K, above K, These figures are 
based on analysis at saturation but are assumed to hold for partial 
absorptions (see Appendix F.) 

Determination of Diffusion Constants and Changes in Dimen- 
sions. Six disks of each material were molded with a cure of 5 
min at 300 F and under a pressure of 7800 psi. The disks were 
2 in. diam and about 0.05 in. thick. Two disks were immersed 
at each of three temperatures, 24 C, 59 C, and 84C. Two 
disks 0.125 in. thick were molded of materials A, E, and F 
under the same conditions and were immersed at 27 C (A, E) 
and at 84 C (F). The curves of absorption versus time were 
determined simply by weighing disks before and at various 
times after immersion. On removal from the water, a disk was 
wiped with a dry cloth, weighed, and returned to the water, all 
in a period of about 2 min. When immersion was in hot water, 
contained in a beaker in a well-regulated oven, transfer was first 
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made to cold water and then to the balance. Calculation of 
diffusion constant D, and saturation constant S, was made as 
outlined in Appendix (A). 

Changes in length were calculated from measurements taken 
with a micrometer at the ends of two diameters marked on the 
disk with a seriber. Volume was determined from mass and 
density measured by displacement of water. Per cent change 
in thickness was taken as per cent change in volume minus twice 
per cent change in length. These measurements were usually 
made at or near saturation at 59 C. A few were made under 
other conditions. 

The initial thickness L used in computing diffusion constant, 
was measured at five different points to give a good average. . 

Warping of Plate. Plates were molded 6 in. square and 7, 
in. and '/, in. thick, They were cut to 5'/, in. square and placed 
on top of a box, 5 in. square and having a broad lip. When the 
box was kept brimming with water it was found that the entire 
lower surface of the plate remained wet even when it was badly 
warped. Bow was measured with the aid of a micrometer dial 
gage, reading to 0.001 in., held with the stem vertical. The 
four corners of the dry face made contact with a plane surface 
while the stem pressed against the middle of the domed wet 
face. 

Strains in a Cylinder. The cylinder (slightly tapered) was 
made by cutting off the bottom of a molded cup (used in the 
“cup-closing test,” ASTM D-731-44T). The average inside 
diameter was 2 in., the wall thickness was 0.095 in., and the 
length was 2 in. Electric strain gages were applied circum- 
ferentially and longitudinally to the outside surface. The cup 
filled with water was weighted down so that it stood vertically 
in mercury '/, in. deep. The gages were connected to the usual 
meter and were read against dummy gages affixed to a similar 
dry cup, standing nearby. 

Change in Mechanical Properties on Immersion. The bars, 
measuring 5 X '/: & '/: in., were molded with a cure of 5 min 
at 320 F under a pressure of 6250 psi. They were tested in 
flexure (ASTM D-790-44T) with and without exposure to water. 

Weight in Indoor Atmosphere. Disks were molded as before, 
exposed to the atmosphere of an office, and weighed regularly 
in duplicate, beginning 3 days after molding. 
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Appendix I 


MATHEMATICS OF ABSORPTION 

This Appendix will give the developmerit of various relation- 
ships bearing on the absorption of water and its effects and will 
illustrate them by calculation. 

(A) Calculation of D. A plate immersed in water gains 
weight according to the following equation derived from Fick’s 
law: 

8 


° 


When the second term [(8/m*)e~*| is 0.75, 8 is easily calculated 
as 0.0761. The third term is then 0.045, the fourth term is 
0.005, and remaining terms are negligible. Hence Q/S = 1 — 
0.75 — 0.045 — 0.005 = 0.200. Thus, if we know the time ¢ 
corresponding to Q/S = 0.20, D is calculated from the relation 
6 = w*Dt/L* = 0.0761. As Q/S rises, the third term and sub- 
sequent terms become less important. When (8/r*)e~® = 
0.595, Q/S = 0.400. For (8/*)e~® = 0.400, only the second 
term need be considered, i.e., Q/S = 0.600. Similarly, for all 
values of (8/m)e~® < 0.400, terms other than the second are 
negligible, and D may be calculated quite simply. 

Table 3 illustrates the practice, followed in this paper, of 
calculating D at five values of time; the values are drawn from 
Fig. 1. 


TABLE 3 VALUES OF D 


10 
2 


b, X 
(L = 0.142¢m, 8 = 

In Fig. 2, S = 8.1 per cent, L = 0.124 cm, and the values of 
D for Q/S = 0.2, 0.4, ete., were, respectively, 1.6, 2.6, 3.4, 4.5, 
and 4.8 cm? X 1075. 

In connection with determining the asymptote S, of the Q—i 
curve it is easy to calculate that if ¢’ is the time to reach 0.98 
then 0.958 will be reached at 1.33t’ and 0.99S in 2.10¢’. The 
Q—t curve was plotted as the weighings were made and the im- 
mersion was prolonged to allow at least two weighings in the 
region past 2.10t’, 0.9S and ¢’ being estimated from the general 
path of the curve. Past 5t’ (about 5 days at 84 C when thick- 
ness was 0.05 in.) the weight fell gradually, presumably because 
of solution in the water. 

(B) Stresses in a Plate Absorbing Water From Both Sides. 
Consider a layer dr thick distant z from the surface of a disk 
absorbing water, Fig. 13. With respect to the dry condition, 
the plane chosen and all planes parallel to it will have expanded 
€ per unit length. Let c = per cent water gained by the layer, 
Ky = per cent lengthwise expansion per unit water gain at the 
layer, E = modulus of elasticity of layer; therefore 


Force per unit width of layer = E(e — K,c)dr.....[4] 
As there is no net external foreé on the disk 


Be — Ke)dz = 0.. 


A second equation is usually needed in these circumstances 
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to equate moments of force to zero. However, when net force 


is zero, net moment is zero because absorption is through two 
faces, and forees are symmetrical about the center line, Fig. 14. 


— 
TENSION COMPRESSION 
Fic. 14 Srresses Disk Apsonsine Water 


If E and K;, are constant, Equation [5} becomes 
EK. f, = 
but 
edz = QL 


where Q is per cent gain for the whole disk. 
Hence from Equation [6] 


EK.QL = EeL 


e=KQ 


Equation [7] means that the change in length of the disk is 
proportional to the per cent gain in water. This derivation is 
actually not valid because E depends onc. A little thought will 
show that the effect. of this is to make € per unit of water more 
at saturation than below saturation. 

The stress in a layer is described by Equation [4]. Immedi- 
ately after immersion the outer fibers are saturated (an assump- 
tion made in deriving Equation [1]), € is small and the stress at 
the surface approaches —EK. At saturation for a wood- 
flour-phenolic compound, ¢ = 8 per cent. Also K; = 0.23 and 
E = 1 X 10' psi (dry) or 0.5 X 10* psi, (wet). With the latter 
value of E the stress is —-9200 psi, i.e., 9200 psi compression. 
As absorption continues, this stress falls and reaches zero at 
saturation 

At the center the internal stress is tension. It is zero on 
immersion, reaches a maximum and becomes zero again at 
saturation. The maximum value is obtained roughly as follows, 
E being assumed constant 

Stress = from Equations [4] and [7] 
Now, according to Barrer (7) 


where, ¢, z, L have already been defined in this section and 8S, 
@ have been defined in section (A). From this equation and 
Equation [1] and with the fact that z = L/2 at the center line 


when higher terms are ignored. 

On differentiating and equating to zero to give the maximum 
value, we find that @ = 0.375, and the maximum value of Q — 
¢ = 0.328 at which time Q = 0.448. Therefore stress, being 
EK<{Q — ce) ia 1 X X 0.23 X 10-* X 0.32 K 8 = 5900 psi. 

(C) Warping of a Plate Absorbing Water From One Side. 
The warping can be assumed to be the sum of two actions as 
follows: 

(a) The plate expands but does not warp, each section under- 
going the same expansion € in such a way that the net force is 
zeTo, 

(b) Bending moment is not zero under (a), and the plate 
warps to bring net bending moment to zero. Net moment and 
net force are thus both zero. 

After expansion (a), each layer of the plate is under a stress 
given by E(e — Kyc) exactly as in Equation [4], ¢ varying from 
zero at the dry side to S at the wetted surface. Equations 
{5}, [6], and [7] also hold, and the stress at each layer is again 
EK&{Q — c). Modulus of elasticity E is assumed constant; 
the error resulting is discussed in Appendix (D). 

Now let the bar warp. A layer distant z from the wetted 
surface acquires a certain strain €, such that 


€, = €,,(1 —2z/L) 
where 


zx = distance from wet side 
L = thickness of bar 


This represents a linear bending strain having a value of zero 
at the center, and a maximum numerical value, €,, at each sur- 
face (compression at the dry surface, tension at the wet). The 
net stress at layer is now EK{Q — c) + Ee,, and the moment 
about the center line is — c) + €,)(L/2 — r)dz. For 
moment equilibrium 


Ef,’ (KdQ—c) + €][L/2—z\dz = 0 


On substituting for €, from Equation [10] and remembering that 
Q (the per cent gain for the whole disk) is independent of z, we 


have 
L L L 
2 0 0 
x {12} 


= QL 


we can reduce the expression to 
2 2 
+ 


Now, when the dry surface is in equilibrium with the air, the 
concentration at this surface remains zero. The outermost wet 
surface, of course, has a concentration of water expressed by 8. 
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Under the circumstances c and Q are given by Barrer (7) as 


8 
~ 


{15} 


where the symbols have the meanings given previously. 

When these values are substituted into Equation [13] and it 
is remembered that e~* is constant with z, an expression for 
€,, is easily derived as follows 

8 6 15 2 

= K, 2 (: e e 


where 


This expression is readily handled in the manner discussed 
under Appendix (A). For example, when 


6 


the third term is calculated as 0.029 and, as the third and subse- 
quent terms are negligible, ¢,, = 0.571K.S/2. If D = 1 X 
10-* em? hr=! and L = 0.125 in. = 0.318 cm, ¢ = 107 hr from 
40 = 0.417. This gives one point on Fig. 7. 

Note that, at infinite time, the distribution of concentration 
is linear from the wet to the dry side and ¢,, = K,S/2. It 
needs no mathematics to check this result. 

The warping of a plate is expressed more readily as the de- 
flection d’, at the center with respect to a line joining the center 
points of opposite edges. Then 


e~* = 0.400 or 40 = 0.417 


If the warping is measured with respect to a plane through the 
four corners it is 
K 
d 8L 
when 


l, = length of plate 

l, = breadth of plate 
and the plate is assumed to have a spherical surface. This cal- 
culation of d’ only holds when the deflection is small (11) and 
otherwise the answer is high. 

(D)_ Effect of Varying Modulus of Elasticity on Expansion and 
Warping. This will be calculated only for the simple case in 
which the water content is distributed in linear manner across 
the section from the wet face (c = S) to the dry (c = O). Hence 


Let the modulus of elasticity distant z from the wet face be 
E, and be given by 
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E, = E(i — 0.07) 
(See Discussion.) Where 


E = modulus of elasticity for dry state 
¢ = per cent concentration at z 


Equation [5] for the balance of net force then becomes 
L 
ef (1 0.07 =) (« 
A L 


0.07 
2 3 


K.zs 
L Jae = 0 


Ks) 0.0358). {22} 
If K, = 0.23 (per cent per per cent) and S = 8 per cent, with 
the extremely absorbent combination of wood flour and phenolic 
resin, we see that € = 0.801 per cent instead of the 0.92 per 
cent when the modulus is constant and equal ‘to E. The dif- 
ference is 13 per cent. 

With respect to the original dry condition, all layers expand 
0.801 per cent. In the new condition—one face wet, the other 
dry—the dry face is under a tension strain of 0.801 per cent, 
and the wet face is under a compression strain of 8 X 0.23 — 
0.801 or 1.039 per cent. The distribution of strain across the 
thickness is linear. The layer of zero stress and zero strain is 
not at the center line (as when E was constant) but is 0.435 L 
from the dry face. 

When the bar warps a linear distribution is imposed equal 
and opposite to that described, and the stress at any section is 
zero. This warping, expressed as d’ in Equation [18], actually 
will be just the same as with constant FE, because the ratio— 
bending strain/distance from neutral axis—is the same in the 
two cases. For example, with constant E a sample value is 
0.92/0.5L or 1.84/L, and with varying Z it is @.801/0.435L or 
1.84/L. 

(E) Calculation of Stresses in a Cylinder With One Wall Wet. 
A cylinder kept wet on the inside and dry on the outside acquires 
stresses. The solution resembles that given by Timoshenko 
(12) for a eylinder having a temperature gradient across the 
wall. The stresses arise because of the unequal distribution 
of the tendency to expand (at), where a is the coefficient of 
linear thermal expansion and ¢ is the temperature. In the 
simplest case of water absorption at is replaced by Kyc, where 
K, is the “coefficient of water expansion” and c is the concen- 
tration of water, and Timoshenko’s expressions for the strains 
then become 


where 


¢,’ = longitudinal strain in wall (uniform across thickness) 
¢,’ = circumferential strain at inside wet wall or at outside 
dry wall (the circumferential strain is not uniform 
across the thickness) 
b = outside radius 
a = inside radius 
r = radius to a point within wall where concentration is c 


These strains are those with respect to the original dry condition 
and both are positive (expansion). 

The diffusion of water through the wall of a cylinder cannot 
be described readily and in order to simplify the integration 
of Equation [23], Equation [14] for the plate will be used. This 
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can be expected to hold as long as the thickness of the wall is 
smal] compared with the radius of the cylinder. Replacing z 
of Equation [14] by r — a, L by b — a and substituting in 
Equation [23] we find that 


3 b—a 


4K.S (b — a) 
b+e 


When 6/a is not greater than 1.25, the first term is 0.49 K.S to 
+2 per cent for all values of b. Terms past e~® can be ignored 
and, as the term involving e~™ is small, an average value of 
0.05 for (b — a)/(b + a) can be taken for the range of b/a 
considered; hence 


= 


€, 
0.49 KpS(1 — 0.825¢~* + 0.010e— — 0.092e—™). . [25] 


This expression is readily plotted as in Fig. 9 and holds within 
the limit of b = 1.25a and provided that the strains are not small, 
ie., less than 14 per cent of the maximum value of 0.49 K,S. 

The same expression can be taken also for the reverse condi- 
tion when the outside wall is wet and the inside wall is dry. 
The second and third terms of Equation [24] are then the same, 
and the first term is about 8 per cent higher when b/a = 1.25. 

The assumptions made in deriving Equation [25] are that 
(a) b/a is $1.25, (6) modulus of elasticity F, Poisson’s ratio pu, 
and “coefficient of expansion” K,, are all independent of direc- 
tion and concentration of water. Little is known of Poisson’s 
ratio except that dry phenolic materials show a value (13) of 
about 0.3. By analogy with the plate of Appendix (D), expand- 
ing before warping, it appears that the variation of E with water 
content might make the expansions about 13 per cent high 
(maximum) when calculated from Equation [25]. The results 
of Table 1 show that K is usually at least twice along the radial 
direction as along the tangential and longitudinal directions. 
Failure to allow for this introduces only a small error according 
to the calculation following. 

The derivation when K is not constant in all directions 
resembles that of Timoshenko, except that the whole procedure 
is more complicated. Only the major steps will be indicated. 
It can be shown that 


r r 
a a Ja 


where 


u/r = €, (tangential strain) 
du/dr = ¢, (radial strain) 
B = [(2uK. + — (1 — w) 
M = (K, — K.)(1 — 2u)/(1 — p) 
K, = coefficient in longitudinal and _ circumferential 
directions 
K, = coefficient in radial direction 
uw = Poisson’s ratio 
r,c = as before 
C,, C; = constants of integration 
It follows that 
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B b 
re dr 
dr — yey 


Next, €, is derived from the fact that there must be no stress in 
the Z direction, i.e., 2fvor dr = 0, where o, = stress in Z- 
direction at any point—hence €,. Atr = 6 the particular values 
of ¢, and €, are given by 


€,'(b? — + — = [2B(1 — — 2p) 
— 2M(1 — re dr + 2My(1 — fs dr 


— a*1 + — 2p) = [2B(1 — — + 2M 


+ — ial dr 


The equation for €, at r = a is similar to that for «’, except 
that the second term is | 


6 
dr 


Note that Equation [28] reduces to Equation [23] when K, = i 
K,. 
The integrals involved cannot be evaluated readily for the 
general expression for c, Equation [14]. For simple linear dis- 


(27) 


{28} 


} 
tribution when 
S being the concentration at saturation, the strains become 
Ma — 
W+ 


(1 + — — a*)b—aa 


€atr=a 
M(1 — 
tay —a 


x[- “(1 + © (5 + + 


b 
— bX1 + log — +» 


49 

| 


TRANSACTIONS OF THE ASME 


2B1—y) 
(1 + —at)b mG 3 ] 


when 


b= lla p= 03 
= S (O.49K, 0.001K,) 
« = S(0.469K, + 0.021K,) 
atr = = 8S (0.526K, 0.037 K,) 


With the extreme condition K, = 5K,, the effect on ¢,’ is neg- 
ligi' Je, and ¢, is about 17 per cent higher than when K, = K,. 
At r = a, €, is much more sensitive to changes in K,, but this 
affects only the prediction of the internal diameter. 


(F) Stresses and Strains in a Cylinder With Both Walls Wet. 
If the cylinder is saturated, strains at the surfaces are easily 
found by substituting ¢ = saturation constant = S in Equation 
{28) and integrating. The resulting expressions are 


= KS +(K,—K,)S8 (0 at — 2a* log 
a 


atr=a 


= KS + (K,— — og?) / 


at b/a = 1.25 
= KS + 0.10(K, — Ky)S 
e’=KS 
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atr=a 


= KS — 0.12(K, — K,)S 


At b/a = 1.1, the numbers 0.10 and 0.12 become 0.05. 
These strains give the dimensional changes of a saturated 
cylinder. 

The stresses at the surfaces are easily calculated by substitut- 
ing the strains in the basic equations relating stress and strain 
(see Timoshenko) and making the radial stress o, = 0. At 
outer surface, b/a = 1.25 


a, = 0.10. K, — (circumferential stress) 


1 — 
a, = wo, (longitudinal stress) 


If K, — K,y = 0.2 per cent per per cent of S, S = 4 per cent, 
E = 10° psi, o, = 440 psi, ¢, = 132 psi, and both are tension. 
In the same way the stresses at the inner surface are compres- 
sion and are of the same small magnitude. 

These derivations are of interest in connection with Gurney 
and Hammond’s equations (6), which are indeterminate for this 
case of uniform modulus of elasticity. 

If the cylinder is not saturated, the distribution of water with 
time and position is given (7) as 

b—a 3r b—a 
[34] 
using the same formula as fora plate. This is not readily manipu- 
lated on substitution in Equations [28] and it will be sub- 
stituted only in the simpler Equation [23]. The series part of 
the integral has the form of Q/S in Equation [1] and hence 
= KQ 


and these are also the expansions at the inner surface. 


and 
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A dynamometer is described for measuring independ- 
ently the normal and tangential forces in surface grind- 
ing. These forces are correlated with such variables as 
wheel speed, table speed, depth of cut, direction of table 
motion, grit material and size, specimen hardness and 
dressir.g technique. Specific energy is found to be the best 
criterion for interpreting grinding data. X-ray diffraction 
methods are employed to study the surface stresses and 
the depth of cold work induced by grinding. 


INTRODUCTION 


HILE the grinding operation represents one of the most 

important industria] processes for removing meta] from 

machine parts and producing fine finished surfaces, the 
basic mechanism of this process has not been investigated to the 
same extent as other machining operations. The reason for this 
probably lies in the inherent difficulties encountered in such 
studies due to the random geometry of the cutting points and the 
relatively small forces involved in grinding. 

Though both the grinding and single-point cutting operations 
are practiced with the same general cbjective—the removal of 
metal, the cutting speed, chip size, and tool geometry are sig- 
nificantly different. In grinding, the cutting speed is usually 
about 6000 fpm, whereas in other cutting operations it varies 
from about 10 fpm to a few hundred fpm. In grinding, the 
nominal depth of cut is usually of the order of 0.001 in. whereas 
the real depth of cut of an individual abrasive grain is 0.0001 in. 
or less. On the other hand, the depth of cut in single-point cutting 
is usually several thousandths of an inch. Another important 
feature of the grinding operation is the random geometry of the 
individual cutting points. The fact that abrasive grits are of 
small lateral extent enables plastic flow to occur in a direction 
normal to the direction of relative motion, as manifest by the 
individual! scratches left on a ground surface. On the contrary, 
it is well known that little side flow is found in single-point cutting. 

The significance of these important differences between cutting 
and grinding are not adequately discussed in the engineering 
literature. It is felt that the real mechanism of grinding can be 
understood only by a systematic quantitative study of the 
process. The present paper presents a few of the initial measure- 
ments and observations that have been made as part of a general 
study of grinding that is being conducted in the Metal Cutting 
Research Laboratory at M.L.T. 


APPARATUS 


The surface-grinding operation was chosen for initial study 
since it enables the normal and tangential force components to 
be most easily measured." A conventional 6 X 18 surface grinder 
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was fitted with a d-c shunt motor to allow the wheel speed to be 
varied over the range of 2200 to 3500 rpm, while the hydraulically 
operated table provided uniform table speeds from 2 to 16 fpm. 
Higher values of table speed were not used because of the adverse 
effects of high inertia forces. 

The dynamometer employed is shown in use in Fig. 1, while its 
principle of operation is evident in the schematic diagram shown 
in Fig. 2. Workpieces are held in the vise attached to the 
aluminum I beam (1) and the I beam is supported by four circu- 
lar rings (2). The vertical component of the grinding force is 
measured by noting the strain in the four rings by means of wire- 
resistance strain gages. The rings in turn are mounted on a 
horizontal frame (3) which is free to roll on the ball-bearing sup- 
ported shafts (4). The lateral motion of the unit is restrained by 
a long wire (5) which is attached to the frame at its ends and to 
the I beam near the middle. Another force-measuring ring (6) 
which is fitted with 4 strain gages connected to form a complete 
bridge was used to measure the horizontal component of the 
grinding force. The horizontal load-measuring ring is made in- 
dependent of vertical loads by making the wire sufficiently long 
that the angle through which it moves due to vertical deflections 
will require a negligible change in length. 

Two strain gages are mounted on each of the four vertical 
rings. These gages are connected to form the arms of a Wheat- 
stone bridge as shown in Fig. 3(¢). By means of this arrange- 
ment the vertical-force reading is independent of the point of 
load application both along and across the I beam. The correct 
vertical force will thus be obtained regardless of the relative 
position of the wheel and work during table traverse or cross- 
feed. The bridge circuit for the horizontal ring is shown in Fig. 
3(b). This arrangement provides a compact element of high 
sensitivity and optimum temperature compensation. 

The output from the vertical and horizontal bridge circuits 
was amplified and recorded by means of a two-pen Brush Strain 
Analyzer. At maximum amplification a pen deflection of one 
mm on the chart corresponded to 0.02 lb horizontal load and 0.05 
Ib vertical load. 

The dynamometer was calibrated vertically up to 50 lb using 
dead weights and horizontally up to 10 lb using a spring-type 
push seale. Both the vertical and horizontal systems were com- 
pletely linear and there was negligible interaction between 
horizontal and vertical forces. The calibration is so conveniently 
performed that it may be directly checked before and after each 
series of test points. While some flexibility must usually be 
introduced in any dynamometer, it is important that the system 
remain as stiff as possible. The spring constant of the present 
dynamometer is 11,900 lb per in. in the vertical direction while 
that for the grinder itself is 15,800 lb per in. Thus the intro- 
duction of the dynamometer reduced the total stiffness to a value 
slightly over half its original value. 
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A dashpot (7) in Fig. 2 was installed between the I beam and 
the base of the dynamometer in order to damp out troublesome 
extraneous vibrations. Additional information concerning this 
and other strain-gage tool dynamometers has been recently pre- 
sented in another paper.* 


“Electric Strain Gage Dynamometers,” by E. G. Loewen, E. R. 
Marshall, and M. C. Shaw, Proceedings of the Society for Experi- 
mental Stress Analysis, vol. 8, no. 2, 1951, p. 1. 
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Fie. 1 


Fre. 2) Senematic Diagram or Gainping DyNaMoMETER 


ProcepURE 


The material ground was SAE 52100 steel having the following 
analysis: carbon, 1.00; manganese, 0.35; phosphorus, 0.016; 
sulphur, 0.013; silicon, 0.28; chromium, 1.44. The specimens 
were received in the form of rolled bars */, in. square, and were 
machined to '/; in. square in order to eliminate any surface 
decarburization. 

Four 8in-diam X */-in. grinding wheels were used in these 
tests having the following designations: 


32 A 36, HSVBE 
32 A 46, HAVBE 


32 A 60, H8VBE 
37 C 36, 


The first three of these wheels had aluminum-oxide abrasive grits 
(32 alundum) of 36, 46, and 60 grain size, respectively. The bond 
had a medium low strength (H), the grain spacing was fairly 
high (8) and a vitreous bond (VBE) was employed. This type 
of wheel is frequently used in grinding hard steels. The fourth 
wheel had silicon-earbide abrasive grits (376) of 36 grain size, 
medium bond strength (J) and the wheel had a vitreous bond (V ). 
This type of wheel is normally used to grind materials of low 
tensile strength. 


IN OPERATION 


A specimen measuring '/; in. sy X 3 in. was used in two grind- 
ing positions, first with the 3-in. dimension in the direction of 
cut, and then with one of the '/--in. sides in the direction of cut. 
In all tests the */-in. wheel overlapped the workpiece and no 
cross-feed was used. Force traces corresponding to the two 
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grinding positions are shown in Fig. 4. The traces corresponding 
to the first grinding position, Fig 4(a), rise steadily and it is 
difficult to select a value that is representative of the test condi- 
tion. A heat wave extends in front of the wheel and the resulting 
expansion causes a steadily increasing depth of cut and conse- 
quent steady increase in the temperature in front of the wheel. 
However, when the specimen is placed in the second position with 
a '/-in. face in the direction of cut, the foree curves have a char- 
acteristic flat top the value of which may be taken as representa- 
tive of the test condition. Consequently, all tests were made 
with the specimens oriented with the */;in. dimension in the 
direction of cut 

If the grinding whee! is brought level with the work and then 
fed downward and a cut taken, the depth of metal removed will 
be a fraction of the downfeed due to elasticity in the system. 
However, if the wheel is fed downward successively after each 
cut, the depth of cut will quickly approach the downfeed. Hence 
in the following discussion the forces recorded refer to the equilib- 
rium condition in which the depth of cut has become equal to 
the downfeed 

In surface grinding the table can carry the workpiece in the 
direction of wheel travel or against it. A series of tests in which 
equal successive cuts were taken with wheel and work moving 
in the same direction gave the same force values within experi- 
mental precision as tests in which all cuts were made with wheel 
and workpiece moving in opposite directions. Hence subsequent 
force values recorded were measured without regard to the direc- 
tion of motion of the table. It was demonstrated that the wheel 
did not take a cut equal te the downfeed on the first pass. The 
downward cutting force pushed the workpiece away from the 
wheel against the spring in the grinding system. Several cuts 
were found necessary to equalize downfeed and cut. 

The corresponding force records shown in Fig. 5 demonstrate 
the manner in which the magnitudes of the forces also level off 


H 


Fic. 3(6) Circurr ror Horizontar Force 


(a) With 3 in. dimension in 
direetion of cut 


(b) With '/: in. dimension in 
direction of 


eut 
Fic. 4 Grinpine Force Traces ror Lone anp Specimens 


(Work area, 3 X in.; wheel, 8 X */sin.; No. 32A46~- H8VBE; wheel 
speed, 6300 fpm; table speed, 4 fpm; downfeed, 0.001in.) 


Fic. 5 Force Traces ror a Numper or Successive 
Cours. Weer, x In., No., 37C36JV; Waeet Sreep, 6300 
Srem; Taste Sreep, 4 Fem; Downreen, 0.00025 In. per Pass 


as the depth of cut approaches the downfeed, and the manner in 
which spark cut occurs when the downfeed is diseontinued. The 
fact that the cutting forces are independent of the direction of 
motion of the table may be readily verified by comparing the 
heights of adjacent force peaks in the central portion of Fig. 5. 

The grinding-force components corresponding to an otherwise 
fixed set of grinding conditions vary considerably with the man- 
ner in which the wheel is dressed. One set of values will be ob- 
tained by crush dressing and several sets of values may be ob- 
tained by diamond dressing depending upon just how the diamond 
is applied. The method which has given the most reproducible 
wheel condition was suggested by Dr. L. P. Tarasov and con- 
sists of using a dressing diamond in the form of a four-sided 
pyramid having plane faces. A face of this diamond is held so 
as to be tangené to the surface of the wheel during the dressing 
operation. By rotating the diamond so that a new face is used 
each time a wheel is dressed, the shape of the diamond tends to 
be maintained. The wheels used in subsequent teste were 
dressed using a standard Vickers diamond pyramid, 0.0005 in. 
downfeed being used per pass until the wheel was clean and true 
and then further passes without downfeed being taken to allow 
spark cut. When studying the effect of a variable such as depth 
of cut, the wheel was dressed and then the entire run made with- 
out redressing. This permitted greater reproducibility than if 
dressing interceded. The forces were checked for the same cut- 
ting conditions before and after each run to insure that a constant 
wheel condition had been maintained. 


Resuvts Discussion 


The influence of a number of grinding variables upon the grind- 
ing-force components was studied by changing one variable at a 
time. The quantities investigated and their range of variation 
are listed in Table 1. Each of these variables was studied for 
the three alundum wheels and the one silicon-carbide wheel 
previously described. The results of this survey are given in 
Figs. 6 to 9, where each data point represents the average of 10 
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TABLE 1 VARIABLES AND THEIR VALUES WHEN HELD CON- 
STANT 
when 
Value when independent 
Variable held constant variable Unite 
Depth of cut 9. 0.00012 to in. 
Tabie speed 2 16 f 
‘able to m 
3000 2250 to 3500 > 
Specimen width.......... 0.5 0.14005 in. 
Specimen 43 18 to 65 Rockwell C 


The depth-of-cut data shown in Fig. 6 were obtained at steadily 
increasing depths until the surface of the work became badly dis- 
colored, indicating that excessive heat was being generated. This 
point was reached at a smaller depth of cut for the wheels of finer 
grit size. 

The grinding-force components for the three alundum wheels 
are seen to be about the same, while corresponding values for the 
silicon-carbide wheel were about twice as great. All curves are 
seen to be linear up to a depth of about 0.001 in. where the slope 
begins to fall off. 

The curves for different table speeds shown in Fig. 7 are similar 
to those of Fig. 6 with the exception that these curves are non- 
linear almost from the start. The forces for the silicon-carbide 
wheel were only slightly lower than those for the alundum wheel 
for the same table speed although the depth of cut was but one 
third that for the alundum wheels. 

The curves of Figs. 8 and 9 show that the cutting forces are in- 
versely proportional to the wheel speed and vary directly with 
the width of cut. 

The data of Table 2 show the results of tests with specimens of 
varying hardness. It is evident that the hardness of the speci- 
men when varied over a wide range had negligible influence upon 
either the normal or tangential forces. This result was com- 
pletely unexpected in the light of single-point cutting experience 
where the cutting forces generally increase with the hardness of 
the workpiece. This observation suggests that significant dif- 
ferences exist in the mechanisms of grinding and single-point 
cutting. 
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Fig. 11 the last force traces of a long series of identical cuts is 
shown. The cutting forces are seen to begin to rise quite abruptly 
as the wheel begins to load. The vertical force increases more 
rapidly than the horizontal force, the grinding coefficient going 
from its essentially constant equilibrium value of 0.50 to a value 
of 0.33 at the last cut shown in Fig. 11. The rapid increase in 
vertical force for equal successive downfeeds here indicates the 


TABLE 2 GRINDING-FORCE COMPONENTS FOR SPECIMENS OF DIFFERENT HARDNESS 


Depth Wheel Hardness, Rockwell C 

of grain 18 (Annealed) 52 (Tempered to 500 F) 65 (fo-cnenehe® 
cut, in. size Abrasive H, ib V, lb H, ib V, Ib H, tb 
0.00075 36 Aluminum oxide 2.3 5.0 2.3 5.0 2.2 Act 
0.00075 46 Aluminum oxide 2.3 4.9 2.3 5.0 2.1 4.9 
0.00075 60 Aluminum oxide 2.5 5.4 2.3 5.5 2.2 5.5 
0.00025 36 ~— Bilicon carbide 1.8 4.0 1.7 4.1 1.8 4.1 


In Figs. 6 to 9 the ratio of the horizontal force H to the vertical 
force V is seen to be very nearly constant for any given series of 
tests corresponding to an identical wheel-dressing condition. The 
ratio H/V is somewhat like the ordinary coefficient of friction, 
and will be referred to as the grinding coefficient. This quantity 
was compared with the actual coefficient of friction of the wheel 
on the workpiece which was measured by preventing the wheel 
from rotating and dragging it across the steel surface under the 
action of a normal force. The resulting friction and normal 
forces were recorded using the grinding dynamometer and are 
shown plotted in Fig. 10 for the four wheels tested. The re- 
sulting coefficients of friction are recorded in Table 3 together 
with the mean values of the grinding coefficient from Figs. 6 to 9. 
Both coefficients are seen to decrease with decreasing grain size 
for the alundum wheels. 

Only in the case of the silicon-carbide wheel did the grinding 
coefficient closely approach the coefficient of friction, and this 
was the wheel that gave the highest forces for a given cut. This 
suggests that when the grinding force is relatively high the grind- 
ing coefficient will be relatively low. This is further illustrated 
when a wheel becomes loaded and ceases to cut efficiently. In 


failure of the wheel to remove an amount of metal equivalent to 
the downfeed. Consequently most of the downfeed becomes 
interference and the vertical force increases rapidly. These ob- 


TABLE 3 COMPARISON OF GRINDING COEFFICIENT AND 
COEFFICIENT OF FRICTION 
36 46 60 
Alumi Alumi Alumi 36 Silicon 
oxide oxide oxide carbide 
grinding 
0.57 0.52 0.52 0.47 
Mean coefficient 
of frietion......... 0.47 0.43 0.42 0.45 


servations indicate that when a wheel is cutting efficiently the 
grinding coefficient will be relatively high, but when the wheel 
ceases to cut properly the grinding coefficient will decrease due 
to a disproportionate increase in the vertical force. The loading 
of the wheel and increase in vertical force were always accom- 
panied by the appearance of temper colors on the work surface 
due to the formation of an oxide film (this condition is sometimes 
referred to as grinding burn). 

The special pyramidal diamond-dressing technique gave not 
only reproducible data but also lower forces and a wheel surface 
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which resisted loading better than the more conventional 
diamond-dressing technique. In Table 4 the results from three 
different methods of dressing are compared. Each entry in the 
Table represents the average of twenty individual cuts of 0.001 
in. each, except when the test had to be discontinued due to ex- 
cessive forces accompanying grinding burn. The three methods 
compared include the diamond-pyramid dressing previously 
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table speed at light depths of cut. The values of u given in 
Table 5 correspond to the region of Fig. 6 for which H is propor- 
tional to a. The specific energy for an alundum wheel is thus 
found to be about 10 million in-lb per cu in. while that for a sili- 


TABLE 5 VALUES OF SPECIFIC ENERGY FOR PROPORTIONAL 
REGION OF FIG. 6 


36 Al 46 Al 60 Al 36 Sili 
Wheel oxide oxide oxide carbide 
w, in. Ib/in.* 10 * 97 8.8 12.6 25.2 


con-carbide wheel is about 25 million in-lb per cu. in. These 
are recognized as very high values compared with the specific 
energy required to break a mild-steel tensile specimen (about 
10° in-lb per cu in.) or the energy involved in cutting steel with 
a single-point tool (about 5 X 10° in-!b/in.*). 

Since the quantity (H /d) ceases to be constant and, in fact, de- 
creases for depths of cut in excess of about 0.001 (Fig. 6) it is 
evident from Equation [1] that the specific energy will decrease 
with increased depth of cut beyond 0.001 in. This observation 
is in agreement with the size effect observed in conventional 
single-point cutting where the energy required to remove a cubic 


TABLE 4 COMPARISON OF DIFFERENT DIAMOND-DRESSING TECHNIQUES 


(Wheel, 60 aluminum oxide; table speed, 4 ft/min; depth of cut, 0.001 in.) 


Diamond id Sharp d Dull con ld d 
Pounds 0. of cuts Pounds No. of cuts Pounds No. of cuts 
Vv burn® H Vv to burne to burne 
2.9 5.3 sea 4.0 7.5 16 4.3 6.8 16 
3.0 5.2 3.5 6.5 18 2.9 5.0 
2.9 5.6 3.4 6.3 1 
2.8 5.0 2.9 5.3 1 
2.9 5.2 3.1 5.7 20 3.0 5.2 
2.7 5.0 3.2 6.3 20 4.2 7.5 7 
3.2 5.5 3.5 7.1 os 4.7 8.2 3 
3.1 5.4 3.4 6.9 16 29 5.0 17 
2.8 4.5 3.7 7.2 13 26 4.5 : 
3.1 5.3 4.0 8.0 s 3.3 6.4 11 
Average....... 2.9 5.2 3.5 6.7 3.5 6.1 
Per cent avg 
deviation.. (*)4 (#)8 (#)10 (#)20 (*)19 
Per cent max 
deviation. 10 13 17 21 43 43 


described, dressing by means of a sharp new diamond with a 
natural cleavage point upward, and a similar diamond con- 
siderably worn by use in the shop. The two conventional 
diamonds were rotated an arbitrary amount in dressing between 
each series of twenty cuts. In the tests using conventional 
diamonds, loading prevented the completion of 7 out of 10 of the 
series of tests of 20 cuts each. Not all diamond-pyramid tests 
were carried to completion but one of these tests was extended 
to 500 successive cuts without the appearance of grinding burn. 

It is instructive to consider the data in Figs. 6 to 9 from the 
standpoint of the energy required to remove a cubic inch of 


metal. This specific energy is given by the following expression 
12vbd 
where 


u = energy per unit volume, in-lb/in.* 

D = diam of the wheel, in. 

H = horizontal force component on the wheel, Ib 
N = wheel speed, rpm 

v = table speed, ft/min 

6 = specimen width, in. 

d = wheel depth of cut, in. 


From Figs. 6 to 9 it is seen that H is proportional to d for small 
values, and further, H is proportional to N~' and 6 for the range 
of values investigated. Thus it is evident from Equation [1] 
that for a given grinding wheel u will be constant for a given 


“@ The appearance of visible temper colors accompanied by rising forces and loading of the wheel. 


inch of metal is found to decrease with increased depth of cut. 
The cause of the very high specific energy involved in grinding 
and the meaning and significance of the critical point below 
which the specific energy remains constant will be discussed in 
another paper which considers the size effect in cutting. The ob- 
served independence of the grinding-force components and the 
specific energy from the hardness of the test piece will also be 
explained in terms of the size effect. 

When metal is ground the material in the finished surface is 
plastically deformed and superficial residual tensile stresses are 
introduced. The magnitude of these surface stresses as well as 
the extent of the cold-worked layer in a ground surface may be 
estimated by the x-ray diffraction technique. When a cobalt 
radiation is reflected from an annealed-steel specimen, two rings 
of nearly the same diameter (Ka doublet) are reflected from the 
a iron 310 plane. When the specimen is cold-worked the doublet 
is not resolved. By etching away layers from an initially an- 
nealed ground surface the depth of cold work is indicated when 
the Ka cobalt doublet is just resolved. 

The depth of cold work was estimated for a number of an- 
nealed SAE 52100 specimens by this method. A back reflection 
picture of the unground annealed metal is shown in Fig. 12(a). 
The two outer rings are from a tungsten reference powder used 
for investigating the residual stresses, while the inner two rings 
are the resolved a, and a; 310 lines. When this specimen was 
ground under the conditions of Table 1 with a downfeed of 
0.0005 in. per pass using the 46 alundum wheel, the diffuse dif- 
fraction pattern shown in Fig. 12(b) resulted. When successive: 
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Rescived Fe 310 Doubler 
Unresolved Fe Sto Double? 


0.0002-in. layers of this specimen were etched away using a 10 
per cent nitric-acid etch, it was found that the pattern remained 
unresolved to a depth of 0.0002 in. but became faintly resolved 
at a depth of 0.0004in. The depth of cold work for this specimen 
is thus considered to be between 0.0002 and 0.0004 in. and this 
is shown plotted in Fig. 13 together with similar results for other 
depths of cut. The solid line represents the approximate varia- 


(b) From steel surface cold-worked by grinding 


Fie. 12 X-Ray Dirrraction Patrrerns 


tion of the depth of cold work with depth of cut, and it may be 
approximately stated that the depth of cold work is equal to half 
the depth of cut. 

The nature of the surface stress produced by grinding may be 
estimated by the extent and direction of the shift of the iron ay 
line. At the film-to-specimen distance used, the tungsten refer- 
ence powder produced a 222 a, reference ring that was 5.00 cm in 
diam and all films were normalized to this 5.00 em circle. The 
normalized diameters of the Fe 310 circles are given in Table 6 for 
the afore-mentioned tests. The diameters of the a, lines are weak 
and not clearly defined and hence not accurate measures of the 
stress. 

From Table 6 it may be seen that the Fea, ring diameter de- 
creased with the depth of cut, but varies statistically, for a given 


2 4 1 to 

d, Depth of Cut, Inches < 10° 
Fie.13) Variation or or Corp Worx Wrra or Cut 
cut, with the amount of metal removed by etching. Therefore 
the individual diameters were averaged to obtain the mean 
stress for each depth of cut. This shift in Fea, ring diameter 
corresponds to an increasing amount of tensile stress with depth 
of cut. No attempt is made to estimate the exact magnitude of 
the tensile stresses involved because line broadening due to 
plastic deformation prevented precise measurement of ring 
diameters. Since the amount of stress continues to be evident 
well below the depth of the cold-worked layer it may be pre- 
sumed that the origin of the stresses is not in cold-working. It 
is likely that the stresses observed ‘arise from thermal effects in 
the grinding process which permit the metal to flow at high tem- 
perature. On subsequent cooling, the resulting contraction 
would give rise to a tensile surface stress. 


TABLE 6 SHIFT OF IRON —~— PRODUCED BY GRIND- 


Depth of cut, in. X 10¢ 


Amount removed 
by etching, in. X 10* 10 
0 


* Normalized diam of Fe 310 circles are in. om. 


CONCLUSIONS 


A dynamometer capable of measuring the very small forces en- 
countered in dry surface grinding has been constructed and used 
to establish the following points which are discussed in this and 
other papers in terms of the specific energy (i.e., the energy re- 
quired to remove a unit volume of metal). It should be noted 
that the following observations have been verified only under 
relatively mild grinding conditions and may not hold for the very 
large depths of cut encountered in rough grinding and snagging. 


1 The vertical and horizontal grinding forces are found to be 
proportional to the inverse wheel speed and the width of work- 


piece. 

2 The vertical and horizontal grinding forces are proportional 
to the depth of cut for depths below about 0.001 in. 

3 The vertical and horizontal grinding forces increase with 
increased table speed. 

4 The specific grinding energy for a given wheel and a fixed 
table speed is independent of wheel speed, width of specimen, and 
depth of cut for depths of cut below about 0.001 in. 
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5 The grinding forces and specific energy are independent of 
the hardness of the workpiece. 

6 A grinding coefficient which in formulation resembles the 
coefficient of friction may be defined as the ratio of the hori- 
zontal force to vertical force. It appears that when a grinding 
wheel is cutting freely the grinding coefficient is greater than the 
corresponding coefficient of friction. 

7 The dressing techniques employed showed that the diamond 
pyramid was superior to the conventional diamond as follows: 

(a) Lower grinding-force components resulted 
(b) More consistent values were obtained 
(ce) Grinding burn occurred less easily 

8 The depth of the cold-worked layer in a ground surface is 
approximately half the depth of cut. 

9 The extent of the residual tensile stress which results from 
grinding extends undiminished far below the cold-worked layer 
and hence the cause of the stress is not due to the cold-worked 
layer. 
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Discussion 

B. T. Cuaot ann K. J. Trieoer’ The grinding dynamometer 
described in the paper has an ingenious arrangement to eliminate 
the interaction between the horizontal and vertical components of 
grinding forces. It also has the advantage that the vertical com- 
ponent of the forces can be recorded correctly irrespective of the 
grinding position along and across the I-beam. The authors are 
to be congratulated for their accomplishments in designing this 
simple and useful instrument in the field of metal-cutting re- 
search. 

The authors found that a variation from Rockwell C 18 to Rock- 
well C 65 in the hardness of the work material had only a negligible 
effect upon grinding forces. This result is not unexpected in the 
light of single-point cuttingexperience. The effectof the workpiece 
hardness upon tool forces at various cutting speeds for NE 9445 
stee! has been reported by the writers.* For this particular steel, 
it was found that the tool forces were actually slightly less when 
the hardness was higher. The increase in dynamic shear stress 
due to quenching and tempering to a high hardness level was 
more than compensated for by the decrease in tool-chip friction 
and the chip thickness. However, owing to the proportionately 
greater decrease in tool-chip contact area, the cutting temperature 
was higher. This, together with the abrasiveness of the micro- 
constituents of the harder material, is the cause of the greatly re- 
duced tool life. 

In the synopsis, the authors state: “Specific energy is found to 
be the best criterion for interpreting grinding data.” The writers 
would like to point out that this does not mean that the success of 
4 grinding operation can be evaluated in terms of specific energy 
alone. Among other things, surface finish, temperature rise of 
the workpiece, dimensional accuracy, amount of wheel wear per 
unit volume of metal removed, and so forth, are at least equally 
important in grinding performance as the specific energy con- 
sumption. 
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JANUARY, 1952 


In Fig. 4(a) of the paper the grinding-foree trace shows a 
steady rise when a long specimen is ground. The authors attri- 
bute this phenomenon to the fact that a heat wave extending in 
front of the wheel causes an expansion of the specimen. How- 
ever, the temperature gradient ahead of the grinding zone is ex- 
tremely steep, and, with a downfeed of 0.001 in., it should make 
little difference whether the length of the specimen is '/; in. or 3 
in. in so far as its effect on volumetric expansion is concerned. 
The instrument reading due to a vertical load is independent of 
the point of application along the length of the I beam as shown 
in Figs. 2and 3. However, the spring constant or rigidity of the 
dynamometer does change with the grinding position. This 
change can be estimated with reasonable accuracy if detailed 
dimensions and Young’s modulus of the materials making up the 
various parts are known. The variation observed in the grinding- 
foree trace may be due partly to this change in deflection as the 
point of load application is shifted. It should be recalled that 
such a change in spring constant of the system cannot be detected 
by dead-weight calibration. 


L. P. Tarasov.? The fundamental study of the grinding proc- 
ess which has been undertaken in the Metal Cutting Research 
Laboratory at the Massachusetts Institute of Technology, and 
the first results of which are so ably described in this and other 
papers, will be of very great interest to those in the metal-cutting 
field who would like to have a better understanding of what hap- 
pens when grinding chips are formed. Practically all of the in- 
formation available about the process has been concerned either 
with the art of grinding or with its results, and very little could be 
said about the mechanism of grinding except speculatively. 

Some of the reasons for this condition have been pointed out by 
the authors of this paper, such as the very high cutting speeds and 
very small chip dimensions associated with grinding, and the ran- 
dom geometry of the cutting points. Another reason that the 
study of the grinding process is bound to be complicated is that 
the geometry of the cutting points not only varies considerably 
from one grit to another but also varies continually and unpre- 
dictably for each individual grit as a result of wear, which is partly 
by fracture and partly by attrition. The relative importance of 
the two types of wear is a function of the grinding conditions. 
When the purpose of grinding is to remove stock and not to get 
the highest possible finish, wear by fracture is beneficial in that it 
restores the sharpness of the grit, while wear by attrition is detri- 
mental since it makes the cutting element dull. When the grind- 
ing forces acting on a given grit become sufficiently high to frac- 
ture the bond posts holding it in place, the grit is thrown out of 
the wheel face and other grits are enabled to start cutting. Thus 
the definite geometrical factors like rake angles, which are so im- 
portant in the theoretical studies of single-point cutting operations 
cannot be given numerical values in grinding, except perhaps 
eventually on a statistical basis. 

The equality of force on the up and down cuts observed by the 
authors is not necessarily observed under other grinding condi- 
tions. For example, we have sometimes found considerable 
differences in power consumption for opposite directions of table 
travel in surface grinding when the table speed was much higher 
(60 fpm) than that used by the authors. Power consumption is 
proportional to the horizontal-force component and hence can be 
considered a measure of it in this instance, provided a slight cor 
rection involving the ratio of work to wheel speed is made. Even 
with this correction, we have found the power consumption to be 
as much as 20 per cent greater for the upcut than for the down- 
cut. Under such circumstances, it is clear that the grinding ac- 
tion is not the same in the two directions. 


7 Research and Development Department, Norton Company, 
Worcester, Mass. 
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Although the authors were able to get the wheel satisfactorily 
dressed when the diamond was permitted to feed across the wheel 
in several fina] passes with no downfeed, this practice cannot be 
recommended generally since all too frequently it leaves the sur- 
face of the wheel in a dull condition. We have also found it 
desirable to dress the wheel prior to each change in grinding con- 
ditions, since the results obtained without re-dressing are some- 
times influenced considerably by the previous history of the 
wheel. The grinding conditions used by the authors may have 
been such that their results were not affected by their dressing 
practice, but this will not necessarily be true for other grinding 
conditions. In order to attain satisfactory reproducibility, 
which was the reason the authors did not re-dress the wheel when- 
ever grinding conditions were changed, we have always found it 
necessary to do a certain amount of grinding before the test run is 
started. This practice insures that the results of a given test run 
are not affected by the previous test runs. 

The writer has successfully used a diamond in the shape of an 

obtuse 12-sided pyramid for several years but the use of a Vickers 
diamond pyramid for dressing the whee! is novel, and the excellent 
results obtained by this technique suggest a thorough study of the 
mechanism involved in dressing. The factors affecting the wear 
of dressing diamonds have been investigated by Whittaker,* but 
the writer does not know of any study of the effect of diamond 
geometry upon the mechanism of dressing. A study of the forces 
involved in diamond dressing under various conditions, and of the 
relationship between these forces and the resulting conditions of 
the wheel face, would be an important step in extending our 
limited understanding of the dressing process. 
f& The authors’ statement that the pronounced discoloration of 
the work surface was an indication that excessive heat was gener- 
ated is certainly correct, but it may be appropriate to point out 
for the benefit of those with only a limited knowledge of grinding 
burn that the absence of discoloration does not imply that the sur- 
face was not heated excessively. Work can be very badly over- 
heated in grinding without any trace of discoloration remaining 
on the finished surface if the grinding conditions are such that the 
wheel is able to clean off the discoloration almost as soon as it 
appears. If the leading edge of the wheel in cross-feed grinding 
takes a heavy cut so that the work is heated severely to a depth of 
several thousandths of an inch, the trailing portion subsequently 
may remove a layer a fraction of a thousandth deep, thus elimi- 
nating all evidence of the prior discoloration and, at the same 
time, leaving practically all of the heat-affected layer of metal. 

The conclusions derived by the authors from their results apply 
to their particular surface grinding conditions, but they do not 
necessarily apply to conditions representative of commercial 
practice even though light cuts may be taken. The important 
difference is that much higher table speeds, perhaps 30 to 60 fpm, 


* “Substitution of Lower-Quality Industrial Di ds in Di d 


Dresser Tools,”” by H. Whittaker, Trans. ASME, vol. 68, 1946, pp. 
35-45. 
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are common in production as compared to the 4 fpm used by the 
authors in most of their experiments. With table speed as the 
only variable, experience shows that grinding conditions are 
likely to be much more severe at very low than at high table 
speeds. From the standpoint of localized heat effects, the authors’ 
grinding conditions were severe rather than relatively mild, as is 
pointed out by the writer in his discussion of a paper by J. O. Out- 
water and M. C. Shaw.’ 

We have found that under commercial surface-grinding condi- 
tions, the grinding energy of a large number of hardened tool 
steels, and hence their horizontal-force component, varies over & 
wide range; moreover, there is considerable variation of energy 
and horizontal force with Rockwell hardness for a particular steel. 
These differences have been found whether the depth of cut is 
light, moderate, or heavy, provided the table speed is high. The 
reason that we have observed such differences is presumably that 
the thickness of the grinding chips at high table speeds exceeds 
some critical value below which these differences are likely to be 
absent, as is discussed by Backer, Marshall, and Shaw.” It 
would be highly interesting to obtain force data under the authors’ 
conditions for a variety of tool steels. 

The proportionality observed by the authors between grinding 
forces and the work width was found for plunge-cut grinding where 
the wheel was in contact with the whole width of the work. In 
cross-feed grinding, the work is ground primarily with the leading 
edge of the wheel, which becomes rounded, as grinding progresses, 
to an extent depending upon the grinding conditions. We have 
observed that an increase in the unit cross-feed does not increase 
the horizontal force proportionately, as happens when the work 
width is increased. 

The great value of this paper lies not in its agreement or lack of 
agreement with results obtained under conditions representative 
of commercial practice but rather in the detailed picture it pre- 
sents of the effects of certain factors upon grinding forces under 
specially selected grinding conditions that make it possible to get 
simple answers. Now that the foundations have been laid, it 
should be easier to extend the studies to conditions more closely 
simulating normal practice, where the results and their interpreta- 
tion may well be more complicated. 


Nore: The combined Authors’ Closure to the discussions on 
the following papers appears on pages 83-86 of this issue of the 
Transactions: (A) “Forces in Dry Surface Grinding”; (B) “The 
Size Effect in Metal Cutting”; (C) “Surface Temperatures in 
Grinding.” In the closure the papers will be referred to as (A), 
(B), (€). 

* “Surface Temperatures in Grinding,” by J.O. Outwater and M. C. 
Shaw, published in this issue of the Transactions; discussion, pp. 83. 

“The Size Effect in Metal Cutting,” by W. R. Backer, E. R. 
Marshall, and M. C. Shaw, published in this issue of the Transactions, 
pp. 61-72. 
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The Size Effect in Metal Cutting 


By W. R. BACKER,' FE. R. MARSHALL,? ano M. C. SHAW,* CAMBRIDGE, MASS. 


A cutting process involving the formation of very small 
chips at high cutting speeds (micromilling) is investigated, 
and the results are applied toa study of the grinding opera- 
tion. The shear energy involved in grinding is compared 
with that in turning, micromilling, and the tensile test, 
and a significant increase in shear energy is observed with 
decrease in specimen (chip) size. The shear stress in- 
volved im grinding metals under mild conditions is found 
to correspond to the theoretical strength which is about 
1.8 X 10 psi for steel. The grit depth of cut is shown to be 
a more important variable in the interpretation of grind- 
ing data than the more conventional wheel depth of cut. 


INTRODUCTION 


N a previous paper (1)* it was emphasized that the grinding 
operation differs from other single-point cutting operations 
in the following respects: 


1 High cutting speed (about 6000 sfpm). 
2 Small depth of cut (0.0001 in. or less). 
3 Small lateral extent of an individual chip. 


The energy required to remove a cubic inch of metal (specific 

) by grinding was found to be unusually high. In this 

paper the significance of item 2, the size effect, will be considered, 
and its influence upon the specific energy investigated. 

Size effects have been observed in various materials tests in 
the past. As early as 1834, Karmarsch (2) found that the break- 
ing stress of very thin wires was approximately satisfied by the 
relation 


d = diameter of wire 


This effect is illustrated by the unusually high breaking stress of 
very fine piano wire, which may be of the order of 350,000 psi, 
while the metal in larger sections is far less strong (3). Griffith 
(4) has also observed the tensile strength of glass fibers to in- 
crease with decreasing diameter. In addition to the tensile 
test, a size effect has been noted from time to time in flexure tests, 
fatigue testing, notch brittleness (impact) and other tests. 

1 Timken Fellow, Department of Mechanical Engineering, Massa- 
chusetts Institute of Technology. At present: Linde Air Products 
Division, Union Carbide & Carbon Corp., Tonawanda, N. Y. 

? Instructor, Department of Metallurgy, Massachusetts Institute 
of Technology. 

* Associate Profi Mech 1 Engineering, Massachusetts 
Institute of Technology. Mem. ASME. 

* Numbers in parenth refer to Bibliography at end of paper. 

Contributed by the Production Engineering Division, Research 
Committee on Metal Cutting Data and Bibliography, and Research 
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While there is considerable evidence to support the view that 
the size effect observed in the tensile testing of “brittle” materials 
is due to the presence of smaller surface cracks in small speci- 
mens, in accordance with the Griffith theory (3), the reason for 
the size effect in ductile metals is not so well established. In the 
truly brittle type of fracture, the only energy supplied appears 
mainly as the work necessary to cause plastic deformation. Duc- 
tile metals are deformed plastically by a process of slip in which 
one layer of atoms glides past the adjacent layer. 

The atoms in adjacent rows of a perfect crystal lattice may be 
represented as in Fig. 1. Here neighboring atoms are assumed 
to be spaced a distance | in each direction. A single atom of the 
upper row will be subjected to the attractive and repulsive forces of 
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(b) 


Fie. | Forces Acting Waen One Row or Atoms Ane Movep 


Revative TO ANOTHER IN SHEAR 


the atoms in the row below. When atom 1 is at A it will be in 
equilibrium, and zero force will be required to hold it in the 
position. At C, atom 1 will again be in equilibrium under the 
attractive forces exerted mainly by atoms 2 and 3 in the row 
below, but at B the force required to hold atom | in equilibrium 
would be a maximum. The force on atom 1 may be considered 
to vary approximately sinusoidally as follows 


P= Pasin 


where F,, is the maximum force to which atom | is subjected, 
y is the displacement from its initial position, and | is the atom 


spacing. 

The force which must be exerted to cause the entire upper row 
of atoms to move simultaneously relative to the lower row will 
be the sum of the individual forces on each atom, and hence the 
shear stress required to cause a displacement y would be 


r= 


{3} 
where rT» is the maximum stress required to displace the upper 


row through a distance 1/4. For very small displacements from 
the equilibrium position, y will be small and hence 


and Hooke’s law will hold 
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where 
o = breaking stress in tension 

A, B = const 1A 
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where is the shear strain corresponding to the displacement 
y, and G is the shear modulus in pounds per square inch. 
* Combining Equations [3], [4], and [5] 


Thus, in order to start one row of atoms moving across the row 
below, a shear stress of G/(2) psi® will be required. When this 
stress is compared with the macroscopic shear strength of a duc- 
tile metal it is found to be too high by a factor of from 25 to 100. 
For example, @/(2) for mild steel is about 1.8 < 10* psi, while 
the ordinary shear strength of this material is of the order of 
50,000 psi. 

Even though a size effect has been observed in the past, as by 
testing wires of decreasing diameter in tension, the theoretical 
strength of a metal never has been actually measured nor the 
existence of such a hypothetical strength demonstrated. In this 
paper it will be shown how the grinding process may be used to 
verify the existence of the theoretical strength by utilizing a 
specimen (chip) so small that it operates between the inhomo- 
geneities that are responsible for reducing the strength of a 
metal so far below the theoretical value. 

* If a saw-tooth wave (Fig. 15), had been assumed instead of the 
sinusoidal stress function of Equation [3}, the foregoing analysis 
would yield the result 


which is seen to be of the same order of magnitude as the value from 
Equation [6]. In the subsequent di i the shear stress re- 
quired to initiate plastic flow will be taken as G/(2) since the ex- 
perimental stress-strain curve for a plastically deformed ductile 
metal is better approximated by a sine wave than by a straight line. 
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Of the several theories which have been evolved in recent years 
to account for the process of slip, the dislocation theory appears 
to be the most feasible. While at present the details of this 
theory are debatable, the concept of a generating mechanism 
involving stress concentrations is being adopted by some work- 
ers, while a breeding mechanism influenced by reflections of dis- 
locations from inhomogeneities is adopted by others. The im- 
portant idea for the purposes of this discussion is that no matter 
what the detailed mechanism may be, inhomogeneities such as 
grain boundaries, crystal defects, and impurities play a major 
role in the slip process. A theory of strain-hardening, based 
upon the inhomogeneities present in all metals, has been pub- 
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lished recently (5) which accounts for the size effect in metal 
cutting. 

In order that the data cover as wide a range of specimen size 
as possible the following straining processes will be considered: 


1 Grinding. 


APPARATUS 
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2 Micromilling—a noncommercial process which yields useful 
research data—to be described presently. 

3 Turning. 

4 True stress-strain tensile test. 


The material used in the investigation was annealed SAE 
1112 steel because of its free-machining characteristics and its 
tendency to produce chips without forming a built-up edge on the 
nose of the tool. 

ResuLts 

Grinding. A series of cuts were made according to the method 
of reference (1) under relatively mild grinding conditions. Plunge- 
type cuts were taken under the following conditions upon speci- 
mens of the annealed SAE 1112 steel to be used in all subsequent 
tests: 

Wheel type = 32A46 — H8 — VBE 

Wheel size = Sin. X */4 X 1'/, in. 

Wheel speed = 3000 rpm 

Table speed = 4 fpm 

Work width = 0.5 in. 

Work length = 0.5 in. 

The values of the horizontal and vertical grinding forces are 
shown plotted against the wheel depth of cut in Fig. 2. 


Micromilling. In order to provide chips of very small size 
as in grinding, but of known geometry, a special carbide-tipped 
milling cutter was balanced carefully and mounted on the spindle 
of the surface-grinding machine. All but one of the teeth of this 
cutter were relieved so that it operated as a fly milling cutter. 
The horizontal and vertical force components were measured 
for a number of depths of cut using the grinding dynamometer. 
The cutting speed was in the grinding range (3400 rpm = 5350 
fpm). This process, which resembles peripheral! milling, except 
for the extreme speed and very small depths of cut employed, 
will be referred to as “micromilling."" The apparatus used in 
this phase of the work is shown in Fig. 3. 

Micromilling data obtained for two-dimensional carbide cutting 
points having 15-deg, 0-deg, and — 15-deg rake angles are shown 
in Fig. 4. In all of these tests the specimen was 0.5 in. square, 
and the feed rate was 4 fpm. ‘The chips collected in each test 
were measured using a Vickers microscope capable of being read 
to 0.005 mm (0.0002 in.). Each chip-length data point shown in 
Fig. 5 represents the average for 10 chips. 

The data shown in Figs. 4 and 5 cannot be used directly to 
compute the shear stress and other items of interest but first must 
be converted into the conventional quantities used in twu-dimen- 
sional single-point cutting theory. The shape of the chip in the 
micromilling operation is not of constant thickness but is essen- 
tially a long slender triangle. This may be seen readily by refer- 
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ence to Fig. 6 where the metal removed in a single cut is repre- 
sented by area ABCE or BCE to a good approximation since dis- 
tance AB will be very small compared with distance BC. Actu- 
ally, AB/BC is equal to v/V where » is the table speed (4 fpm), 


Fic. 6 Geometry or Micromitiine Cap 


and V is the wheel speed (5350 fpm). It is thus evident that dis- 
tances AB and CE are greatly exaggerated relative to distances 
BCand AE. The undeformed chip length | is equal to arc length 
BC or to a very good approximation chord length BC since angle 


6 is small (in micromilling 6 is of the order of 1 deg). Thus 
b= BC = [8] 
‘where d is the wheel depth of cut, but 
and 
2 
hence, from Equations [8], [9], and [10] 
(11) 


Actually, the cross section of an undeformed micromilling chip 
will appear as in Fig. 7, all surfaces of the chip being essentially 
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plane. From the nature of this process (v < < V andd < < D/2) 
area CEG is seen to be negligible compared with area BEG. The 
maximum thickness EG of the chip will be designated ¢ and may 
be found as follows 


. (12) 


From Equation [11] this becomes 


D 
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However, CE is the distance the table advances during the time 
it takes the cutter to make 1/K revolution, where K is the num- 


ber of teeth in the cutter. Thus 
KN {14} 
where N is the cutter rpm, and v is the feed infpm. With Equa- 
tion [13] this becomes 
240 d 


Now the undeformed chip length and maximum undeformed 
chip thickness may be computed readily from Equations [11] and 
(15]. For a depth of cut d of 250 uw in., the undeformed chip 
length would be 0.0387 in., and the corresponding value of t = 
182 microinches ( in.) for the test conditions employed. 

The chip-length curves in Fig. 5 are shown replotted against 
tin Fig. 8. While a chip-length ratio for this value of t could be 
obtained by dividing the corresponding value of |, from Fig. 8(a) 
by 0.0387, this would correspond to some sort of average value 
for a chip thickness varying from 0 tot. This difficulty may be 
resolved by a method of differences. If the difference between 
the values of |, for points 1 and 2 in Fig. 5(a) is divided by the 
difference between the corresponding values of | from Equation 
{11], then the mean chip-length ratio will be obtained corre- 
sponding to a variation in chip thickness from ¢, tot. This may 
be considered to be the chip-length ratio for a chip of constant 
thickness equal to (t, + &)/2 since points 1 and 2 are close enough 
together to allow linear interpolation. 

The foregoing calculation may be made with greater precision 


by use of limit reasoning. If the increment between points 1 and 
2 is made indefinitely small we have in the limit 
dl, 
[16] 
but from Equation [11] 
d= 17) 
and substituting for \/d from Equation [15] 
DNK 
or 
24v dl, 
NDK dt 


Thus the chip-length ratio corresponding to any instantaneous 
depth of cut is equal to a constant (24v) /(N DK) multiplied by the 
slope of the plot of |, against ¢. From Fig. 8 it is evident that the 
i. versus ¢ plots are of constant slope and hence the chip-length 
ratios are independent of chip thickness for these very small chip 
sizes. According to the previously given test constants the 
chip-length ratio for the 15-deg cutter is 


24(4) 


= (3400) (6) (81.5) = 0.383 


The values for the 0-deg and —- 15-deg cutters were similarly found 
to be 0.362 and 0.296, respectively. 

The force values must be similarly interpreted before they may 
be used to obtain the shear stress in the metal corresponding to a 
given chip thickness. The dynamometer used, being a first- 
order system, records the time averaged cutting forces. To find 
the actual mean forces on the tool during a cut, the dynamometer 
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1S” Rake Angie 


t+ 10° 
(6) Rake Angie 


(c)4A5" Rake Angie 


Fie. 8 Variations or Care Lenora Wirn Toors Derrs or 


reading must be multiplied by the factor (24/@K) since the tooth 
is in contact only over an arc of @ radians for each K part of a 
revolution of the cutter. A mean force thus obtained represents 
the average value during the period of contact, the instantaneous 
value of force varying from zero to a maximum where the chip 
has its greatest thickness. The problem at hand is to derive the 
the true curves of force egainst chip thickness from the mean 
measured values. 

As already stated, the average horizontal force Fy is found 
from the measured force H as follows 


2x 


.. [20] 
Let us assume that the curve of instantaneous cutting force F, 
against depth of cut ¢ is as shown in Fig. 9. Let Faq) represent 
the mean force corresponding to a chip whose thickness varies 


Fic. 9 Hyporneticat Force—Derrs or Cot Curve 


from 0 to a maximum value of 4, and Faq) the corresponding 
mean force for a chip whose thickness is slightly greater and 
equal to t%. From the definition of mean force it is evident that 
area OABO = OBCDO and likewise area OFEO = OHGEO. 
Hence area OABO = t and area OF EO = 

Area AFEBA = area OFEO — area OABO = Puts — Paayh. 
Now, if % and ¢, are close together the curve between points A 
and F may be approximated by a straight line and 


— t 


Faas = ..{21) 


This value of force may be considered the value corresponding to 
an instantaneous depth of cut of (t, + t,)/2. 


_ The foregoing process of utilizing the mean values of force 
Fy to obtain points on the actual Fy versus ¢ curve may also be 
carried out using limit reasoning. By definition the mean force 


Multiplying through by ¢ and taking the derivative of both sides 


dPy 


+ Fa = Fae. .. (28) 


But from Equation [20] 
d 


Since ¢ varies linearly with @ and hence (d@)/(dt) = 0/t, the last 
two terms of Equation [25] are seen to cancel in view of Equation 
[20}. 

Making use of Equation [15] and the fact that 


Equation [25] gives 


Thus the instantaneous value of force Fg is seen to equal a con- 
stant times the slope of the H versus ¢ curve at the corresponding 
point. 

A similar analysis for vertical force Fy gives 


[28] 


The values of Fy, and Fy given in Table 1 were obtained from 
Equations [27] and [28] and the curves in Fig. 4. For example, 
the first value of Fy in Table 1 is obtained as follows. From 
Equation [27] 


24” » dH Ur 4 


2 
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TABLE 1 MICROMILLING DATA 
(Tool material, carbide; cutter diameter, 6 in.; cutter speed, 3400 rpm: 


table speed, 4 fpm; work material, SAE 1112 * steel; specimen size, ' 
in. square; number of teeth cutting per revolution, 1.) 

t, Fu. Py, 

» in. Ib Ib pa percent «4 

Rake angle ~ 15 deg, r, = 0.383, « 
200 4.6 86.3 171,600 846 ,000 52.2 1.80 
250 04.5 80.3 162,000 756,000 55.3 1.58 
300 103.0 92.2 151,300 687 ,000 56.7 1.50 
350 190.7 04.7 141,100 626 , 000 58.1 1.48 
400 16.1 06.7 131,400 575,200 59.0 1.45 
450 119.0 98.5 122,000 ,000 50.6 1.42 
OO 121.5 100.0 112,900 486 000 59.5 140 


Kake angle ~ 0 deg, r, = 0.362, shear angle = 19.9 deg, y = 3.12 


200 90.5 93.6 180 , 300 905 ,000 62.2 1.02 
250 105.7 99.7 177,000 846,000 65.1 0.93 
300 119.2 105.0 172,200 796 ,000 67.4 0.89 
350 130.8 109.6 , 800 748,000 69.1 0.83 
400 140.5 113.3 159,400 703 ,000 70.9 0.80 
450 148.7 116.6 151,000 ° 71.4 0.78 
500 155.7 118.8 143,300 622,000 71.8 0.76 
Rake angie = —-15 deg, = 0.206, shear angle = 14.9 deg, y = 4.43 
200 80.6 93.6 138,000 . 8 0.65 
250 95.8 09.7 137,700 766 ,000 79.5 0.59 
300 110.0 105.0 135,700 734,000 81.8 0.53 
350 122.5 109.6 132, 200 700 ,000 83.8 0.50 
400 134.0 113.3 128,500 670,000 34.8 0.47 
450 144.0 116.6 124,300 10,000 86.2 0.44 
500 152.3 118.8 119,800 610,000 87.0 0.42 


where 962 lb per in. is the slope of the H versus ¢ curve at t = 
200 yu in., this curve being plotted from Fig. 4(a), and Equation 
[15]. The other computed quantities of Table 1 were obtained 
by use of the well-known geometrical relations of Merchant (6), 
where 


chip-length ratio 
@ = shear angle, deg 
y = shear strain 
7 = shear stress on shear plane, psi 
u = total energy per unit volume, psi 
,/u = per cent of total energy per unit volume due to shear 
ww = coefficient of friction of tool face 


Turning. Turning tests were made upon a specimen of the 
same SAE 1112 steel machined in the form of a thin-walled tube 
The two-dimensional carbide tool employed was fed along the 
axis and into the end of the rotating tube. The resulting chips 
were recovered and the chip-length ratio determined. A two- 
component lathe dynamometer was used to measure the tangen- 
tial (Fy) and axial (Fy) components of the cutting force. The 
observed and computed data obtained in this manner are shown 
in Table 2 for a rake angle of zero degrees. 

Tensile Test. The true stress-strain curve shown in Fig. 10 
was obtained from a standard 0.505-in-diam X 2-in-gage-length 
specimen of the SAE 1112 steel in the usual manner (7). This 
curve is plotted on log-log paper inasmuch as then a more ex- 
tensive portion of the curve preceding the ultimate stress lies on 


(Rake angle, 0 deg; 


Fa, Fe 
in. X 10° in. Ib Ib 
2.3 0.227 150 
2.9 0.227 1 
3.7 0.223 227 139 
6.5 0.198 170 
8.7 0.191 377 
11.6 0.1905 530 280 
b, Pu, Ps 
fpm in. Ib Ib 
0.189 365 164 
172 0.190 400 184 
234 0.190 360 


JANUARY, 1952 
a straight line, thus enabling the slope of the plastic region of the 
curve to be obtained with greater certainty. 


Discussion 


From the foregoing discussion of the micromilling operation, 
it is evident that any logical comparison of this operation with 
other methods of cutting must be made in terms of the tooth 
depth of cut ¢ rather than the wheel depth of cut d. The 
grit depth of cut plays a similarly important role in grinding as 
opposed to the more conventional wheel depth of cut.* It is im- 
portant therefore to estimate the mean grit depth of cut in the 
grinding operation. 

Inasmuch as microscopic examination of grinding chips re- 
veals them to be of constant width throughout their length, and 
since other geometrical conditions under which they are formed 
are identical to those in micromilling, Equation [15] may be used 
to obtain.the real maximum chip depth of cut t. All of the quan- 
tities which appear in this equation are readily identified and de- 
termined with the exception of K which is the mean number of 
grits in the complete periphery of the grinding wheel which are 
so aligned as to remove metal from a single groove on the surface 
of the metal of width b’, where b’ is the width of cut of the average 
grit. Now, K is one of those quantities which cannot be con- 
veniently determined by direct measurements. Reasons for this 
observation are to be found in the random distribution and 
shape of grinding grits, together with the fact that the actual 
cutting edges protrude a submicroscopic distance from the 
nominal surface of the wheel (corresponding to an actual chip 
depth of cut of from 10 to 100 win.). When a situation such as 
this is encountered in which the desired quantity cannot be ob- 
tained by direct measurement, the indicated procedure is to ob- 
tain the desired quantity from those secondary variables which 
may be determined with the greatest certainty. Of the several 
quantities which could be used to compute K those involved in 
the following procedure appear to be the most accurately known. 

If there are C cutting points per square inch of wheel surface, 
then the quantity K is 

K = CxrDb’..... [29] 


where b’ is the mean width of a grinding scratch. Since the mean 
width-depth ratio for a grinding scratch can be obtained with 
greater precision than either the absolute value of the mean 
depth or width, we may express Equation [29] as follows 


K = 130) 


* The important role that the chip depth of cut plays in the grind- 
ing process was clearly shown by G. I. Alden in his paper “Operation 
of Grinding Wheels In Machine Grinding,’ Trans ASME, vol. 36, 
1914, p. 451. 


TABLE 2 TURNING DATA 


clearance angle, 5 deg; work material, Ls 1112 steel; 
diameter, 2.25 i 


(a) Cutting speed = son fpm 


| 
q 
{ 
“4 
4 
ae 
tool material, carbide; work 
deg psi psi percent 
0.38 21.0 74,200 2.98 287 ,000 77 0.59 
oa 0.38 21.0 73,000 2.98 282,000 77 0.62 
273 ,000 0.61 
aA 0.41 22.5 60,000 2.94 225,000 76 0.59 
0.46 24.8 65,300 2.61 227,000 75 0.53 
ve 0.39 21.3 62,800 2.95 234,000 79 0.53 
ei (6) Feed rate = 0.0087 ipr 
"L deg psi psi percent 
4 0.36 19.8 59,500 3.12 222,000 R4 0.45 
: 0.39 21.3 67,500 2.95 242,000 82 0.47 
nt 0.38 21.0 57,500 2.98 218,000 79 0.56 
Zk 0.46 24.8 63,700 2.61 230,000 72 0.58 
A 620 0.195 375 230 0.51 27.0 61,500 2 45 220,000 69 0.62 : 
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where r is the ratio of the mean scratch width b’ to mean scratch 
depth t/2. Substituting Equation [30] into [15] and solving for 


t we obtain 
48 
xDNCr 


To obtain ¢ from this equation it is now necessary to know C and 
r. 


(31) 


It has been found convenient to obtain C from the trace which 
a grinding wheel makes upon a soot-covered glass plate as it is 
rolled across the plate under its own weight. A uniform layer 
of carbon black of 0.0001 in. thickness provides a replica of suffi- 
cient contrast to enable a photographic enlargement to be made 
using the replica as the negative. A portion of an enlargement 
made from a replica of the surface of the grinding wheel used in 
this investigation is shown in Fig. 11. The number of cutting 
points per square inch (C’) may be readily determined by count- 
ing the spots and for Fig. 11 it was found that this quantity 
amounted to 1930, with a mean deviation of but 5 per cent in 
ten independent counts. While this technique provides the 
number of grits which actually penetrate the 0.0001-in. carbon- 
black layer, their size is not an accurate indication of the size of 
the cutting points, because when a contact is made the area of 
carbon removed is greater than the area of contact. This was 
shown by rolling steel spheres of known diameter across the plate 
and measuring the track width, which was found to be greater 
than that corresponding to the chordal length for a chordal rise 
of 0.0001 in. It is fortunate that the size of the contact area is 
so exaggerated for otherwise the spots could not be seen to be 
counted. 

The quantity r may be most conveniently estimated from a 
taper section of a ground surface (8), produced by plating the 
ground surface with nickel and then polishing a flat on the com- 
posite at a grazing angle to the original ground surface. In this 
way a magnification in the direction of taper is obtained relative 
to that in the transverse direction. A photomicrograph of a 
taper section of a surface ground with the wheel of this investiga- 
tion is shown in Fig. 12. Here the magnification in the hori- 
zontal direction is X 200, while that in the vertical direction is 
10,000. The mean ratio of width to depth for the smallest 


Fie. 11 Carson-Biack Repiica Saowine Disraisution or Grits 
Surrace or a Diamonp-Dressep Grinpine Ware. 
(Wheel designation, 32A46-H8-VBE; Magnification, x5.) 


grooves, which are produced by a single grit, is seen to be about 3 
in this figure, which corresponds to an r of 50/3. Using the fore- 
going values of r and C, the grit depth of cut t may be computed 
from Equation [31] for a given wheel depth of cut d. For ex- 
ample, consider the grinding conditions in Fig. 12. The grit 


depth of cut for this case is 
48 (12) = $8.5 pie. 


(7) (2850) (1930) ) 


Ya 


Thus the mean grit depth of cut is seen to be about 60 y in. fora 
wheel depth of cut of but 0.001 in. The corresponding value of 
K may be computed from Equation [30], and it is found that K 
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bic. 12) Taper Section or Surrace Grounn Wirn Wueer 32A46- 
H8s-VBE 

peed, 2850 rpm; table speed, 12 fpm; wheel, 

Magnification: 10.000 x vertically; 200 * hori- 
zontally.) 


(Wheel diameter, 7 in.; wheel » 
depth of cut, 0.001 in.; 


Fic. 13° Speciric Enercy-Derra or Cut Curve ror Grinpine 
Tests 


is 20.6. Thus there would be 20.6 grits in the wheel circum- 
ference which would cut in a groove of width 


50 \ / 58.5 
b' = = i 


the mean grit depth of cut being about 60 y in. 

Following the foregoing procedure, the relation between grit 
and wheel depths of cut for the grinding conditions in Fig. 2 is 
found to be 
48 (4) _ 


d‘* = 167 in. 


(8) (1890) V8 


The energy required to remove a unit volume of metal (specific 
energy, u) has already (1) been found to be a convenient quan- 
tity in grinding studies and is obtained as follows 

= DNH 


so —— 


. [32] 
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where 6 is the width of the workpiece. In Fig. 13 the specific 
energy u is shown plotted against the grain depth of cut t. (The 
ordinate shown on the right for shear stress will be discussed later 
for the grinding tests in Fig. 2.) The energy per unit volume is 
seen to remain constant to a depth of cut of about 28 yu in. and 
then to decrease as the depth of cut increases. 

This region of constant specific energy for depth of cut below 
about 28 uw in. would appear to be significant and worthy of fur- 
ther investigation. In this connection it would be well to ob- 
serve the magnitudes of the shear stresses in this vicinity. While 
it is not possible to determine directly the shear stress which 
obtains in grinding owing to the fact that the effective rake angle 
of all of the active grits is unknown, it is possible to arrive at this 
stress by making use of the micromilling data. 

In micromilling, the strain was observed to be independent of 
the depth of cut, depending only on the rake angle. Now this is 
a fortunate result since it enables the values for micromilling to 
be extrapolated into the range of depths for grinding. While the 
mean rake angle for a large number of effective grits is unknown 
it seems reasonable to assume that there would be just as many 
grits with negative angles as those that are positive and hence 
that zero degrees is a likely value. Therefore the strain in the 
grinding operation will be taken equal to 3.12 which is the 
micromilling value for a rake angle of 0 deg. 

Next, it is necessary to estimate the percentage of the total 
energy per unit volume u that is due to shear. In Fig. 14 the 


Fie. 14 Variation or Ratio or SHear Enercy To Totar Enexcy 
Wrrs Deprs or Cut MIcRoMILLING 


ratio of specific shear energy to total specific energy is shown 
plotted against the depth of cut ¢ for the micromilling tests. If 
the curve for 0-deg rake angle is extrapolated to ¢ = 30 yu in. 
(which is about the mean value for the data in Fig. 13), the value 
of the ratio u,/u is found to be 0.5. The shear stress asso- 
ciated with the grinding tests therefore may be estimated as fol- 
lows’ 


’ Inasmuch as the shear strain for small depths of cut will generally 
be close to 3.0 for a zero-degree rake angle, and the ratio u, /u will be 
close to 0.5 for steel, the shear stress r may be obtained from the 
specific energy to a good approximation when grinding steel as 


follows 
Us 
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Therefore the variation of r with ¢ for the grinding tests is also 
represented by the curve in Fig. 13, with the change of scale indi- 
cated on the right side of the figure. 

It will be recalled from Equation (6] that the theoretical 
strength of a ductile metal should be in the neighborhood of G/ 
(29). For steel this is about 1.8 x 10* psi, which is seen to be 
very close to the shear stress corresponding to the flat portion in 
Fig. 13 which has a value of 1.9 X 10*psi. Thus it would appear 
that when the maximum thickness of the characteristic triangular 
grinding chip is about 28 4 in. or less, the shear strength of the 
metal has its theoretical value. The attainment of this theoreti- 
cal value of strength might be attributed to the depth of cut 
being so small that the material is being sheared between the 
inhomogeneities that account for the usually much lower ob- 
served shear strefigth of the metal. In this connection it is of 
interest to compare the thickness of the layer below which the 
metal exhibits its theoretical strength with independent estimates 
of the mean spacing of the strength-reducing inhomogeneities. 
X-ray diffraction pictures and electronphotomicrographs have 
established the mean inhomogeneity spacing at from 10~* to 
10~* cm (40 to 4in.). The value of 28 yu in. observed here is seen 
to be well within this range. 


+ 


Li 
15 Variation or Srear-Enercy With Specimen Size; SAE 
1112 Steel 


The shear-energy values for the several processes considered in 
this investigation are shown in a single plot in Fig. 15. In this 
plot the energy for the tensile test was obtained from the area 
under the stress-strain curve to the point of rupture, and the 
diameter of the specimen was taken as the characteristic dimen- 
sion ¢. 

After an initial region of constant shear energy there appears 
to be a definite monat d in the shear energy with 
increased depth of cut. It is rather surprising that such an 
orderly size effect is observed, despite the fact that the rate of 
strain was very much different in the several operations studied. 
However, the effect of an increase in temperature has the opposite 
effect from strain rate upon the yield stress of a metal, and 
hence it may be that in all the processes considered the rate of 
strain effect is neutralized by the accompanying increased tem- 
perature. 

The lack of influence of the rate of strain upon the specific 
energy as contrasted to the significant effect of specimen size is 
demonstrated by the energy curves for turning given in Fig. 16. 

A number of the findings of reference (1) may now be explained 


in terms of the foregoing results. The curves in Figs. 6 to 9 
(reference 1), are found to be consistent with the attainment of 
The linear regions of the H-curves in Fig. 
6 (reference 1) correspond to the depths of cut at which the 
theoretical strength is reached. For example, the energy per 
unit volume for the linear region of the 36 alundum curve is 9.7 X 
10* in-Ib/cu in., and the H-curve ceases to be linear at a depth of 
cut of about 0.001 in. This corresponds to a chip depth of cut 
of 30 yw in. if the value of K is considered to be the same as for 
the wheel of the present paper. The theoretical shear strength 
may be estimated by dividing the specific energy by 6 in accord- 
ance with Equation [33]. When this is done a value of 1.62 
10* psi is obtained for the theoretical shear strength of the metal. 
Corresponding values for the other wheels investigated in 
reference (1) give similar results, and these values are seen to 
be close to those obtained in this investigation (28 uw in. and 1.91 


oO 200 400 £00 = 
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X 10° psi). The constant value of stress obtained in reference 
(1) and in this paper should be essentially the same despite the 
fact that in the former case the material was SAE 52100 steel 
while here it is SAE 1112 steel (@ is essentially independent of 
steel composition ). 

We have seen that the theoretical shear strength is G/2x and, 
since G is essentially the same for all steels, it is to be expected 
that the theoretical strength would likewise be the same for all 
steels. This observation further holds for all heat-treatmenis 
and hence the grinding of hard or soft steel under identical con- 
ditions should involve the same cutting force provided the grind- 
ing conditions are such that the value of ¢ is less than the critical 
value to give theoretical strength. 

In reference (1) the grinding forces were found independent of 
the hardness of the metal ground, but upon further investigation 
we find that in all these tests the value of (¢) was within the region 
where theoretical strength obtains. It is clear from the present 
theory that had the grinding conditions been such as to provide 
a chip depth of cut greater than about 30 y in., the forces and 
energy would have been influenced by the specimen hardness. 

In the curves in Fig. 7 (reference 1) in which the grinding 
forces are plotted against table speed there is a proportional re- 
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gion at the very beginning of the curves. For the 36-grit alun- 
dum wheel this proportional region of the H-curve is seen to ex- 
tend to a table speed of about 4 fpm. Now it is evident from 
Equation [32] that such a proportional relationship between H 
and v has the same meaning as does a proportionality between 
H and d, i.e. the specific energy u is constant over the proportional 
region. When the value of » required to give the limiting value 
of t = 30 win. from the 36 alundum curve in Fig. 6 (reference 1) 
is computed from Equation [31] it is found to be 3.7fpm. The 
curves in Figs. 6 and 7 (reference 1) are thus seen to be consistent 
with the theory presented here. 

The data in Figs. 8 and 9 (reference 1), may be similarly shown 
to be consistent with those in Figs. 6 and 7 (reference 1). The 
theory presented indicates that the reciprocal speed curves in 
Fig. 8 will be linear just beyond the last speeds plotted. For 
higher values of reciprocal speed than those tested, the curves 
should become concave downward. Inasmuch as the grit width 
of cut will always be small compared with the width of the speci- 
men, the linear curves in Fig. 9 (reference 1) should be expected 
to be straight for all widths of work. 

From the several tests of this investigation it is evident that the 
percentage of the total energy due to friction increases as the 
depth of cut decreases. For turning under ordinary conditions 
with a zero-degree rake-angle tool only about 25 per cent of the 
energy per unit volume is expended in overcoming friction along 
the tool face, and the percentage is even less than this at low 
cutting speeds. However, as the depth of cut decreases and the 
speed increases, the friction energy increases relatively, reaching 
a value of about 50 per cent of the total energy at the very high 
speeds and small depths of cut which obtain in grinding. The 
way in which the coefficient of friction varys with the depth of 
cut in the several tests of this investigation is shown in Fig. 17. 
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VaRIATION OF Coerrictent or Friction on Toot Face 
Wrrs Specimen Size; SAE 1112 Stee. 


Lapsley, Grassi, and Thomsen (9) have attempted recently to 
correlate the plastic deformation which occurs in turning with 
that in a true stress-strain tensile test, according to the distor- 
tion-energy theory. As pointed out in the discussion of this 
paper the scatter of the cutting points plotted on the stress- 
strain plot is largely systematic and suggests a pronounced size 
effect. The data obtained in the present investigation are shown 
plotted according to the maximum-shear theory in Fig. 10, rather 
than the distortion-energy theory, inasmuch as the maximum- 
shear theory is usually found to be in better agreement with ex- 
periment for large plastic strains than is the distortion-energy 
theory (for example, see reference 10). Here again a pronounced 


JANUARY, 1952 


size effect is observed, only the data for large depths of cut falling 
near the tensile curve extended. Thus neither the maximum- 
shear nor distortion-energy theory is capable of relating cutting 
data reliably to tensile data because of the size effect. 


CONCLUSION 


In applying the micromilling results to the grinding process it 
has been necessary to evaluate the shear strain, the u,/u ratio and 
the value of K (number of grits on a complete circumferential 
line on the Wheel surface) in grinding. In estimating the first 
two of these quantities the micromilling results have been extra- 
polated into the grinding region with the rake angle taken equal 
to 0 deg. If the general shape of the grinding grit were of im- 
portance in chip formation, a negative mean rake angle might be 
expected in accordance with a mean spherical shape. However, 
when it is realized that the mean grit depth of cut is but about 
30 yw in. for grits of about 0.02 in. diam in a 46-grit wheel, it is 
evident that the fine cleavage structure of the grit is of more 
importance than the general! grit shape, and hence that statis- 
tically there should be just as much chance of finding grits 
with negative rakes as those with positive rakes. While the 
application of the micromilling results to grinding is subject to 
the limitations imposed by the use of different cutter materials 
in the two cases (carbide in micromilling and aluminum oxide in 
grinding), it should not be overlooked that the coefficient of fric- 
tion in cutting is far more strongly influenced by rake angle than 
by the tool and work materials or even by any cutting fluid which 
may be present. An investigation of the friction characteristics 
of aluminum oxide and silicon carbide against steel is now being 
conducted. 

The correlation between theoretical strength and the approxi- 
mate shear stress for a grinding chip seems more than coinci- 
dence. The existence and magnitude of the theoretical strength 
is independent of the estimate of K. This quantity is merely 
used to establish the specific value of the grit depth of cut at 
which theoretical strength is first achieved. The quantity K 
appears to have possibilities for putting the property usually 
referred to as wheel structure on a quantitative basis. More 
work is indicated to determine the effect of details of wheel 
manufacture, dressing technique, and wheel-loading condition 
upon this important quantity which figures so prominently in the 
determination of the grit depth of cut, t. 

Grinding is an extreme in metal-shearing processes but by na- 
ture is similar to other cutting methods. The smallness of chip 
size is apparently the most important distinguishing characteristic 
of the grinding operation, and the relatively large specific energy 
and shear stress the important effects. In view of the important 
role which the chip size plays in cutting, it is evident that a size 
factor must be included in any successful attempt at relating 
cutting stresses with those in a tensile test by any of the current 
strength theories such as the maximum-shear or distortion- 
energy theories. 
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Discussion 


L. P. Tarasov. The results of this paper will be of great 
interest not only to those concerned with the details of the grind- 
ing process but also to the solid-state physicists, who long have 
maintained that the intrinsic strengths of metals, calculated 
from a knowledge of interatomic forces, are many times greater 
than found in ordinary mechanical] testing. Perhaps suitably 
conducted grinding experiments, combined with refinements of 
the theory, will make it possible to obtain the theoretically pre- 
dicted strengths for a variety of metals. 

The use of extremely low table speeds by the authors, which 
were necessary if undesirable inertia effects were to be avoided, 
made it possible to observe the region in which the grinding en- 
ergy remains constant with changing depth of cut, provided this 
is kept below 0.001 in. At the considerably higher table speeds 
normally used, this effect is absent because the critical depth of 
cut below which the energy is constant is too small to permit 
successful experimentation. For example, we have found in sur- 
face-grinding hardened high-speed stee! at a table speed of 60 fpm 
with a 32A46-H8VBE wheel that the specific grinding energy 
(calculated from the input power to the motor) decreased with 
depth of cut between 0.00025 and 0.003 in., at first rapidly and 
then progressively less rapidly. 

In ordinary gvinding practice the chip thickness usually will 
exceed the critical size because in those operations where a low 
work speed is employed, the wheel depth of cut is made very 
high, and in finishing operations, where the depth of cut is low, a 
high work speed is employed. 

With regard to Fig. 12 of the paper, it might be inferred from 
the text that the steel was SAE 1112, but the microstructure some 
distance below the grinding scratches indicates a considerably 
higher percentage of carbon than corresponds to this steel, as 
evidenced by the large amount of what appears to be pearlite. 
An explanation of this would be desirable. 


B. T. Cuao® anv K. J. Trtacer."* The authors’ treatment of 
the grinding and micromilling data is a logical approach to the 
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Worcester, Mass. 
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University of Illinois, Urbana, Il. 
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analysis of chip formation under complicated cutting conditions. 
Their discussion of the so-called “‘size effect” not only has a direct 
bearing on many metal-cutting phenomena but also serves to 
clarify one of the fundamental topics in the strength of materials 
and the physics of solids. 

The authors’ method of evaluating the chip-length ratio r, 
from the micromilling data can be simplified. A more direct and 
better method is to plot the chip length /, against the undeformed 
chip length | under the cutting conditions prescribed by the au- 
thors. According to Equation [16] of the paper, the slope of the 
resulting curve at any assigned value of | will represent the cor- 
responding value of r;. Appropriate values for the tooth depth 
of cut t, also can be obtained easily. It is not necessary to em- 
ploy Equations [17] to [19] in the evaluation of the chip-length 
ratio. As an illustration, Table 3, herewith, has been prepared 
for the case when the rake angle of the cutter is 0 deg. 


TABLE3 EVALUATION RATIO FROM MICRO- 


Wheel depth 


Chi U 
of cut, 4 


ngth," chip length, 
d, l= Dd, 
1/1000 in. ‘ in. 
04 
0693 
084 
0 O411 . 109 


* Values taken from Fig. 5(6) of . 
Calculated from Equation of paper 


Values of r, in Table 3 are determined from the slopes of the 
curve shown in Fig. 18, herewith. It is seen that the relationship 
between /, and J is not quite linear. Consequently, the chip- 


O° rake angle 


in 


Chip Length, 


© 


oF 
Undetormed Chip Length, Z , in 


Fie. 18 Variation or Care Lenora Unveronmen Carr 
Lenotu 


length*ratio is not independent of the changes in ¢ as the authors 
believe. This is illustrated by the last two columns in Table 3. 
Merchant’s plasticity equation, which follows: 


2 (shear angle) + (friction angle) — (rake angle) = C 


has been found by many investigators to agree with experimental 
results to a first degree of approximation. That this is also true 
in micromilling operations can be seen from Table 4 of this dis- 
cussion. Tool forces given by the authors, Table 1, are used to 
obtain the pertinent data for Table 4. 

It is evident that, in spite of the pronounced size effect which 
exists in the formation of the extremely thin chips during the 
micromilling operation, the agreement between experimental 
results and Merchant’s plasticity equation is good. However, it 


Chip length of cut, 
3 ratio, ~ 
0.357 231 
0.397 
0.416 462 
| | 
| 
} | | 4 
° 


Tooth 
Friction 
of cut, ~Tool forces* le, 
t, tan », 
microinches Ib Ib deg 
200 90.5 93.6 45.8 
250 105.7 99.7 43.3 
300 119.2 105.0 41.4 
350 130.8 109.6 39.9 
400 140.5 113.3 9 
450 148.7 116.6 38.1 
500 155.7 118.8 37.3 


* Taken from Table 1 of the 


is recognized that there is doubt with regard to the validity of 
some assumptions used in the formulation of the plasticity equa- 
tion. A detailed discussion on this latter subject will be given 
in a forthcoming paper." 

The fact that r, is not a constant with respect to changes in { 


“Thermo-Physical Aspects of Metal Cutting,”” by B. T. Chao, 
K. J. Trigger, and L. B. Zylstra, presented at the Annual Meet- 
ing, Atlantic City, N. J., November 25-30, 1951, of The American 
Society of Mechanical Engineers, Paper No. 51—A-41. 
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TABLE 4 MACHINING CONSTANT IN MICROMILLING 
(For 0-deg-rake-angle cutter) 


~ Machi constant 
Chip- Shear When "4 When ri is 
length angle, varies taken as a 
ratio,” with ¢ constant 
rL deg (writer's) (authors') 
0.349% 19.2 84.2 85.6 
0.36. 19.9 83.1 83.1 
0.374 20.5 82.4 81.2 
0 387 21.2 82.3 79.7 
0 ) 21.8 82.5 78.7 
0.413 22.5 83.1 77.9 
0.426 23.1 83.5 76.1 


per. 
© Values taken from a plot of re against ¢ (using data given in Table 3 of this discussion) 


indicates the need of some modifications of the authors’ con- 
clusions. 


Nore: The combined Authors’ Closure to the discussions on 
the following papers appears on pages 83-86 of this issue of the 
Transactions: (A) “Forces in Dry Surfaces Grinding’: (B) 
“The Size Effect in Metal Cutting’; (C) “Surfaces Tempera- 
tures in Grinding.” In the closure the papers will be referred 
to as (A), (B), (C). 
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Surface Temperatures in Grinding 


By J. O. OUTWATER! anv M. C. SHAW,* CAMBRIDGE, MASS. 


Heat-transfer theory involving a moving heat source is 
applied to the grinding process to obtain an equation for 
the mean surface temperature in grinding. This equation 
predicts surface temperatures as high as 3000 F for a rep- 
resentative fine grinding operation. The analysis shows 
that in finish-grinding the surface temperature is reduced 
by decreasing the chip depth of cut but in snagging opera- 
tions the surface temperature may be reduced by increas- 
ing the chip depth of cut. Representative values of the 
mean temperature between the chip and the grinding 
wheel obtained by the toolwork thermocouple technique 
are presented and discussed. The role of the grinding 
atmosphere in the production of sparks and in determining 
the energy involved in grinding is illustrated by experi- 
mental data. When the oxygen concentration of the 
atmosphere is very low, the specific grinding energy is 
found to be unusually high. The existence of high surface 
temperatures in fine grinding operations is demonstrated 
by the presence of a transformed surface layer that is 
largely retained austenite. 


INTRODUCTION 


N THE two preceding papers (1, 2)* in this series on the 
I fundamental aspects of the grinding process, the results of 
data obtained from a grinding dynamometer were presented 
and discussed. The energy per unit volume was found to be 
unusually high in grinding as a result of the relatively small depth 
of cut associated with this process. At the same time the grind- 
ing operation is normally carried out at a high cutting speed. 
From this combination of high cutting speed and a relatively 
large dissipation of energy per unit volume of metal removed 
(specific energy), high instantaneous valies of surface tempera- 
ture are to be expected. In this paper the manner in which the 
surface temperature is influenced by the ordinary grinding varia- 
bles will be considered and some of the consequences of such 
high surface temperatures will be discussed. 
In reference (2) it was shown that, to a good approximation, 
a grinding chip could be represented as a long slender wedge of 
constant width as shown in Fig. 1, and it was found that the 
undeformed length | and maximum height ¢ of such a chip could 
be obtained from the expressions 


i= VDa.. 
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CHIP DETAIL 


Fic.1 Carp Formation in Surrace Grinpine 


t yi) yi) [2)* 
eDNCr YD VCr D 
where 


D = wheel diam, in. 

d = wheel depth of cut, in. 

v = work speed, sfpm 

V = wheel speed, sfpm 

N = spindle speed, rpm 

C = number of cutting grits per sq in. 

r = ratio of the width to the depth of the groove produced by 
the mean grit 


It was further observed that the energy per unit volume could be 
obtained from the equation 


where 

H = the mean tangential force on the wheel, |b 

b = the width of the workpiece, in. 

‘This Equation may be readily verified in the following way 
The number of chips produced per revolution is rDbC where 6 is the 
width of the workpiece. At the same time the volume of meta! 


removed per revolution is 5 J Hence the volume per chip will be 


= _ From Fig. 1 the volume per chip is also 1 /2 th’l where b’ is the 

NeDbC 

t 
width of the chip and equal to 2 r. Thus 
1 t 12 od 
2! (; r) 
Upon substituting for 1 from Equation [1] and solving for ( 
4he a\'" 


which is in agreement with Equation (2) 


\ 
| 
4 
4 
VH 
= 
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TABLE | REPRESENTATIVE GRINDING DATA 


Wheel designation...... how S2AH-48- VBE 

Wheel size bore 
Wheel speed, V... 

Table speed, v .4fpm 

Work width, b.. hes 0.5 in. 

Number of cutting per Dis 

Wheel depth of cut, d.. . : 0.001 in 
ean tangential H 3.35 lb 

Mean ratio of width to depth of groove, r 50/3 

Undeformed chip length, / 0.09 in 


Maximum chip thickness, ¢ 30 w in. 

Total specific energy, u 10.5 & 10* in-Ib/eu in 
Shear energy. per unit volume, us 5.25 X 10° in-Ib/eu in. 
Mean chip-length ratio, r, 0.362 


Mean shear angle, ¢. i9.9° 


a) UP GRINDING 


4) DOWN GRINDING 


bia. 2) Up anv Down Survace Grinpine 


Representative values for the quantities in Equations, {1}, {2}, 
and [3] are given in Table 1 for a surface grinding cut in which 
the wheel width was greater than the work width and the entire 
width of the specimen was ground in a single pass. 

As in the case of milling, two types of grinding may be dis- 
tinguished: Upgrinding in which the work and wheel travel in 
opposite directions and downgrinding in which the wheel and 
workpiece move in the same direction, Fig. 2. It was found in 
reference (1) that the horizontal force is essentially the same for 
up and down surface grinding. A significant difference is ob- 
served in the nature of the vertical component of force in the 
two types of grinding and the two types of milling. In up milling 
the vertical component of force tends to lift the workpiece from 
its support, thus making it more difficult to hold the part, whereas 
in down milling the vertical force is directed into the surface 
of the workpiece. However, in both types of grinding the vertical 
force on the workpiece is directed downward into the finished 
surface. The reason for this difference between milling and 
grinding may be found in the difference in the geometry of the 
chips produced in the two processes. In grinding, the maximum 
chip thickness ¢ is so small compared with the undeformed chip 
length | that the circumferential component of force on a grit 
remains very nearly horizontal throughout a cut. This is not the 
case with milling and indeed here all the reversa] in vertical 
foree with up and down milling is due to the change in direc- 
tion of the circumferential foree which occurs during a cut. It is 
thus evident that without alteration, the dynamometer of refer- 
ence (1) could not be used to study the ordinary milling process. 

Actually Equation {3} should be written as follows for up (+ 
sign) and down (-— sign) grinding 

A(V v) 


[4] 


However, the second term on the right side of this equation 
which was omitted in Equation [3] is very small compared with 
the first. Inasmuch as v/V is of the order of 0.001, the error in 
neglecting the last term of Equation [4] is but 0.1 per cent and 
hence Equation [3] may be used for both up and down grinding. 


Enercy ConsipERATIONS 
The total specific energy involved in a fine grinding opera- 
tion is of the order of 10’ in-lb per cu in. This energy will appear 
in several forms which include: 
1 Heating of the workpiece 
2 Heating of the wheel 
3 Kinetic energy of the chips 
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4 Heating of the chips 

5 Radiation to the surroundings 

6 Generation of new surface 

7 Residual energy remaining in the lattice of the ground sur- 
face and the chips. 


All but three of these are heat quantities and we might con- 
sider these three first. The data of Table 1 will serve to illus- 
trate the magnitude of the several quantities involved in the dis- 
cussion. The chips leaving the wheel will move with a velocity 
equal to that of the periphery of the wheel and hence the kinetic 
energy involved will be 


Y = specific weight of the chips, lb/cu in. 
g = acceleration due to gravity, ft/(sec*) 
V = wheel speed, sfpm. 


where 


Or, upon substitution 


| (12) (0.28) /6000)* in-Ib 


This is obviously negligible compared with the total specific 
energy involved in the process (of the order of 10’ in-lb per eu in.). 

For the chips of Table 1 the area created perun it volume of 
undeformed chip will be 


t lir 


1/2 (ltr) tr 


Upon substitution this gives 0.075 X 10° sq in./cu in. Since the 
energy involved in the generation of new surface in an iron speci- 
men is of the order of 1000 ergs per em? (0.006 in-Ib/sq in.), the 
specific surface energy amounts to (0.075 X 10*) (0.006) or 447 
in-lb per cu in. Actually, when the deformation of the chip is 
considered, this quantity is reduced to about one third this value 
(chip length ratio = 0.36). In any case, the specific surface 
energy is seen to be negligible with regard to the specific shear 
energy (5.25 X 10*in-Ib/cu in.). This has also been shown to be 
the case for single-point cutting by Merchant (3). 

When a metal is plastically deformed all of the strain energy 
involved in the deformation does not appear in the form of heat, 
but a certain portion of this energy is retained in the specimen 
in the form of the increased internal energy associated with 
residual lattice distortion. Taylor and Quinney (4) have investi- 
gated this matter and have found that from 5 to 15 per cent 
of the strain energy does not appear in the form of heat when 
bars are twisted or elongated. When these results are further 
studied it is found that the smaller amounts of residual strain 
energy on a percentage basis are associated with those tests in- 
volving the greatest amounts of distortion energy. Thus there 
appears to be a saturation value with regard to the amount of 
energy a given metal can retain in the form of lattice distortion, 
and hence when metals are subjected to increasing amounts of 
distortion the retained energy decreases on a percentage basis. 
Epifanov and Rebinder (5) have recently found the retained 
energy to be but 1 to 3 per cent in an experiment similar to that 
of Taylor and Quinney but involving the drilling of aluminum. 
Now, even as the specific shear energy involved in drilling is 
large compared with that in twisting a rod, the specific shear 
energy in grinding is much larger than that in drilling. From 
this we might conclude that a negligible quantity (probably less 
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than one per cent) of the shear energy involved in grinding will be 
retained in the chips and finished surface in grinding. 

From the foregoing discussion it is evident that practically 
all of the 10’ in-lb per cu in. involved in grinding will appear 
in the form of thermal energy at one point or another of the sys- 
tem. The portion of this energy which flows into the work- 
piece in the form of heat will be considered first, followed by a 
briefer discussion of other areas which appear to be of lesser 
technical importance from the standpoint of the temperature 
attained. 


BackGROUND 
The first law of thermodynamics may be written 


dQ — dW =dE... 
and states that the fet heat flowing into the matter contained 
within a rigid control volume in space (dQ) minus the work done 
by this contained matter on its surroundings (dW) is equal to 
the change in internal energy of the enclosed matter (dZ). It 
is found empirically that the net heat flowing in across one sur- 
face of a control volume and out across another parallel surface a 
distance dS away is given by Fourier’s equation. 


kdOAAT 
dS 


dQ = . {8} 
where 
d6 = the difference in temperature of the two surfaces 
A = the flow area 
aT = the time involved 
k =a “constant” of proportionality 
ficient of thermal conductivity. 


known as the 


coef- 


The units of & are Btu/in.*/sec/(deg F/in.) and & for metals 
actually decreases with increased temperature. The change in 
the internal energy of a solid body is conveniently expressed by 
the change in temperature of the body as follows 


where + is the specific weight of the body of volume V,, and c is 
a proportionality constant known as the specific heat. The units 
of c are Btu/Ib/deg F and c for metals actually increases with 
increased temperature. If now we apply Equations [7], [8], 
and [9] to a control volume of infinitesimal magnitude as shown 
in Fig. 3, the following differential equation is obtained 


q 4 


one (10) 


ey \dzt * cy 
where q is the rate at which work or energy is added to the system 


y 


, 


dz 
7 


2 


Fie. 3) Marertat Particie 


per unit volume. The quantity q may be due to the absorption 
of radiant energy, radioactive decay, friction, plastic deformation, 
or other causes. In our application g arises from plastic defor- 
mation during the grinding process; however, it is convenient to 
consider the case of a plane friction slider first. The quantity 


k/ye which appears frequently in thermal! calculations has been 
called thermal diffusivity by Kelvin and is represented by the 
symbol K. The units of K are in.*/sec and this quantity de- 
with i d temperature. 
Equation [10] may be applied to a plane slider, Fig. 4, which 
moves with uniform velocity V’ (in./sec) and which is very long 
in the y direction compared with its length in the x direction (22). 


42 


Fro. 4 Supex 


The slider is assumed to be a perfect insulator (k = 0) so that all 
of the frictional energy that is dissipated at the sliding inter- 
face at the rate ¢ Btu/in.*/sec will flow into the lower stationary 
surface and cause its temperature to rise. The details of the 
solution for the temperature @ at any point may be found in 
references (6) and (7). The mean (8) and maximum 6,; tempera- 
tures at the interface are of most practical interest and the fol- 
lowing results have been taken from Jaeger’s important paper (7) 
For L >5 


{12) 
For L <5 


[13] 


{14} 


where L = ox , f and f,, are given in Fig. 5 and all quantities are 


in English units (Btu, lb, in., sec). 

The manner in which the temperature varies along the sta- 
tionary surface is shown nondimensionally in Fig. 6 for several 
values of L. The ordinate of this plot is proportional to the tem- 
perature for a given metal and condition of friction. The posi- 
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Fie. 5 Mean Maximum Temperature oF 
Prane Super or Lyrintre Wipts Siipine on Perrect InsuLator 
{After Jaeger (7).| 


x 

L| 4 

6 = 0.636 ig 

6, = 0.636 ; é.. 
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Tempexaturne Curves FoR Plane Siiper oF 
on a Perrect Insutator 


hia. 6 
{After Jaeger (7).| 


tion of the maximum temperature is seen to approach the trailing 
edge of the slider as the velocity of the slider increases (i.e., for 
large values of the velocity parameter L) and to approach the 
center of the slider as the velocity approaches zero. 


CALCULATED GRINDING TEMPERATURES 


We will now use Equations 10 to 14 to compute the tempera- 
ture that is reached in a gr 1 surface at the tip of a grinding 
grit. The mean grinding point may be considered to cut with a 
zero-degree rake angle as shown in Fig. 7 for reasons expressed 
in reference (2). The grit depth of cut ist. The line AB repre- 
sents the shear plane which makes an angle @ with the direction 
of motion. In any cutting process all of the strain occurs in a 


Fic. 7 Partiatcy Formep Gainpine Cap 


very narrow band extending along shear plane AB and hence as 
in the friction process the energy will be dissipated along a dis- 
tinct line AB. If we assume the shear stress to be constant 
along shear plane AB, then the specific energy that is converted 
into thermal energy during the shearing process will be con- 
stant from A to B and equal to u, in-lb/cu in. This will be 
known as the specific shear energy. This thermal energy will 
flow partly into the chip and partly into the workpiece in the form 
of heat, and will be responsible for the temperature that obtains 
at any point from A to B. 

In Fig. 6 it is evident that relatively little heat has a chance to 
escape at the front of the slider. This is particularly the case at 
high speeds (large values of L). Hence we may ignore the in- 
clination of slider AB in Fig. 7 and replace it by slider AC. Then 
the temperature at any point in surface ABE will be given to a 
very good approximation by the temperature at the vertical 
projection of this point on plane surface ACD. 

While Equations [11] to [14] cannot be applied directly be- 
cause our slider (chip) is not a perfect insulator, we may take 
care of this difficulty by applying the ingenious method which 
Blok employed in his solution of the temperature distribution 
in a friction slider (8). If R is the fraction of the total shear 
energy which leaves with the chip, the fraction which passes 
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into the workpiece will be (1 — R). Thus Equation [11] or 
{13] may be applied to find the mean temperature across AB 
if g is taken equal (1 — 2) times the actual energy dissipated per 
unit area per unit time. An expression for the mean temperature 
from A to B may also be obtained by assuming the surface below 
AB to be a perfect heat insulator, the quantity q this time being 
taken equal to R times the actual energy dissipated per unit area 
per unit time. By equating these two values of mean tempera- 
ture we obtain an equation in which R is the only unknown and 
the distribution of energy between chip and work is thus estab- 
lished. This procedure will now be followed in detail. The 
quantity g will be obtained first. By definition we have 
15 
teot (b’ 12) 


where 
W, = the total shear work involved in cutting (in-lb) 

J = the mechanical equivalent of heat (778 ft-lb /Btu) 

b’ = the width of the cut (in.) 
This Equation may be written 

( Ww (; ve 
o/\127) ~ 127 cot 
where u, is the specific shear energy. 
For the conditions of Table 1 

(5.25 & 10*) (1200) 
12 (778) cot (19.9°) 


> = 244,000 Btu /in.*/sec. 


Assuming all of the energy Rq passes off with the chip, the 
mean temperature across AB will be 


(Rq) b’t cot Rq cot @ 
cy V'tb’ ev V’ 


The expression for 6 when all of the energy (1 — R)g flows into 
the lower surface may be obtained from Equation [11] or [13] 
depending on whether L is greater or less than 5, where 


V'tcot@ 
If L > 5 then from Equation [11] 
0.752 (1 — R)qgtcot 
2k VL 
Equating Equations [17] and [19] and solving for R 


1 
1+ See 


VL 


Similarly if L < 5 then from Equation [13] 


0.608 K (1 — Bes 


6 


I-quating Equations [17] and [21] and solving for R 


1 
f 
We will now compute the temperature for the conditions of 
Table 1 when the cut has proceeded halfway, i.e., when ¢ = 154 in. 
To do this it is necessary to have a plot of thermal conductivity 
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and specific heat ¢ against temperature for a low-carbon steel. 
The curves shown in Figs. 8 and 9 are from reference (9). The 
specific weight of steel varies only slightly with temperature and 
will therefore be taken constant at 0.28 Ib/cu in. Now let the 
mean temperature 6 be assumed to be 1500 F, then from Equa- 
tion [18] and Figs. 8 and 9 


(1200) (15 x 10 ~*) (2.76) 
4 (0.0045) 


From Equation [22] and Fig. 5 


1 
i = 0.49 
(1.57) (2.76) 


(4.2) 
and from Equation 
(0.49) (244000 ) (2. 76) 
(0.3) (0.28) (1200) 


It is evident that the assumed value of @ is too low. Next, as- 
sume 6 = 2000 F and repeat the calculation. In this case L = 
8.68 and using Equation (20) this time 


= 3270 F 


1 
= 0.616 
0.665 (2.76) 


V 8.68 
and hence from Equation [17] @ is found to be 2245 F.  Repeat- 


ing the foregoing procedure until a check is obtained leads to the 
solution 


R= 


6 = 2125F 
L =10 
R = 0.65 


Thus the mean temperature across the shear plane is 2125 F, 
while the maximum temperature is (1.5) (2125) = 3200 F (Equa- 
tion [12]) and occurs very near point A, Fig. 7. In this case 65 
per cent of the shear energy passes off with the chip while 35 per 
cent flows into the workpiece in the form of heat and gives rise 
to the temperature distribution shown by the curve of Fig. 6 
marked L = 10. An analytical and experimental study of the 
temperatures encountered in single-point metal cutting has re- 
cently been published by Trigger and Chao (10). When these 
results are compared with those presented here it is evident 
that the temperatures involved in grinding are much higher 
than those in the turning operation. 

While the maximum temperature (3200 F) is above the equilib- 
rium melting point for low-carbon steel (2800 F), this does not 
mean that the surface metal is really molten. Melting is a 
time-temperature reaction and will occur at about 2800 F only 
under equilibrium conditions. It will take but 0.035 yu sec for the 
grit to travel the 41.5 uw in. corresponding to distance AB at the 
cutting speed of 1200 in./sec. Furthermore, a certain latent 
energy is associated with the equilibrium phase transformation 

* The dotted portions of these curves are extra of the data 
below the transformation temperature (1335 F) for a sample of SAE. 
1008 steel. The few data points given in reference (8) for tempera- 
tures above the transformation point have been ignored inasmuch as 
the heating rate was such (3 C per min) that the material could 
transform, and the breaks in the data at the transformation tem- 
perature indicate that the material has actually transformed. Inas- 
much as the surface temperatures involved in grinding are reached 
in a small fraction of a microsecond, the rate of heating is considered 
to be so high that s transformation will not occur immediately, thus 
indicating that the ext med curves should be 
paper will occur after the development of temperatures that are 
far above the ordinary equilibrium transformation temperature. 
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which occurs at 1400 F; and if this phase transformation should 
occur, we have an additional reason for suspecting that melting 
may not occur. The temperature near the surface may remain 
above the equilibrium transformation temperature (1400 F) 
long enough to allow a very thin layer of metal to transform to 
austenite. This possibility will be considered in greater detail 
later. 

The temperature distribution when the grit depth of cut is 0.1 
times fmax, and 0.9 times tmsx may be similarly computed. The 
results of these calculations are presented in Table 2 together 
with those already obtained for ¢ = 0.5 tmx. 

The equations used in the foregoing calculations were derived 
on the basis of a steady state and since we have applied them to 
a nonsteady-state process, the significance of this approximation 
should be considered: When a slider starts from rest a certain 
time must elapse before a steady equilibrium temperature dis- 


7 
| 
+—+—+—4+-—+ 
AD 
A 
Bl 


TRANSACTIONS OF THE ASME 


TABLE 2 COMPUTED TEMPERATURE VALUES 
Per cent completion t 
of cut » in. L 
10 3 1 
50 15 10 
90 27 25 
tribution obtains. The steady state is approached asymptoti- 
cally and theoretically the absolute steady state is attained at 
time 7 = @. However, the temperature distribution is in- 
distinguishable from the absolute distribution after an elapsed 
time of but 


(23) 


For the middle condition of Table 2, this amounts to 


6 (10) (10.5 x 10-*) 
(1200) 


As already mentioned, the time taken to travel distance AB, 
Fig. 7, is .035 w sec. It is evident that the equilibrium tem- 
perature is reached when the shear plane starts from rest and 
moves through a distance that is about equal to its length. There- 
fore, the degree of approximation that is involved in applying the 
steady-state theory to this nonsteady problem will be insignifi- 
cant. 


= 0.044 u sec 


EXPERIMENTAL GRINDING TEMPERATURE 


A little reflection will reveal that it is not easy to measure the 
temperatures which have been computed in the foregoing section, 
in fact, it is not at all evident that such temperatures can be 
measured. Inasmuch as the temperature decreases extremely 
rapidly from the surface downward into the metal, it is obviously 
hopeless to bury thermocouples below the surface at known 
distances and attempt to extrapolate the measured temperatures 
up to the surface of the metal. The extreme rate at which the 
heat leaves the surface also rules out the use of a sensitive bolome- 
ter to measure the radiation from the surface after the wheel 
has passed. However, a grinding temperature can be meas- 
ured by use of the toolwork thermocouple technique (11), in 
which the wheelwork interface constitutes the hot junction of a 
thermoelectric circuit. The temperature thus measured will not 
correspond to that on surface of the finished surface, however. 
About half of the total energy involved in grinding is dissipated 
on the shear plane and as we have already seen, a variable por- 
tion of this energy passes into the workpiece in the form of heat. 
The remaining 50 per cent of the specific energy is dissipated 
along the face of the grit as a result of friction. This energy will 
flow partly into the chip and partly into the wheel. Now, the 
chip-grit thermocouple technique will measure the mean tem- 
perature for all points of contact between the metal and the 
wheel. Since this contact area will be predominantly between 
the face of the grit and the face of the chip, the temperature 
measured will be essentially the mean value along the face of a 
grit rather than the desired temperature of the finished surface. 
In addition to this difficulty, the measured temperature will be 
the time mean value for a number of simultaneous cuts* that are 
in varying stages of completion. Despite this difficulty of inter- 
preting the results, it would seem worth noting the order of 
magnitude of the mean chip-grit interface temperature. 

To do this a vitreous-bonded, silicon-carbide wheel having a 
relatively low-contact resistance was found. While the thermo- 

* The number of grits cutting at one time will be (Cb) where C 
is the number of grits per unit area and b is the width of the work- 


piece and | is the undeformed chip length. For the conditions of 
Table | this quantity amounts to 87. 
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electric power of a silicon-carbide-steel combination is very 
much higher than that for ordinary metal combinations, the high 
impedance of the grinding wheel compared with that of ordinary 
metals makes it very difficult to measure the thermoelectric emf. 
The advantage which exists in the high thermoelectric power 
is more than offset by the difficulty introduced by the high 
impedance. By use of a vacuum-tube voltmeter in the manner 
indicated in Fig. 10, it was possible, however, to obtain some 
approximate data. 

The wheelwork couple was calibrated in a furnace against a 
chromel-alumel couple to a temperature of 1600 F. The straight 
calibration line was extrapolated linearly beyond 1600 F, inas- 


, 


Fie. 11 Care-Grir Inrerrace Temperatures at Two Work 
Spreeps 
(Silicon-carbide wheel, 8 in. diam, 5000 sfpm.) 


much as the results of Busch, Schmid, and Spondlin (12) showed 
the thermal emf of silicon carbide against metals to be linear over 
a wide range of temperatures. The slope of the curve corres- 
ponded to 0.01 volts per 100 F. Representative grinding results 
are given in Fig. 11 where each data point represents the mean of 
10 independent readings. These mean temmeratures are seen to 
reach values in excess of 2000 F. 


SPaRKs AND CHIPS 


Little can be inferred with regard to the surface temperatures 
involved in grinding by observing either the sparks or the chips 
after they have cooled. The chips leaving the workpiece do not 
glow immediately despite the fact that the major portion of the 
grinding energy leaves with the chips in the form of thermal en- 
ergy. Glowing chips or sparks are first observed a short dis- 
tance beyond the wheelwork interface. This indicates that 
the sparks are due to an exothermic reaction with the oxygen 
in the air. To show this, a large observation balloon was placed 
around the wheel and workpiece to provide an impervious en- 
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velope. When the air was displaced from the bag with nitrogen 
and steel was ground in the inert atmosphere, no sparks were ob- 
served. This demonstrates the importance of oxygen in the 
formation of sparks. 

Not all metals will produce sparks even in air. To show this a 
number of pure metals were ground in air using the silicon-car- 
bide wheel of the foregoing section and the approximate mean 
temperature at the chip-wheel interface was measured and the 
presence of sparks noted in offhand grinding. These results 
are presented in Table 3. Here it is evident that of the nineteen 
pure metals tested, only seven produced sparks. When these 
tests were repeated in a nitrogen atmosphere, no sparks were 
visible. 


TABLE 3 SPARKING CHARACTERISTICS OF PURE METALS 


Metal 
Aluminum,............ 
An 


Titanium 
Tungsten 
Zine 


From these data alone it seems apparent that the formation 
of sparks is a chemical rather than a thermal phenomenon. 
If the kinetics of the oxidation reaction are satisfactory, the 
chip leaving the wheel will oxidize at an increasing rate as its 
temperature increases as a result of the energy released during 
the reaction. The temperature of the chip will reach a very high 
value and it will radiate energy in the visible range, the color 
of the emitted radiation depending on the constituents of the 
chip. The time at high temperature of some of the chips will be 
sufficient to cause melting and the formation of spheroidal par- 
ticles due to surface tension. This accounts for the large number 
of spheroidal particles that are observed among the chips that 
are formed in finish-grinding operations where the chip depth of 
cut is small. As the temperature rises, the carbon in steel will 
oxidize to a gas which will tend to explode the softened metal, 
thereby forming the secondary branched sparks that are char- 
acteristic of high-carbon steels and so useful to the metallurgist 
in the spark analysis of steels. 

From these considerations it is evident that the occurrence 
and appearance of sparks in grinding are largely independent of 
the temperatures involved in the actual grinding process. The 
fact that the chips undergo extensive changes after they leave 
the grinding wheel precludes the possibility of inferring much 
concerning the grinding process from the appearance of the re- 
sulting chips. 


GRINDING ATMOSPHERE 


In order to gain some insight into the importance of the at- 
mosphere surrounding the wheel and workpiece during grinding, 
forces were measured when grinding in nitrogen. A neoprene 
observation balloon was fitted around the wheel, workpiece, and 
dynamometer and the air displaced by nitrogen. The observed 
effect of the nitrogen depended on its purity and it was only 
after repeatedly filling and emptying the bag and grinding for 
several passes that, the residual oxygen was consumed and a sig- 
nificant change in the grinding was observed. When the oxygen 


concentration was very low, the grinding forces were unusually 
high, in some instances being 25 times as high as the corresponding 
values in air. In order to be sure that the inertness of the 
atmosphere was responsible for these results and not the nitro- 
gen itself,’ the tests were repeated using helium. The helium 
results were the same as those with nitrogen. When a trace 
of air was admitted, the grinding forces returned to atmospheric 
air values. Representative force values are given in Table 4. 
TABLE 4 GRINDING DATA IN AIR AND INERT GASES 
Depth of cut, 0.0005 in.) 
Horisontal foree, Ib 
1.3 


35.0 
37.5 


(Wheel speed, 3000 rpm; Table speed 2 fpm; 
Vertical force, Ib 


Atmosphere 


Helium... 


These observations collectively indicate that a trace of oxygen 
plays a very important role in the grinding process. Were it not 
for the oxygen present in the air, the rate at which metal is 
removed in finish grinding would have to be greatly diminished 
due to the danger of damaging the finished surface by the develop- 
ment of excessively high temperatures. 

The important role which a trace of oxygen plays in grind- 
ing is thought to be due to the decreased tendency for metals to 
weld if a thin layer of oxide is present. A nascent-heated iron 
surface will oxidize extremely rapidly in air to form a primary film 
of iron oxide from 10 to 20 A thick. However, subsequent 
increase in oxide thickness requires an increasingly longer time. 
In atmospheric grinding such a primary oxide forms practically 
instantaneously and thus prevents the chip from rewelding to the 
workpiece. In the absence of oxygen, the chip will reweld to 
the finished surface as it curls back on the work and because of 
this the same metal may have to be sheared several times before 
it finally leaves the system as a free chip. This mechanism would 
account for the large increase in grinding energy when grinding 
in an inert atmosphere. 

The tendency for one chip to weld to the next in an inert 
atmosphere is illustrated in Fig. 12. Here a great many indi- 
vidual chips are shown welded into one solid mass which is at- 
tached to the edge of a specimen ground in nitrogen. A compari- 
son of Figs. 13 (a) and (6) provides further evidence for the re- 
welding of chips in the case of grinding in an inert atmosphere. 
Fig. 13(4) shows the beginning of a cut in air while Fig. 13(b) 
is a corresponding surface ground in nitrogen and shown at lower 
magnification. 

Courtel (13) has reported some interesting orientation results 
when metal is ground in vacuum. Using the electron-diffraction 
technique he found that metals ground in air showed no preferred 
orientation in the surface whereas metals ground in vacuum were 
strongly oriented. In the case of steel ground in vacuum, 
the [111] planes were oriented parallel to the ground surface, 
whereas with magnesium, the basa] [001] planes were aligned 
along the ground surface. Surfaces ground in air merely showed 
oxide rings but no orientation. It would appear that the much 
greater energy associated with grinding in an inert atmosphere 
with its accompanying greater working of the ground surface 
could be responsible for the observed orientation. 


Discvsston 


It has been found that high values of surface temperature are 
obtained in finish-grinding operations. In fact, the computa- 
tions presented here indicate surface temperatures far in excess 
of the transformation temperature of steel. Whether a trans- 
formation actually takes place depends on whether these high 

7 It is conceivable that under the unusual conditions of high pres- 


sure, high temperature, and clean surface that are present in grind- 
ing, the nitrogen molecule might be split and a metal nitride formed. 


j 
60.0 
ting point, tem ture, 
deg F 
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Calcium... 1567 
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temperatures exist for a sufficient length of time. When finished 
surfaces of SAK 52100 steel are carefully examined, a shallow 
transformed. layer is observed. This can best be studied by the 
taper-section technique, and the white intermediate layer in 
Fig. 12 of reference (2) is such a transformed layer. This par- 
ticular layer is from 25 to 50 yw in. thick and preliminary x-ray 
diffraction work shows it to be largely retained austenite. It 
appears that the cooling rate is so very rapid when heat flows 
into the bulk metal following grinding that the austenitic layer 
does not have time to transform. Sakmann (14) has observed 
that metallographic surface changes also occur when steel sur- 
faces are run-in, and explains these changes in terms of a carbon 
enrichment associated with the decomposition of the hydro- 
carbon lubricant that is present. The transformed layer in grind- 
ing appears to be similar to that observed by Sakmann on run-in, 
but the absence of any fluid in the grinding tests makes his 
explanation appear inadequate. At the moment the mechanism 
of formation of the transformed layer is not fully understood but 
the fact that it is largely austenite appears significant. A detailed 
study of transformed grinding layers and their significance in the ‘iG. 12. Weipep Cures Attacnep To or Metar Specimen 
use of finished surfaces will be presented in a later paper. Growunp un Nrrrocen, 25X 


(6) Ground in nitrogen, 200 x 


Fie. 13 ANNEALED SAE 52100 Stee. Scrraces 


The Equations which have been derived for surface tempera- u, u, 

tures may be brought together into more convenient form. In- = 12 Jey R= [24] 
asmuch as L will always be greater than 5 in grinding opera- “"v 1 + 1383 gf kd 

tions Equations [16], [17], and [20] may be combined to yield v't 


4 . 
7, 
(a) Ground in air, 500 x 
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This equation reveals that the mean surface temperature is 
directly proportional to the specific shear energy u, and the dis- 
tribution coefficient 2, and inversely proportional to the specific 
heat of the metal cut, c. 

When grinding with a chip depth of cut ¢ that is below the 
critical value to give theoretical shear strength (= 30 yw in., 
see reference 2), the value of u, is independent of ¢. Thus, for 
finishing cuts, where the surface temperature is a matter of 
major concern, a lower surface temperature may be obtained by 
reducing the chip depth of cut and hence the quantity R. This 
may be achieved in several ways as can be seen from Equation 
{2}. 

When the chip depth of cut is above the critical value, the 
quantity u, decreases with increased ¢, as shown in Fig. 15 of 
reference (2). The quantity R increases with increased chip 
depth of cut ¢. However, the rate of change of R with ¢ is much 
less than the rate of change of u, with ¢, and hence the surface 
temperature decreases with increased depth of cut. Thus, for 
cuts where ¢ is above the critical value, the surface temperature 
may be reduced by increasing the chip depth of cut. It is for 
these reasons that overheating is not a problem in snagging 
operations where the metal is removed at a very rapid rate with 
a large chip depth of cut. Thus in all cases the shear energy 
per unit volume is the major quantity which determines the 
level of surface temperature involved in a grinding operation 
and from the foregoing considerations it may be seen how the 
surface temperature may be most effectively reduced by alter- 
ing the grinding variables. 
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Discussion 


B. T. Cuao.* The analysis and the data presented in this 
paper not only clarify some of the grinding phenomena here- 
tofore inexplicable but also are badly needed as an aid to under- 
stand the common grinding defects, such as hairline cracks, grind- 
ing burns, and the like. It is interesting to see that even in fine 
grinding operations the surface temperature may reach as high as 
3000 F or more. 

In the method advanced for the calculation of the mean tem- 
perature across shear plane by Equation [17] of the paper, the 
specific heat of the material was taken as the value corresponding 
to the final temperature reached by the chip. This introduces 
appreciable error in the final result. Inasmuch as the metal is 
heated from an initial temperature of about the same magni- 
tude as the ambient to a finial temperature of several thousand 
degrees, we have to take into consideration the variation of spe- 
cific heat with temperature. On ignoring the change in density 
of the material, we have 


Quantity of heat supplied to unit weight of chip = 


where 6; and 6, are the initial and final temperatures, reepeo- 
tively; C is the mean specific heat within the temperature range 
in question. It can be evaluated from Fig. 9 of the paper by 
measuring the area under the curve between proper temperature 
limits. In view of all the uncertainties involved in the analysis, 
a fair and simple approximation is to use the value corresponding 
to the arithmetic mean temperature. Thus Equation [17] of 
the paper should be modified 


On account of the extremely steep temperature gradient near 
the surface of the workpiece during grinding, nothing is certain 
yet about the proper selection of values for K in Equation [18] 
of the paper. One choice is to follow the same procedure as one 
does for the specific heat of the chip, i.e., values corresponding to 
mean surface temperatures. Another possibility is to use the 
value at the bulk temperature of the workpiece. When the latter 
method is adopted, it is obvious that the authors’ Equations [20] 
and [22] are no longer valid. 

However, if we choose the former procedure, and calculate the 
corresponding values of L and R, the results, given in Table 5 
of this discussion, are obtained. 

TABLE 5 GRINDING DATA 


———For t = 0.5 tmax—-— ———For ¢ = 0.1 
Values given Correeted Values given 
by the authors. values, by the oupen, 
deg F deg F deg F 


1750 


3070 
0 1 
0.50 0.25 


It is seen that when the grit depth of cut is larger, the tempera- 
ture is higher. Owing to this increase of temperature as ¢ in- 
creases from 0 to tmax, the effect of the nonuniform temperature 
distribution as shown in Fig. 6 of the paper, is partially com- 
pensated. In the neighborhood of the grit tip A in Fig. 7 the 
temperature is relatively uniform since L is very small. All 
ment of Mechanical Engineering, 
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que,” by R. Courtel, Revue de Metallurgic, vol. 46, 1949, p. 24. 
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these point to the conclusion that the chance for the heat to es- 
cape at the front of the slider may not be insignificant. A part 
of the heat which flows into the workpiece will be present in the 
chips removed by succeeding grits. The portion of the shear 
energy which passes off with the chip will be higher than that 
estimated by the authors’ method. 

In discussing the possible error introduced by applying the 
steady-state equations to nonsteady grinding operations, the 
authors made use of certain time criterion 7, calculable from 
the authors’ Equation {23}. 7’, has been found to be 0.044 ysec (or 
0.058 psec when the corrected values for L and K are used). If 
this value of 7’, is small compared with the time taken by the grit 
to travel distance AB, Fig. 7, the use of steady-state equations is 
permissible. Under the grinding conditions cited by the authors, 
the distance AB is 41.5 win. at a cutting speed of 6000 sfpm (= 
1200 ips). The time to travel AB is therefore 


41.5 X 
1200 
authors) 


= 0.035 psec (but not 0.35 usec as given by the 


It is evident that 7’, is even greater than ¢ in this particular case. 
Under those circumstances, the validity of using steady-state 
equations cannot well be justified. 

It should be recalled that Equation [10] can be derived only 
when the thermal properties of the material (c, k, etc.) are inde- 
pendent of temperature changes. This is precisely the assump- 
tion which Jaeger used in deriving Equations [11] to [14]. This 
fact has to be taken into consideration, if the calculated results 
are to be interpreted correctly. 

The authors’ findings concerning the nature of the grinding 
sparks and the importance of the atmosphere surrounding the 
wheel and workpiece during grinding are of considerable interest. 
They are in agreement with results published by Pitois,* who 
found that when a steel was ground in a nonoxidizing atmos- 
phere, such as CO,, no sparks could be seen. Recent cutting 
tests on nodular cast iron, conducted in the Metal Cutting Lab- 
oratory, University of Illinois, show conclusively that the pres- 
ence of an oxide film on the tool surface has a great effect on the 
tool-chip adhesion behavior. Details will be presented in a forth- 
coming paper. 

The mean chip-grit interface temperature, as indicated in Fig. 
11 of the paper, is relatively low in light of the high temperatures 
attained by the chip on leaving the shear zone. Would this be 
due to the error involved in extrapolating the temperature—emf 
curve beyond 1600 F? The writer wonders if the authors have 
some other explanation, 

Despite the foregoing disagreement, it is the writer’s opinion 
that the authors have made, in this most informative paper, a 
grand contribution toward clarifying aspects in grinding opera- 
tions. 


H. R. Lerner."© The temperature at the point of contact 
between the grains of an abrasive wheel and the surface which it is 
grinding is the subject of a great deal of speculation and conjec- 
ture. Any attempt to determine it, either by analytical or ex- 
perimental methods, is an undertaking worthy of commendation. 
This is especially true when both approaches are employed with 
the understanding exhibited by the authors. 

Although we have not measured grinding temperatures directly, 
we have obtained some supplementary information concerning the 
temperature of the surface, and the time spent at temperature, 
in connection with studies of residual grinding stresses. In a par- 


* “Sparking of Steel,’ by E. Pitois, translated by J. D. Gat, 
Chemical Publishing Company, Easton, Pa., 1929 

Mellon Institute of Industrial Research. University of Pitt-- 
burgh, Pittsburgh, Pa. 
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ticular case, an annealed specimen of manganese oil-hardening 
tool steel (0.90 C, 1.25 Mn, 0.50 Cr, 0.50 W) was surface-ground 
and examined by both taper sectioning and x-ray diffraction for 
evidence of phase transformations. The grinding conditions were 
as follows: 


Wheel—A 46 J8V (8 1'/, in.) 
Wheel speed (peripheral), 6000 fpm 

Work speed, 50 fpm 

Cross-feed, 0.050 in. at each end of traverse 
Wheel depth of cut, 0.0024 in. 

Grinding fluid, air 

No evidence of a transformed layer corresponding to that ob- 
served by the authors on SAE 52100 steel was found by either 
method. Apparently, under the conditions which we employed, 
the surface temperature either did not rise above the austenitizing 
temperature or did not remain there long enough to allow aus- 
tenite to form. 

It is perhaps significant that our measurements of residual 
grinding stress in manganese oil-hardening tool steel show that 
by far the greatest stress lies within 10 to 200 u in. of the sur- 
face, depending upon the depth of cut. This may be related to 
the approach to the theoretical shear strength of the metal which 
the authors have noted when the mean chip depth of cut is de- 
creased to approximately 30u in. The authors’ observation that 
the dynamic cutting forces are the same for upgrinding and 
downgrinding finds a parallel in our experiments. We have 
found no significant differences in the deflections of our test 
pieces resulting from upgrinding, downgrinding, or a combi- 
nation of the two. 

The authors are to be particularly commended for their lucid 
discussion of the cause of grinding sparks and for their experi- 
mental ingenuity in studying the effect of different atmospheres 
upon the grinding process. 


R.S. Hawn."' It appears that the authors consider the grind- 
ing forces to be caused primarily by the formation of the chips, 
as is usually assumed with conventional single-point tools. Neg- 
lecting the rubbing forces on the clearance surface of single- 
pointed tools is generally permissible where heavy cuts are taken 
but when light finishing cuts are taken, these clearance surface 
forces become appreciable relatively. In grinding where the 
tools (grits) have no preformed clearance the frictional rubbing 
and interference on the “clearance surface” of a grain are likely 
to be appreciable. 

Consider for a moment the forces in single-point cutting and 
those in grinding. In conventional single-point cutting, the 
force along the surface (cutting force F.) is generally larger than 
the thrust force (F,). In grinding, the situation is reversed; the 
normal force exceeds the tangential force on a grinding wheel. 
This is evidence of considerable interference on the grains. Fur- 
thermore, it will be found that the grinding forces are not greatly 
altered when grinding very hard die steels or even tungsten 
carbides. Ordinary wheels on tungsten carbide produce normal 
and tangential forces but just no chips. Here the origin of the 
forces is entirely frictional. Consequently, it would seem desira- 
ble to give some consideration to the frictional heat sources on 
the clearance surfaces of the grains rather than on the shear plane 
source. 

The authors have used the formula for moving band sources. 
A closer approximation easily might be obtained by making use 
of similar formulas, also given by Jaeger’ for square or round 
sources. Actually, if a grinding wheel be skidded across a soft 
metal surface a series of spaced lines will result, indicating that 
the wheel instantaneously cuts in only a few discrete points along 


" Research Engineer, The Heald Machine Company, Worcester 
Mass. Mem. ASME. 
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an element of the wheel. Therefore the square or round heat- 
source theory would better represent the situation than band 
sources. The square sources would give rise to temperatures 
10 to 15 per cent lower than the band source, and the round 
source some 12 per cent lower than for the square source. 

A further point which might bear some consideration is the 
application of the authors’ Equations [11] to [14]. The authors 
consider the chip to be a slider, sliding over a semi-infinite solid. 
They consider the slider (the chip) to be capable of conducting 
heat as is normally the case with any practical slider. However, 
the temperature gradient at the shear plane in the direction of the 
chip is essentially zero. Work material is very rapidly heated 
as it approaches and goes by the shear plane, but once by the 
shear plane it travels, at practically constant temperature, up 
the tool face until chip-tool interface friction causes it to be heated 
further. Therefore we would expect no heat flow by conduction 
upward into the chip from the shear plane. Heat is carried 
away from the shear plane in this direction by convection only. 
Consequently, if the shear plane is projected onto AC, Fig. 7 of 
the paper, as the authors have done, it would seem that the 
slider could effectively be considered as an insulator, since no 
heat flows (by conduction) upward. 


L. P. Tarasov."? The results of some studies made by the 
writer concerning the nature of the surface layer in hardened 
steel transformed by excessive grinding heat are of interest in 
connection with the authors’ conclusions about a similar layer in 
soft steel. In one instance a sample of oil quenched but untem- 
pered SAE 52100 steel was ground very severely so that the sur- 
face became austenitized and then rehardened to a depth of about 
0.004 in. The amount of retained austenite in this transformed 
region, determined by Prof. B. L. Averbach of the Massachusetts 
Institute of Technology, by x-ray diffraction, was 21 per cent as 
against 15 per cent in a similar sample that was not ground. 
Thus there was somewhat more retained austenite in the steel 
surface when it was rehardened by grinding than when it was oil- 
quenched, but the amount was still minor, the large remainder 
being untempered martensite. 

This is in marked contrast to the preliminary results obtained 
by the authors, who state that a very thin transformed layer, 25 
to 50 microinches in thickness, was largely retained austenite. If 
this is corroborated by further studies, it will show that austenite 
can be retained in much larger amounts when it is in an extremely 
thin layer, in the microinch range, than when it is in a layer at 
least 0.001 in. thick. However, the rapidity of cooling has no 
bearing upon the retention of austenite, since the amount of 
martensite formed on direct cooling from the austenitizing range 
depends entirely upon the lowest temperature reached and not 
upon the cooling rate. 

It might be well to mention that the thinness of the trans- 
formed layer in our ground sample cannot be used to explain why 
it contained 2: per cent retained austenite as against 15 per cent 
in the unground sample. The amount of retained austenite in 
this steel increases with austenitizing temperature so that, if the 
surface temperature attained in grinding exceeded the heat- 
treating temperature, as it may well have, the amount of retained 
austenite in the ground surface could be expected to be higher for 
this reason alone. ; 

If the white surface layer in the taper section shown in Fig. 12 
of the authors’ reference (2) is a transformation product, this is 
definite proof that their grinding conditions were very severe 
and not relatively mild as they state. We have always found 
that it takes considerable effort to austenitize soft steel by grind- 
ing, much more than when hardened steel is ground. Yet when 


18 Research and Development Department, Norton Company, 
Worcester, Mass. 


we have examined taper sections of hardened steel samples that 
were surface-ground in the laboratory according to good commer- 
cial practice, we have been completely unable to detect any sign 
of rehardening, which cannot be missed in hardened steel. 
Moreover, little if any overtempering, which arises from momen- 
tary surface temperatures below the transformation range, will 
be produced in hardened steel when the grinding conditions are 
the same as those used by the authors in grinding the steel repre- 
sented by their Fig. 12, provided a high table speed, such as 60 
fpm, is used instead of their 4 fpm. 

We have found in grinding hardened high-speed steel with a 
soft wheel similar to the one used by the authors, that the spe- 
cific grinding energy increased, roughly, tenfold as the table speed 
was decreased from 60 fpm to 5 fpm, with most of the rise in 
energy occurring below 20 fpm. In this particular instance, 
the grinding was done wet, the unit downfeed was 0.002 in., and 
the unit cross-feed was 0.050 in., but the same effect of table speed 
would be found under other conditions. The high values of spe- 
cific energy at the low table speeds were accompanied by a very 
pronounced discoloration which did not get cleaned off under 
our grinding conditions. Although we did not examine the test 
block for evidence of metallurgical changes, we are certain from 
our experience under similar conditions that considerable rehard- 
ening occurred at the lowest table speeds. 

These results tend to corroborate the authors’ conclusion that 
extremely high surface temperatures were attained under their 
particular grinding conditions, when the table speed had to be 
kept very low to enable them to make the necessary measure- 
ments. It does not follow that such high temperatures are 
necessarily developed at high table speeds. It would be inter- 
esting to calculate the theoretical temperature rise for the much 
larger chip sizes produced under commercial grinding conditions. 
Perhaps the temperatures would be significantly lower; if not, it 
would indicate that the duration of such temperatures was too 
low to affect in any detectable manner the surface microstruc- 
ture, since we know from taper-section studies that it is easily 
possible to grind hardened steel without any microstructural 
change in the outermost few millionths of an inch. 

In further studies of this nature, the writer would like to sug- 
gest that the work be performed on specimens of fully hardened 
steel in the untempered condition, since the steel will then be 
most sensitive to temperature effects as revealed by microstruc- 


tural changes. 


Nore: The combined Authors’ Closure to the discussions on 
the following papers appears on this and the following pages of 
this issue of the Transactions: (A) ‘Forces in Dry Surface 
Grinding”; (B) ‘The Size Effect in Metal Cutting”; (C) “‘Sur- 
face Temperatures in Grinding.” In the closure the papers will 
be referred to as (A), (B), (C). 


The authors appreciate the considerable effort extended by the 
discussers in putting their many valuable suggestions into 
writing. It is gratifying to note the interest with which these 
beginning attempts at explaining grinding operations in terms of 
fundamental concepts have been received. 

At several points in the discussion the desirability of extending 
the work to higher table speeds in the more usual range of 
operations (i.e., 30 to 60 sfpm) was mentioned. ‘The bulk of the 
results reported were for low table speeds in the vicinity of 4 sfpm 
inasmuch as a reciprocating surface grinder was used, and the high 
inertia forces at the end of each stroke, when operating at high 
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reciprocating speeds, made it difficult to obtain precise data. How- 
ever, work is now under way in which accurate data may be ob- 
tained at very much higher table speeds by utilizing a rotary- 
type surface grinder. It should be mentioned, however, that the 
low-speed studies have made it possible to discover the operating 
region in fine grinding where the specific energy remains constant 
with decreasing depth of cut. Knowledge of this area of per- 
formance is of considerable theoretical interest. 

Dr. Chao and Professor Trigger have considered three points in 
their discussion of paper, (A), which should be considered. They 
express surprise in our expectation of higher forces in the grinding 
of hard specimens than for soft specimens. Their turning data 
are cited to support the fact that hard metals should exhibit 
lower forces than soft metals. Actually, however, we have found 
the forces in both micromilling and coarse grinding to be greater 
for hard specimens than for soft. The force curves for micromill- 
ing tests on hard and soft specimens of SAE 52100 steel given in 
Fig. 14 of this closure illustrates this point. In his discussion, 
Dr. Tarasov describes experience with the coarse grinding of 
hard and soft steel specimens, which is in agreement with Fig. 14. 


Pd 
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Fro.14 Force Data ror Harp anp Sort SpPecIMENS 
or SAE 5210) 


(Table feed, 4 f{pm; width of cut, '/:in.) 


In view of Fig. 14, it is surprising to find in very fine grinding 
(i.e., in the region of chip depth of cut in which the specific energy 
has become constant), that hardness is without influence on 


grinding forces. The explanation of why the Chao and Trigger 
turning data are not in agreement with micromilling and coarse- 
grinding results with regard to hardness must await additional 
study. 

Dr. Chao and Professor Trigger mention that quantities other 
than specific energy, such as surface finish, work temperature, 
dimensional accuracy, and wear are also important in grinding. 
This is certainly true, and we did not mean to infer that specific 
energy is alone responsible for what happens in grinding. How- 
ever, it should be noted that the other items listed are strongly 
dependent on specific energy rather than being independent of it, 
as inferred, by the discussers. For example, Equation [24] of 
paper (C+) on grinding temperatures shows the important role that 
specific energy plays in determining the surface temperature. 
Dimensional accuracy in grinding is largely a function of surface 
temperature, and so forth. 
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Our interpretation of the rising force characteristic shown in 
Fig. 4 as being due to a temperature wave is questioned by 
Dr. Chao and Professor Trigger on the basis of the steepness of 
the temperature gradient ahead of the grinding zone. Actually, 
this temperature gradient wil] not be steep inasmuch as the mov- 
ing heat source is moving so slowly. With regard to the general 
temperature ahead of the grinding zone, the heat source moves at 
table speed (4 sfpm). However, with regard to the temperature 
ahead of a single grit, the heat source moves at wheel speed (6000 
sfpm). It is evident from Fig. 6 of paper (C) that while a 
steep temperature gradient wil] obtain for an individual grit, the 
gradient for the general grinding zone will not be steep. Dr. Chao 
and Professor Trigger would rather explain the variable depth 
of cut obtained as being due to static deflection. However, if 
this were the case, the force pattern in Fig. 4 would have to be 
symmetrical about the center of the specimen since the specimen 
was located centrally on the dynamometer. Furthermore, since 
the vertical spring constant of the dynamometer was 11,900 Ib 
per in., it would require a load of about 23 lb to provide the 
0.002 in. peak interference evident in Fig. 4. Since the maximum 
load to which the dynamometer is subjected is less than 6 Ib, it is 
difficult to see how the hump in Fig. 4 can be due to elastic de- 
formation of the dynamometer. While the flow of heat ahead of 
the grinding zone is small, a simple calculation will show that it 
need not be great to cause the one or two thousandths of an 
inch expansion required to explain the hump in Fig. 4. 

Dr. Tarasov has presented interesting discussions of the statis- 
tical nature of grinding and the importance of the method of 
dressing employed. These comments are in agreement with our 
observations and thoughts. As Dr. Tarasov indicates, more work 
is needed on dressing techniques, and the influence of cross-feed. 
It is interesting to note that Dr. Tarasov has found a difference 
in the grinding forces for up and down grinding when the chip 
depth of cut is much higher than the values of our work How- 
ever, Dr. Letner reports no difference in the residual grinding 
stresses under similar conditions. It is possible for these two ap- 
parently opposing observations to be compatible. We intend 
to look into this matter with our new high-speed equipment. 

It is gratifying to note in Dr. Tarasov’s comments on paper 
(B) that his experience with grinding power is in agreement with 
our results for grinding forces. The grinding conditions employed 
by Dr. Tarasov were such that the observed increase in specific 
power with decrease in chip depth of cut would be expected. We 
are indebted to Dr. Tarasov for uncovering our failure to state 
the material ground in Fig. 12 of paper (B). This material was 
SAE 52100 steel hardened to Rockwell 64. 

Dr. Chao and Professor Trigger have presented an alterna- 
tive method of evaluating the chip-length ratio r, in micro- 
milling; however, their method must lead to the same result as 
that employed in the paper, since both methods are correct. The 
very slight curvature that appears in Fig. 18 of the Chao and 
Trigger discussion of paper (B) is not real, since the experimental 
data are not nearly precise enough to distinguish such fine detail. 
In obtaining Fig. 18, Chao and Trigger took points from the 
smoothed curve in Fig. 5(b) of the paper rather than use the 
experimental data points themselves. If Fig. 18 is replotted 
using the experimental points from Fig. 5(b), Fig. 15 of this 
closure is obtained. Here it is obvious that the experimental scat- 
ter in the data is sufficient to make it impossible to support any 
curve other than a straight line similar to the one indicated, 
which happens to have a slope of 0.362 corresponding to the 
the value of r, used throughout paper (B). 

Dr. Chao and Professor Trigger have computed the so-called 
machining constant C using both their values of 7; and the 
one used in the original paper. The values of C based upon our 
value of r; are not constant, but the variation is not greater than 
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is usually found in other more conventional experiments. We 
do not believe the reasoning upon which the factor C is based to 
be sound, To discuss this matter thoroughly would take con- 
siderable space; and since this topic is not really relevant to the 
grinding papers, it would seem advisable to defer such a discussion. 

Dr. Chao has formulated several interesting questions in con- 
nection with paper (C), which warrent careful consideration. 
First of all, the matter of the existence of thermal equilibrium 
should be reconsidered. As indicated in the example considered in 
paper (C), it takes but 0.044 w-sec for a slider to achieve practical 
equilibrium under the conditions obtaining at the point of a 
grinding grit. From Table 2 it is evident that the mean tempera- 
ture varies from 1750 F to 2225 F in going from a position 0.009 in. 
(10 per cent point) to a position 0.081 in. (90 per cent point) 
from the the beginning of the cut. The distance traveled in 
achieving equilibrium is, therefore, (0.044 X 10~* sec) (1200 ips) 
or 53 w-in. Assuming the temperature to vary linearly from the 
10 per cent point to the 90 per cent point, it is evident that the 
temperature rise is but 


( 53 X 10~* 


0.081 


or '/; F in traveling the distance required for temperature equi- 
librium to be established. Thus it is obvious that thermal 
equilibrium is established so rapidly in a grinding grit that we 
may consider the problem of determining the surface tempera- 
ture in grinding as one of thermal equilibrium to the best of 
approximations. 

In paper (C) the case for thermal equilibrium is stated 
somewhat differently as follows: “. . .equilibrium temperature 
is reached when the shear plane starts from rest and moves 
through a distance about equal to its length.” This statement 
is true despite the unfortunate typographical error in the value 
for the time to travel distance AB, which seems to have con- 
fused Dr. Chao. 

Dr. Chao’s suggestion that the specific heat corresponding to a 
mean temperature rather than the final shear-plane temperature 
should be used in conjunction with Equation [17] is not con- 
sistent with what happens physically. The metal is actually 
sheared on the shear plane at the final shear-plane temperature. 
Part of the shear work then passes off with the chip and in com- 
puting the shear-plane temperature that arises as a result of the 
flow of thermal energy to the chip, the specific heat of the chip 
metal is involved. The specific heat that should be used is, 
therefore, that corresponding to the temperature obtaining when 
the transfer of thermal! energy to the chip takes place, which ob- 
viously is that of the actual shear-plane temperature. The 


‘4 It should be noted that the equilibrium distance refers to a slider 
starting from rest and then reaching thermal equilibrium. Thus, 
while the temperature changes less than a degree in going through the 
equilibrium distance, it could have changed from room temperature 
to the actual temperature obtaining (approximately 2000 F) and still 
have achieved temperature equilibrium in going through the same 
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equations in Dr. Chao’s discussion numbered [24] and[25] are 
thus unnecessary and in fact incorrect. 

While it is true that Equation [10] of paper (C) was derived for 
constant material constants, it is necessary to apply it to the 
case where the thermal properties of the metal vary with tempera- 
ture in the interest of mathematical! simplicity. This is the pro- 
cedure followed in all heat-transfer calculations, and similar 
procedures are followed in other calculations of applied mechanics 
to obtain approximate solutions. Dr. Chao has discussed the 
choice of the value of thermal diffusivity to be used. Our opinion 
is that the value of thermal diffusivity corresponding to the shear- 
plane temperature should be used, since it is only this tempera- 
ture that is used in the subsequent analysis. 

It would appear unnecessary to consider the thermal energy 
that flows into the workpiece in determining the temperature 
achieved by other oncoming grits. This is due to the great 
rapidity with which the thermal energy flows from the surface 
and spreads to the bulk of the specimen and also to the relatively 
great spacing of successive grits, compared with the thermal 
equilibrium distance of but 53y-in. mentioned previously. The 
surface temperature thus will have fallen to a value close to the 
ambient value in the time elapsed between the cuts of successive 
grits. 

The temperatures of the order of 2400 F shown in Fig. 11, 
which Dr. Chao considers unexpectedly low, might be accounted 
for in the following manner: From Table 2 the mean tempera- 
tures at the 10 per cent and 90 per cent points are seen to be 
1750 F and 2225 F, respectively. From this we might expect the 
time average mean shear-plane temperature to be about 
(1750 + 2225)/2 or about 2000 F. There will be a further 
temperature rise as the chip flows across the grit face due 
to friction. If the maximum temperature rise due to friction 
were to be 800 F, then we might expect the time average rise to 
be 400 F. This would make the time average grit-face tem- 
perature 2400 F, which is the temperature that would 
be measured by the chip-tool thermocouple technique. Thus it 
would seem that the observed values are reasonable. 

Both Dr. Letner and Dr. Tarasov report that thay have not been 
able to observe a layer of increased retained austenite at the 
surface of steel specimens that were ground at from 50 to 60 sfpm. 
This is probably due to the appreciable decrease in the specific 
energy that takes place with an increase in chip depth of cut. 
Dr. Tarasov has expressed interest in knowing what the surface 
temperature might be if the table speed in the example in paper 
(C) were increased from 4 to 60 sfpm, The values given in 
Table 6 for the higher tabie speed were computed for the case 
where the cut was 50 per cent complete; while those for a table 
speed of 4sfpm are from Table 2. It is evident that a considera- 
ble decrease in mean chip temperature results when the mean 
chip thickness is increased. The values in Table 6, herewith, 
suggest why a layer of retained austenite is not observed at high 
values of table speed. 


TABLE 6 EFFECT OF TABLE SPEED ON CHIP TEMPERATURES 
Table speed, sfpm 


4 


t, p-in.. 15 225 
10 13.3 

65 0.67 
2125 800 
Om F.. 3200 1200 


Dr. Tarasov has discussed the cause of the untransformed 
layer we have observed. While the rate of cooling may have no 
influence upon the amount of retained austenite up to the high- 
est rates obtainable by ordinary quenching, the quenching rates 
in the case of ground surfaces may be higher by orders of magni- 
tude. Under such conditions it might be possible for the cooling 
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rate to have a significant influence upon the amount of retained 
austenite. 

In the analysis of the micromilling process, forces on the 
clearance face of the tool were ignored as is usual in metal- 
cutting analysis. While it is not certain that this procedure is 
completely justified even for turning tests, there is no com- 
pelling reason why the clearance face should become more im- 
portant with decreased depth of cut. As Dr. Hahn points out 
the thrust force is relatively larger in the case of grinding than in 
turning. However, this may be attributed to the relatively 
greater amount of friction energy in grinding than in turning. 
In grinding, friction accounts for about 50 per cent of the total 
cutting energy while in turning, friction is responsible for but 
25 per cent of the total energy. 
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Dr. Hahn has suggested that a square or round moving heat 
source might better approximate the shear surface in grinding 
than a two-dimensional] surface of infinite width (so-called band 
source). We do not feel this is so. In paper (B) the actual 
width of a grinding scratch has been shown to be about 16 times 
the depth of cut. This means that the width of the shear surface 
will be about 10 times its length in the direction of motion. A 
shear surface of these proportions is well approximated by a band 
source but not so well by a square source. 

Dr. Hahn has indicated correctly that all heat flow from the 
shear zone and into the chip is by convection only. It would 


appear that we have done precisely what he says we should have 


done. 
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Centrifugal Jet-Pump Combinations 


By J. W. McCCONAGHY,' PHILLIPSBURG, N. J. 


The widespread use of the water jet combined with a 
centrifugal pump to create what is commonly called a 
“Set pump” for domestic water systems, directs attention 
to the determination of its operating characteristics in 
terms of its components. The relative importance of this 
type of pumping equipment is illustrated by Department 
of Commerce data’ which show that in 1948 fifty-six com- 
panies shipped 649,143 units having a factory value of 
$50,704,294. Of these, 325,220 were of the jet type valued 
at $27,298,250. While the units are usually small and can 
be tested readily to obtain data on the operating charac- 
teristics, an engineering analysis would serve to emphasize 
the essential design constants. 


NOMENCLATURE 


The following nomenclature is used in this paper: 


N = head ratio of jet 
M = capacity ratio of jet 
h, = head on jet nozzle 
h, = discharge head of jet 
hy = suction head on jet 
= head generated by centrifugal 
= friction loss in pressure pipe 
= friction loss in suction pipe 
= capacity through pressure pipe 
= pumped capacity 
= centrifugal-pump capacity 
= static lift 
Ly = maximum static lift 
jet-nozzle constant 
friction constant pressure pipe 
friction constant suction pipe 
area jet nozzle 
area jet diffusor 
velocity based on A, — A, 
vapor pressure of liquid pumped 


Basic ARRANGEMENT 


Fig. 1 shows the basic arrangement of a jet pump and a centrifu- 
gal. If the jet is located next to the centrifugal and the suc- 
tion of the jet is extended to the water source (for a lift of 25 ft 
maximum, including friction loss), the system is referred to as a 
shallow-well unit. If the jet is located submerged in the water 
in the well, it is known as a deep-well unit. In either case the 
jet discharges directly into the inlet of the centrifugal. The dis- 
charge of the centrifugal divides, part going to the jet nozzle for 
the operation of the jet with the remainder going to the point of 
utilization. A regulating valve is provided on the deep-well unit 
to maintain sufficient pressure on the jet nozzle. 


' Design Engineer, Ingersoll-Rand Company. Mem. ASME. 

? Department of Commerce—Bureau of Census (Industry Divi- 
sion); release dated March 15, 1949. 

Contributed by the Hydraulic Division and presented at the 
Semi-Annual Meeting, Toronto, Ont., Can., June 11-15, 1951, of 
Tae American Soctety or Mecuanicat ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
September 16, 1949. Paper No. 51—SA-27. 
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Details of the arrangement may be varied to suit specific 
conditions. The regulating valve may be built into the centrifu- 
gal-pump casing and may be either manual or automatic. 
For smal! wells, concentric piping arrangements instead of the 
parallel or two-pipe unit shown in Fig. 1 may be used. Pres- 
sure switches, pneumatic tanks, and air-volume controls may be 
added as auxiliaries. 

It should be noted that while the centrifugal pump is the most 
widely used with a jet, a reciprocating, rotary, or turbine pump 
may be used in its place. 


Jet PERFORMANCE 


Fig. 2 shows typical performance of a jet. However, for the 
purpose of this discussion, the dimensionless form as used by 
Goslin and O’Brien* is more advantageous. In this case, the 
ratio of pumped and drive capacity M is plotted against 
head ratio N 


ha — ha 


No 


As indicated by Goslin and O’Brien, the slope of the N versus 


* “The Water Jet,” by J. E. Goslin and M. P. O’Brien, University 
of California Publication, vol. 3, pp. 167-190. 
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for a given condition, may be based upon the annulus formed by 
the diameters of the jet nozzle and jet diffuser or 
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M curve is a function of the ratio of the area of the jet nozzle to 
the jet diffuser throat, the higher ratio resulting in steeper curves 
(refer to Fig. 3). Also note that efficiency is NM. 


Suction ConDITIONS 
Referring to Fig. 2, it is seen that the jet has a sharp break- 
down due to the suction side of the jet. Tests seem to indicate 
that normally the pressure drop through the suction passages 
of the jet body is low enough so that the maximum capacity, 


Qmas = A,) 


_ but for given suction condition h, = const 


Ve 
— +P, 
he 29 P. 


If A, is constant, V, can only increase until p, equals the vapor 
pressure of the liquid being pumped. Therefore, knowing the 
liquid and suction conditions, the maximum capacity for a given 
jet may be closely approximated. 


CALCULATION OF COMBINED PERFORMANCE‘ 
From Goslin and O’Brien: 
Solving for h, 


Assuming that L = 0 in Fig. 4, it is seen by inspection that 
hth =h, +ha—he 
hg=h—htht+h 


aitQ 
hd 
| 


Fie. 4 Scuematic Deer-We Jer Serur 


Equating to [1] and solving for 


Nh, + he 
thth = Wai 
hy = (N +1) (A, —Si—fa) (2) 
The flow through the nozzle of the jet by the usual formula 
Substituting in Equation [2] for h; 
FE VN +1 [3] 
but 
Q 


Qa+Q=Q, and —=M 
Qa 


Qa, =a +aM = (1 + MQ, 


‘ Details similar to method presented by author in first prize 
paper, Technical Section, Hydraulic Institute Contest, 1949. 
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If it is assumed that the friction loss in the piping is propor- 
tional to the capacity squared which is reasonably correct for the 
range in capacities encountered if constants K,and K, are properly 
selected 


fi = and f, = + Q:)* 
Substituting Q, 


Q,* 
Kul 


and f, = 


Substituting in Equation [3] 


or 


Equation [4) shows the performance of the jet in terms of the 
centrifugal head and capacity. If a simple equation could be 
written for the centrifugal characteristics, a direct solution 
could be obtained. The solution may be found graphically by 
determining the intersection of Equation [4] with the centrifugal 
curve. 

The values of A, and A; may be obtained conveniently from a 
pipe-friction table showing the loss per foot of pipe. 

K, or Ky = loss per foot /Q* where the loss per foot is taken for 
a capacity in the middle of the estimated pipe flow. 


CHARACTERISTICS 


For the case where the jet is next to the centrifugal, the fric- 
tion losses can be neglected and Equation [4] reduces to 


1 
=Q? 
h, = Q, + + 5) 


For specific values of N and M, intersection of Equation [5] 
with the centrifugal curve occurs at Ah, and Q, (refer to 
Fig. 5), but 


hy = (N + Ih, + hy 


) 
i) 


As h, and Q, are the net head and capacity of the combination, 
values of h, and Q, obtained for specific values of N and M deter- 
mine the entire combined curve. 


and 


CHARAcTERISTICS 


With the deep-well unit, the jet must generate sufficient pres- 
sure to raise the water to the point where the centrifugal impeller 
ean pick it up. This is usually taken as minus 20 ft. On this 


basis 
Ly = he + 
but 
h+h=h, +he—h 
hg=ht+h—h +h 
therefore 


Ly = hy 
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The operation in this case would be to plot Equation [4] for 
several values of L, Ly, Le, and L, as indicated in Fig. 6. Three 
curves for h, result, and h, and h, corresponding to L,, L., and 
ly, are obtained. By means of Equation [6], Ly for L,, lx, and 
L, can be determined and plotted as in Fig. 7. The system, 
however, would operate on a curve which is made up by the 
points where the lengths of pipe used results in friction losses 
coincident with the static lift. 

By this means it is possible to combine a particular pump and 
jet with given pipe sizes to determine the maximum lift at which 
the, combination would operate. The effect of offsets could be 
also taken into consideration by suitable modification of K; and 
Le 
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Errect or Jer Ratio 


The effeet of the jet ratio on the combined charactéristic fol- 
lows the same pattern as that of the jet, i.e., the higher jet ratios 
result in increased heads at lower capacities. For this reason, for 
the high lifts from deep wells high ratio jets will be used. Where 
the lifts are lower, lower ratios will be used, resulting in greater 
capacities. 

In shallow-well service the maximum pressure is usually set 
at about 40 psi, and the lift at 25 ft maximum. Therefore, for a 
given horsepower, it is desirable to obtain maximum delivery. 
Owing to the operation under a lift, the largest annular area of jet 
nozzle to jet diffuser is desirable as discussed under suction limits. 
This immediately results in lower ratios which may not be high 
enough to allow building up the pressure at reduced capacity to 
operate the pressure switch. 

To cover this situation, an adjustable nozzle design has been 
developed® and is illustrated in Fig. 8. Under the action of the 


FROM DISCHARGE OF CENTRIFUGAL 
JET NOZZLE 


DIAPHRAGM SUCTION JET OIFFUSOR 


Fig. 8 Vartance-Jer Nozzre 


spring the nozzle areas are reduced when the pressure is low. 
However, as the pressure increases, the diaphragm withdraws 
the needle valve in the nozzle, effectively increasing the nozzle 
area and the jet ratio. The effect is the same as a higher ratio, 
and higher pressures result. The comparison of the performance 
of this arrangement with a fixed nozzle is shown in Fig. 9. 

By suitable sizing it would be possible to bring about automatic 
adjustment to coincide with the peak efficiency for the various jet 


* U.S. Patent 2457388, by K. R. Lung. 


JANUARY, 1952 


CAPACITY 6.P.H. 
Fro. 9 Vartasite-Nozzte Unit Versus Fixep-Nozzte Unit 


ratios as they are encountered during the operating cycle of this 
unit (refer to dotted curve in Fig. 3). 


CoNcLUSION 


It is felt that the method outlined is particularly helpful in 
making up tables showing deep-well pump performance without 
resorting to extensive field testing. Pipe-friction losses have been 
well established so that after the jet and centrifugal characteris- 
ties are determined, the performance may be calculated readily. 

The analysis also shows clearly why friction losses in the 
piping have such a marked effect on the output of the jet pump. 


Discussion 


H. W. Iversen.* The analysis of the centrifugal-jet pump 
combination, as developed by Mr. McConaghy, presents a simple 
solution to a three-element hydraulic system. The analysis may 
be extended to include a fourth element, that of the system total 
head. 

The usual application of a centrifugal-jet deep-well combina- 
tion specifies the supply reservoir elevation and the working pres- 
sure in the pneumatic tank into which the flow, Q., discharges. 
For a given jet and piping arrangement, lines of constant dis- 
charge pressure may be determined. Equation [4] contains 
three variables, h,, Q,, and M. (N is specified by M and the jet 
performance, Fig. 3.) Equation [4] may be written 


h, = 


For a selected value of M, A is a constant with the additional! 
assumption of constant values of the piping head loss coefficients. 
The intersection of this parabolic curve with the centrifugal- 
pump curve determines the system operating point for the se- 
lected M. Different values of M will result in different operating 
points, each of which is associated with unique values of the dis- 
charge pressure and of the flow rate Q, into the pneumatic tank. 

The total system head from the reservoir to the pneumatic 
tank is 

* Assistant Professor of Mechanical Engineering, University of 
California, Berkeley, Calif. Jun. ASME. 
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ha’ = head of the supply reservoir 


where 


z, = elevation of liquid level in the pneumatic tank 
above A,’ 
= pneumatic-tank pressure. 


From Fig. 4, neglecting line loss between the centrifugal pump 
and the pneumatic tank 


H = (hi + fi) — hy’ 


he = 


where f; = head loss through the jet suction pipe and strainer. 
Equation [2} written in the form 


H =(N +1) (h,—fi—fr) +h’ — Ath 


permits evaluation of H for each point on the curves of con- 
stant M. Lines of constant H, or constant discharge pressure, 
then may be added to the previous solution. The appearance of 
the solution is shown in Fig. 10. 

One further point should be emphasized. The curves of con- 
stant M, H, and Qs, Fig. 10, represent the piping and jet portion 
of the system only. These may be matched with any centrifu- 
gal pump performance as shown in Fig. 10. Thus a centrifuga! 
pump may be selected to meet a specified condition of both Q; 
and H (or p,). 


Q,FOR AND C, 
FOR AND C, 
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Fig. 2, as shown by the author, shows one methoc vf presenta- 
tion of the jet performance. The jet suction head 4, does not 
appear in the figure, nor does the text mention the suction condi- 


ORIVE FLOW GPM 


° $ 10 is 20 2s 
Q, 
PUMPED FLOW - GPM 
Fis, 11 


tions. This point should be clarified by noting that /, is taken 
as zero in Fig. 2. 

Folsom’ shows the jet performance as in Fig. 11 which has the 
advantage in that a single point gives the flow rates, head differ- 
ences, and efficiency. Head differences are used exclusively. 
Thus any convenient datum may be used for pressures and ele- 
vations. Also in Fig. 11 it should be noted that lines of constant 
hy — he do not follow lines of constant Q, as is implied in the 
author’s Fig. 2. The correspondence of constant A, — A, and (, 
is realized only when the hydraulic losses in the jet-pump suction 
are equal to zero. The effect of finite losses, while small, may be 
significant in many applications. 


Avuruor’s CLosURE 


For clearness in the illustrations, ie., Fig. 6, only one set of 
values of N and K were used. As indicated by Fig. 10 in Pro- 
fessor Iversen’s discussion, a series of curves for assumed values 
of M would be necessary to complete the determination of either 
the total head or lift. 

In connection with Fig. 2, the value of A, has been taken as 
zero and should have so stated. 

For the proportions usually encountered in domestic water- 
system work the assumption of zero losses in the jet suction is 
reasonable. As Professor Iversen points out, they should be 
considered in a complete analysis. 

Fig. 11 is a welcome addition to this discussion. 

*“Jet Pumps With Liquid Drive,” by R. G. Folsom; Chemical 
Engineering Progress, vol. 44, no. 10, Oct., 1948, pp. 765-770 
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Nondimensional Compressor Performance 


for a Range of Mach Numbers and 
Molecular Weights 


By H. E. SHEETS,’ AKRON, OHIO 


The performance of centrifugal compressors is analyzed 
on the basis of nondimensional pressure and impeller- 
exit flow coefficients ¥ and ¢.. Use of these coefficients for 
impellers of high solidity permits presentation of com- 
pressor performance in a single curve for all conditions up 
toa critical Mach number. To show compressor data in a 
characteristic family of curves, performance is represented 
by pressure and flow coefficients Kpand Kg. These coef- 
ficients take into account the coefficient of compression 
and the molecular weight simultaneously with the induc- 
tion temperature. Test data for two compressors are 
presented over a range of Mach numbers from 0.36 to 2.0, 
and molecular weights in the range of that of air to heavy 
refrigerants. The test data show experimental verification 
of the fact that for centrifugal turbomachines with blades 
of high solidity the performance is a function of the Mach 
number only: 


NOMENCLATURE 
The following nomenclature is used in the paper: 


a = velocity of sound 
6b, = width of impeller at tip 
¢ = absolute velocity 
d = diffuser diameter 
D, = mean impeller-inlet 
H = total head 
VW = molecular weight 
M, = Mach number for absolute velocity 
M, = Mach number for circumferential velocity 
n = revolutions per second 
Q = volume of flow, cfs 
R = gas constant 
R, = Reynolds number 
u = circumferential velocity 
w = relative velocity 


a=angle between absolute and cir ferential-velocity 
vectors 

8 = angle between relative and  circumferential-velocity 
vectors 


@ = flow coefficient 
= pressure coefficient 
Subscripts: 
1 = impeller inlet 
2 = impeller exit—infinite number of blades 


‘ Goodyear Aircraft Corporation. Mem. ASME. 

Contributed by the Hydraulic Division and presented at the 
Semi-Annual Meeting, Toronto, Ont., Can., June 11-15, 1951, of 
Tue American Soctety or Mecnantcat ENGINEERS. 

Nore: Stat ts and opini advanced in papers are to be 
understood as individual expreasions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
March 8, 1951. Paper No. 51—SA-19. 


3 = impeller exit—finite number of blades 
6 = end of collector 

TH = ideal flow without friction 
Other symbols will be defined in the text. 


Merunops or SimiLariry 

In practical applications there is a need to predict compressor 
performance from low Mach number and low-speed tests to high 
Mach number or high-speed operation, and it is also necessary to 
predict the performance of compressors when operation is changed 
to fluids of different compressibility. For certain types of com- 
pressors, a nondimensional analysis can be made to predict the 
performance for fluids of different molecular weights over a wide 
range of Mach numbers with reasonable accuracy. 

In order to apply generalized dimensionless coefficients to the 
performance of compressors operating under different conditions 
and with different fluids, certain laws of similitude must be 
satisfied. Out of a large number of similarity relationships in 
the fieid of physics (1, 2),* only a small number are of interest in 
the field of compressors. 

Mach Number. In order to satisfy the laws of similarity for a 
compressible fluid, it is necessary that the Mach numbers at 
geometrically similar locations in the fluid passages of different 
compressors have the same value. The design and perform- 
ance of many compressors are critically affected by the Mach 
number of the fluid. The Mach-number effect is primarily one of 
compressibility up to a certain limit—the critical Mach number. 
An analysis to determine the value of the Mach numbers in a 
compressor is necessary, not only as an indication of compres- 
sibility in the various flow passages, but also to get information 
when critical Mach numbers and resulting losses by shock 
waves are to be expected. The first occurrence of local sonic 
velocities does not affect compressor performance to a great ex- 
tent, and an analysis on the basis of mean-velocity values is 
justified. The following Mach numbers are defined on the basis 
of mean velocities. 


In circumferential directi 
a, 
For relative velocity at impeller inlet 
Yao—.. [2] 


For absolute velocity at impeller exit and diffuser inlet 


Dimensionless Coefficients. The following dimensionless coef- 
ficients based on the methods of similarity are widely used in 
the presentation of compressor performance data (3): 

* Numbers in parentheses refer to the Bibliography at the end of the 
paper. 
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Flow coefficient by a similar coefficient @:—the flow coefficient for the impeller 
] exit. There is an analytical relationship for ideal flow between 
Cm 4 [4] the flow coefficient and the pressure coefficient through 
wt? Euler's equation 
Pressure coefficient Cut Q: Q@ 4 
QgH 2gH Uz A Dn wt 
- us? D*n*w? St where Q, is the volume of flow after compression in the impeller- 
Specific 5 ceiiiidens flow channels. The pressure coefficient is 
where 7, represents the hydraulic efficiency of the compressor 
Specific speed 29. (= ~~) 29 
2.105 Cu m2 (cot 8 — cot 
The foregoing coefficients are based on a reference area 
designated as follows Vr = 2 the — bCy, (cot B — cot a)}. {13} 


4 
where 
p,\* 
9a 
( D ) [9a] 
for axial machines, and 
by 
= .. [9b 
fi =4 ( D {9b} 
for radial machines. Then 
a 4 
A = xt? {10} 
and 
= 


To maintain similarity for the inlet into the impeller of a 
centrifugal compressor, a suction or impeller-inlet specific speed 
ean be derived as follows 


Va 


{1} 


Similar relations may be derived for other critical points of the 
compressor such as impeller exit and diffuser inlet. A complete 
discussion of all similarity considerations involving compres- 
sibility is presented in reference (2). 

Reynolds Number. The Reynolds number which accounts for 
changes in the viscosity of the fluid is defined as 


R, = 

where 

t = hydraulic diameter of fluid-flow channel 

v = kinematic viscosity of fluid 

The value of the Reynolds number affects the efficiency of the 

compressor, particularly for Reynolds numbers below 100,000. 
In addition, low Reynolds numbers result in thicker boundary 
layers and nonuniform velocity distribution. 


NONDIMENSIONAL COEFFICIENT @» 


Centrifugal Impeller. In order to analyze the flow in the im- 
peller, the flow coefficient @ (see Equation [4]), will be replaced 


For centrifugal impellers, the finite number of blades cause a 
through-flow correction factor Cg; and a displacement-flow cor- 
rection factor ho 
Aw, 


Values for ho and Cy, may be found in reference (2). 
For impellers with high blade solidity 
z Db 
——— log, — > 13 15) 
Cui = 1 
for no prerotation 


cota = 0 


and Equation [13] becomes 


= 2 (ho — cot B:)...... {16} 


The theoretical pressure coefficient is a straight-line function of 
impeller-exit flow coefficient. 

For impellers of high solidity, Fig. 1 shows a typical set of 
eurves for impeller, diffuser, and compressor efficiencies as 
functions of the flow coefficient @. Similar curves are also 
shown in reference (4). It is remarkable that the impeller ef- 
ficiency remains constant over a wide range of flow. This may be 
explained by the modification of the flow pattern. At design 
capacity, a flow of uniform velocity distribution and no prerota- 
tion exists at the impeller inlet. Smaller than design capacity 
changes this fluid pattern into one having prerotation in the direc- 
tion of the impeller rotation at the outer flow layers in the ap- 
proaching pipe. At larger than design capacity, the prerotation 
is in the opposite direction. This prerotation has been observed 
both on pumps (5) and compressors (6). It is believed that this 
prerotation is responsible for the high efficiency of impellers of 
high solidity over a wide range of values of the flow coefficient @. 
The diffuser efficiency, however, has always a very pronounced 
maximum at a certain flow volume. 

Impeller-Pulsation Limit. The limit of pulsation of a compres- 
sor can be calculated, as shown in reference (7). Analysis of a 


great number of centrifugal impellers of high solidity has shown 

that the location of pulsation occurs at the location of highest 

blade loading near the exit of the impeller as shown in Figs. 6 
Furthermore, the lysis of refi 


and 7 of reference (7). 
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Impe cers or 


(7) indicates that very little compression occurs in the impeller 
between the location of highest blade loading and the blade exit, 
owing to the end effects of the blades. Thus the specifie volume 
of the fluid remains substantially constant between the locations 
of pulsation and the blade exit. Therefore it may be expected 
that pulsation occurs at a constant value of flow coefficient @:, 
independently of compressibility or Mach-number effects. 

Fig. 7 of reference (7) indicates that the location of pulsation 
within the impeller does not change substantially even if the 
uniform flow distribution in the approaching pipe is disturbed. 
It is indicated that a small increase in the range of operation may 
be expected if the rate of flow in the inner-stream tube is in- 
creased relatively to the outer-stream tube near the shroud or 
casing. However, such a condition oceurs when the limit of 
pulsation falls in the range of large prerotation, as indicated in 
reference (6). In this case, a new velocity diagram for the an- 
alysis of pulsation can be calculated if the change in the velocity 
distribution is known. The foregoing analysis of pulsation loses 
its validity if the velocity, which forms its basis, is disturbed by 
shock waves of high Mach numbers in the fluid passages. 

Diffuser. The most critical part of the diffuser is near the 
impeller tip. For a short distance in the vicinity of the impeller 
tip, the diffuser is always of the vaneless type, and high Mach 
numbers frequently exist, exceeding the value of 1. A careful 
analysis of this part for both design and performance studies is 
necessary. From the law of conservation of matter, it follows for 
two sections of diffuser area 


2arpbe sin a = sin a; = Q.p 
From the momentum equation in the tangential direction 
< (re cos a )= 0 
and in the radial direction 
dp 
pdr 
These equations give 


r 


2 
d 
) ~esin a — (c sin a) 
dr 


b tan a = >, tan a, = const 


dr cos*adr 


For conical diffusers along the path s with diffuser angle 2¢, the 
area is . 

A = tan* a 
and 


where s is defined by the equation 
Diffuser area is given by 
A = 2xrb sin a 


tan € 


and 
dA db da 
7 + dna + 
Combining Equations [18], [19], and [20] and transforming 


For the special case of the parallel-wall diffuser 


db 
ao 
dr 


This function is shown in Fig. 2 with @ as abscissa, b/d as ordi- 
nate, and 2¢ as parameter. For the important location at the 
impeller exit, we have the ideal value 


— wee —Aw, ho — cot 

If the impeller of the compressor has high solidity and no pre- 
rotation 


tan = 


tan = 2 
The selection of the optimum diffusion angle at the impeller exit 
is quite important. It is a function of the velocity distribu- 
tion at the impeller exit. For fairly uniform velocity distribution, 
combined with high Reynolds number and low Mach number 
at the impeller exit, the diffuser angle can be on the order of 7 deg. 
For nonuniform velocity distribution caused either by impeller 
flow, low Reynolds number, or high Mach number, smaller dif- 
fusion angles are recommended. For Mach-number values 
greater than 1 at the impeller exit, very small diffuser angles 
(approaching zero) should be considered. 

For centrifugal compressors with high solidity, the previous 
discussion on impellers and diffusers indicates the prominent in- 
fluence of the flow coefficient @:. Theory indicates that compres- 
sor performance should be represented in a figure using ¢ and y 
as the abscissa and the ordinate, respectively. As shown in Fig. 1, 
the impeller efficiency has a high value over a wide range of flow. 
Therefore, for correctly matched impeller and diffuser, the best 
efficiency of the entire compressor will exist at the value of the 
flow coefficient @, having the maximum diffuser efficiency, re- 
gardless of the compressibility or Mach number in the im- 
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\ \ NONDIMENSIONAL Coerricients Kp anp Kg 
se ae \ AY \ y In applications where high Mach numbers are used or where 
oh Se \ the impeller efficiency cannot be expected to be constant, com- 
pressor performance should be represented in a characteristic 
\A \ field of curves taking into account the coefficient of compression 
30 \ \ \ and the gas constant simultaneously with the induction tempera- 
\ ture. This is done by introducing the following coefficients: 
\ Flow coefficient 
\ Cm Q 4 
— — (24) 
\ \ \ \ \ a, Dia, rf? 
hd K-1 
: Ke = ON! © 
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peller as long as critical values of the Mach number are not ex- 
ceeded in the flow passages. If, however, the compressor ef- 
ficiency is represented as function of the flow coefficient ¢, then 
the maximum efficiency will occur at different values of the coef- 
ficient @, depending on the compressibility or Mach number 
of the flow. In addition, in the diagram with @ and y as 
abscissa and ordinate, pulsation of the compressor may be pre- 
dicted over a wide range of Mach numbers for impellers of high 
solidity. 

Defining specific speed at best efficiency according to refer- 
ence (2), a new specific speed n based upon the impeller-exit 
volume is introduced 


=n va = 
na 2 


Compressors with impellers of high solidity have a constant 
specific speed n. up to the critical Mach number, whereas the spe- 
cific speed n, changes with compressibility. Machines of the 
same specific speed n. are physically similar, and the flow through 
the diffuser is similar, but the flow through the impeller will be 
Jifferent for low compressibility and low Mach numbers, as com- 
pared with high compressibility and high Mach numbers. The 
characteristic of constant specific speed n,, results from the fact 
that impellers with blades of high solidity are capable of operat- 
ing with about the same high efficiency at low capacity with 
prerotation and at high capacity without prerotation. 


Compressor performance is then represented in a diagram with 
Kg as abscissa and Kp as ordinate with Mach number M, and ef- 
ficiency as parameters. 

The foregoing coefficients permit analysis of compressors with 
fluids of different molecular weight, variable specific-heat ratio, 
and variable Mach number. If molecular-weight and specific- 
heat ratio are kept constant, i.e., a single fluid is used, then the 
pressure coefficient Kp becomes proportional to the pressure 
ratio ps/p; and the flow coefficient Kg becomes proportional to a 
widely used flow factor Q,/D* VT. 


Test Data 


The foregoing analysis wil] be compared with tests on two 
compressors. Compressor A is shown in Fig. 3. This com- 
pressor is for a small gas turbine, The impeller has radially end- 
ing vanes, and there is an equal number of full vanes and short 
vanes. The diffuser is of the vaneless-vaned type with a rather 
short vaneless section having a diffusion angle 2e = 3 deg at the 
impeller exit. The compressor was designed for a tip speed of 
tu; = 1249 fps to give a pressure ratio of 2.7. It was tested at 
various tip speeds between 600 and 1100 fps. Table 1 gives the 
pertinent test data. Owing to the small size, the Reynolds num- 
ber is very low. 

Fig. 4 shows the performance of this compressor as a function 
of the flow coefficient Kg and the pressure coefficient Kp, with 
impeller-tip Mach number M, and the efficiency 7 as parameters. 
All tests were made with air, and values of the pressure ratio are 
shown with corresponding values of Kp as the ordinate. The 
calculated limit of pulsation for the compressor is shown as 4 
dashed line. The agreement with the test data is excellent. 

Fig. 5 shows the same test data as a function of the flow coef- 
ficient @ and pressure coefficient y. With the exception of the 
two lowest speeds, each speed results in a different curve—with 
steeper curves for the pressure coefficient W at large values of @ 
being associated with higher speeds and higher values of M,. 
The same tendency exists for the curves of efficiency. It is also 
significant that the maximum efficiency occurs at different values 
of the flow coefficient ¢ for each speed or value of M,. 

Fig. 6 shows the same test data plotted as a function of the 
impeller-exit flow coefficient ¢: and the pressure coeffi..ent p. 
The performance at speeds corresponding to M, = 0.81, 
and lower, can all be presented in a single curve for both pres- 
sure coefficients and efficiencies. At higher values (M, = 0.90), 
the values of the maximum pressure coefficient y and the maxi- 
mum efficiency are slightly reduced. For the highest value (4, 
= 0.99), both the curves for pressure coefficient and efficiency 
have lower values, and the maximum flow rate is reduced. At 
these high Mach numbers, the velocity of sound is apparently ex- 
ceeded locally, and losses resulting from the formation of shock 
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TABLE 1 
us, a, 
f 


rpm ps 
19240 600 
700 
800 


PERFORMANCE DATA FOR COMPRESSOR A 


22430 


28850 900 «1116 
32050 81000 0 
35250 11100 0.99 0.727 


Refers to @ and ¥ values at maximum efficiency. 


TABLE 2 PERFORMANCE DATA 


. Refers to @ and ¥ values at maximum efficiency. 


waves occur. The calculated limit of pulsation at a constant 
value of ¢: = 0.131 is also shown in this figure. The test data 
agree very well with the calculations. The test data also show 
that the maximum efficiency occurs at a constant value of 2. 
It is significant that even for the two highest values of M, the 
maximum efficiency still occurs at the same value of @. In addi- 
tion, the maximum pressure coefficient occurs at a constant value 
of flow coefficient ¢,. The specific speed of maximum efficiency 
has been calculated, based upon both inlet volume and impeller- 
exit volume. The values in Table 1 show that the specific speed 
n, increases with consecutively higher speeds and values of M,. 
The specific speed ne has a constant value for all speeds and 
values of M, up to 0.81. For the two highest speeds, the specific 
speed a, increases slightly owing to the reduced pressure coef- 
ficient 

Compressor B was designed to pump a heavy gas of molecular 
weight greater than 300. Operation without pulsation was of 
greatest importance, and the widest possible range of flow was 
specified. In addition, the performance of this compressor when 
handling various other gases of lower molecular weight was of 
interest, and tests were made at constant speed for a number of 
different gases covering the range of molecular weights from 29 
to over 300. When handling the heavy gas, the compressor per- 
formance at higher speeds was analyzed and tests were made at 
consecutively increased speeds. This compressor had an impel- 
ler with backward curved vanes of high solidity. The diffuser 
was of the vaneless-vaned type using a rather long vaneless sec- 
tion. At the impeller exit, the diffuser diffusion angle 2¢ equaled 
about 1 deg. This compressor had two stages. All test data pre- 
sented refer to the performance of the second stage except for the 
efficiency data which include both stages. Table 2 shows molecu- 
lar weights of the various gases and the speeds used in the com- 
pressor test. The table also shows the specific speeds n, and 
Nee. 

Test data for this compressor are shown in Figs. 7 through 12. 
No individual test points are shown as each curve includes a 
large number of tests. Fig. 7 shows the performance of this com- 
pressor as function of the flow coefficient Kg, and the pressure 
coefficient A», with values of M, as parameter. Using the di- 
mensionless coefficients Kg and Kp, it is possible to show the 
compressor performance in a single graph with entirely different 
fluids such as air and various heavy gases. The scale of pres- 
sure ratios is shown with the values of the pressure coefficient Kp 
for the range of performance curves of the heaviest gas. It will 
be noted that this compressor has stable operation for the entire 
range of flow from zero to maximum in the range of speeds tested 
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up to values of M, = 2, and up to pressure ratios in excess of 5 per 
stage. 

Fig. 8 shows the same test data as a function of the flow coef- 
ficient @ and the pressure coefficient y. With the exception of 
the two lowest values for M,, each curve for M, results in a dif- 
ferent performance curve. With increasing values of M,, the 
curves for the pressure coefficient y become consecutively steeper 
at large flow coefficient ¢. However, curves above the value M, 
= 1.305 become more irregular with increasing M, values and 
show a distinct reduction in maximum values reached for pres- 
sure coefficient and flow coefficient 

Fig. 9 shows the same test data plotted as a function of the 
flow coefficient ¢, and the pressure coefficient . The perform- 
ance of the compressor at values of M, = 1.01 and all lower values 
of M, appears as a single curve, although this range covers 
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fluids of different molecular weights. At highér values of M, the 
maximum flow coefficient ¢, is reduced gradually with succes- 
sively higher values of M,. It is noteworthy that up to the basic 
design speed of M, = 1.45, the maximum pressure coefficient p 
remains substantially constant. At higher values of M, the 
maximum pressure coefficient is reduced slightly. The perform- 
ance curves in the @, — wW diagram are in systematic order with 
no crossovers up to the maximum values of M, = 2. 

Fig. 10 shows the same test data as in Fig. 7 but in addition 
values for the Mach numbers Mand My; are shown. The values 
for M. and Ma refer to mean values of velocity and were deter- 
mined from pressure and temperature measurements. For the 
determination of M,., the mean absolute velocity c, was meas- 
ured, and it was assumed that the flow follows the vane contour, 
thus permitting calculation of the mean relative velocity w, 
from the blade angle 8,. At the highest value M, = 2, M4: is just 
greater than 1, and M. covers a range from 1.20 (at the largest 
flow coefficient Kg) to a value approaching 2 (when the flow coef- 
ficient approaches zero). For ideal conditions the Mach numbers 
are related to each other as follows 


dD, 1 


= - 
Mure D cos + sin B, cot ay 


or with no prerotation 


dD, 1 
D cos B, 


Equations [26] through [28) are limited in value to a similarity 
in the flow pattern and no friction. For prerotation in the direc- 
tion of rotation, or at reduced capacity, the foregoing value of the 
impeller-inlet flow Mach number M 4, is reduced, whereas at large 
capacity or prerotation opposite to the direction of rotation the 
impeller inlet Mach number M.; is increased. Thus an increase 
above design capacity at high Mach number may easily result in 
critical Mach-number conditions at the inlet. 


Mara = M, 


= 
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It is interesting to note that for compressor B the specific speed 
no remains constant to a value M, = 1.01, and for higher values 
of M, becomes smaller. According to Fig. 10, the impeller Mach 
number M,, becomes somewhat smaller with lower values of 
flow coefficient Kg. Simultaneously, smaller flow values result 
in a smaller angle a, and, therefore, according to Fig. 2, smaller 
diffusion angle 2e. These two effects overcome the increase in 
the Mach number M.q associated with smaller flow coefficients. 
The value of ng becomes larger for above critical M, values of 
compressor A. This may be explained by the breakdown of the 
pressure coefficient caused by critical Ma values. In compres- 
sor A, space considerations require a short vaneless diffuser and 
the entrance to the vaned diffuser becomes critical, causing an 
opposite trend for the values of specific speed na. 

Fig. 11 shows the efficiency of compressor B as a function of 
the flow coefficient @ and again for M, = 1.01, and all lower 
values of M, the efficiency appears as a single curve. At 
higher values of M, the maximum efficiency is reduced and also 
shifted to lower values of @:. These test data refer to both 
stages of the compressor, and each stage was operated at about 
the same value of ¢@. The value of efficiency includes losses in 
the inlet to each stage and in the collector. 

Fig. 12 shows values of the Reynolds number in the second- 
stage impeller entrance. The low values of efficiency may be 
explained by the low values of specific speed and Reynoids num- 
ber for this compressor. 

Approximately 40 turbomachines have been analyzed accord- 
ing to the herein described methods. The test data, for example 
Figs. 6 and 9, show experimental! verification of the fact that for 
centrifugal turbomachines with blades of high solidity the per- 
formance is a function of the Mach number only. Molecular 
weight and variable specific heat have no influence if compressor 
performance is represented in terms of the correct nondimen- 
tional coefficients, as shown in Figs. 4 and 7. 


Conclusions 


Av analysis has been made to show the relationship between 
the nondimensional pressure coefficient yy and the impeller-exit 
flow coefficient @. Using these coefficients, the performance of 
centrifugal compressors with impellers of high solidity can be 
presented in a single curve for all conditions up to a critical 
Mach number. The value of the flow coefficient ¢, for the limit 
of pulsation can be calculated. A specific speed na, based on 
impeller-exit volume, is introduced and gives constant value for 
optimum efficiency over a wide range up to the critical Mach 
number. Presentation of compressor performance in a char- 
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acteristic family of curves is accomplished by nondimensional 
pressure and flow coefficients Kp and Kg. These coefficients 
take into account the specific-heat ratio, molecular weight, and 
induction temperature. Test data are presented which show 
compressor performance with various fluids having molecular 
weights from 29 to over 300 over a range of Mach numbers from 
0.36 to 2.0 in a single diagram. The test data indicate that centri- 
fugal compressors can be designed up to M, = 2.0 and compres- 
sion ratios above 5 per stage with stability of operation over the 
entire range of flows and Mach numbers. The test data show 
experimental verification of the fact that for centrifugal turbo- 
machines with blades of high solidity the performance is a func- 
tion of the Mach number only. 
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Discussion 


J. H. Anperson.* This paper provides an excellent analysis 
of the effect of compressibility on centrifugal-compressor per- 
formance. An analysis of this kind is particularly useful in 
helping the designer to understand the effect of changing volume 
through the compressor. It is unfortunate, perhaps, that the 
additional mathematical work and assumptions required for such 
an analysis tend to confuse the average engineer somewhat, and 
we find that the simple plot of pressure or head coefficient and 
efficiency versus inlet volume divided by rpm is the one usually 
preferred by most engineers. This has the advantage of being 
simple and straightforward with no assumptions required in the 
calculations, but it provides very little in the way of a logical 
mathematical expianation of what happens in the machine. 

It has often been the custom to use the tangent of the absolute 
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flow angle at impeller exit as an abscissa instead of the value 6, 
used here. The advantage of using the tangent of the angle lies 
in the fact that it provides a more accurate idea of diffuser-inlet 
conditions, particularly when several] compressors with different 
impeller-blade angles are involved. This also becomes more im- 
portant in a multistage compressor. 

If the effect of Mach number on efficiency is to be clearly 
shown, it would probably be better to use polytropic efficiency 
instead of isentropic. For example, in Fig. 11 of the paper, the 
peak polytropic efficiencies would be 0.659, 0.710, and 0.708, as 
compared with 0.610, 0.675, and 0.685, respectively, for the isen- 
tropic efficiencies. These values are not correct because we had 
neither the isentropic efficiencies for the single stage nor the 
proper gas constants, but they do illustrate how much effect re- 
heat has, as we go up in Mach number, and they do show that 
the hydraulic compressor efficiency falls off at Mach numbers 
well below the design Mach number, as it should. 

The concepts of coefficients Kp and Kg are quite useful and, as 
pointed out, are particularly so when highly variable Mach num- 
bers are involved, as is the case when the performance of a com- 
pressor needs to be estimated for several different gases. The:e is, 
however, one slight misstatement which the writer is sure the 
author did not intend to make. The coefficient Kp is never pro- 
portional to the pressure ratio, although it is a function of it as 
illustrated by the equation. 


F. Kuvoe.* The dimensionless coefficients g and y, used in 
practical design frequently, and given in Equations [4] and [5] of 
the paper, have the practical advantage that they can be deter- 
mined from readings without too much difficulty with rather good 
accuracy, while determining the flow coefficient g, in Equation 
{12] needs more measurements in positions, where accurate meas- 
urements are very difficult to make. We know that velocity, 
pressure, and temperature distribution are changing along the cir- 
cumference and along the width of an impeller outlet. Therefore, 
if these readings are not done very accurately, the deviations by 
mistakes of readings might be bigger than the natura! deviations 
shown in Fig. 5 of the paper. 

Considering Fig. 6, it seems to the writer that the coincidence of 
curves within the range of Mach numbers M, up to values of 0.99 
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is a specialty of the tested impeller design, which is not necessarily 
fulfilled for any design. 

As to the dimensionless coefficient Kg, given by Equation [24], 
the author refers here to the inlet conditions and not to the outlet 
conditions of the impeller, evidently for practical reasons, as 
mentioned 

Since the Mach numbers are defined on the basis of mean 
velocities, it is not understood how we can get for zero flow (Q, = 
0, Kg = 0) finite values of the Mach numbers My, and Ma, as 
shown in Fig. 10, while they have to be zero, since for Q; = 0 the 
relative velocity w, and the absolute velocity c,; are zero and, 
therefore, also the Mach numbers, as defined by Equations [2] 
and [3]. 

It might be of value to explain in the nomenclature whether 
the total head H refers to adiabatic or to polytropic compression. 


AvuTuor’s CLosure 


It is gratifying to have Mr. Anderson's opinion that the con- 
cept of coefficients Kp and Kg is quite useful for highly variable 
Mach numbers and different gases. As he points out, it may be 
better to use polytropie instead of isentropic efficiencies to show 
the effects of Mach number. However, the test data were taken 
from the performance of certain compressors for which the isen- 
tropie efficiency was determined experimentally. He is correct, 
and the author regrets the error; the coefficient Ap is not propor- 
tional to the pressure ratio but is a function of it as illustrated by 
Equation [25 of the paper. 
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The author appreciates and agrees with Dr. Kluge’s comments 
regarding the difficulties of making accurate measurements in the 
vicinity of the impeller tip. 

Considering Fig. 6 of the paper, it is a coincidence of this par- 
ticular compressor that maximum efficiency and maximum pres- 
sure occur at constant values of @ up to a Mach number of 
M, = 0.99 which is above the critical Mach number. However, 
Figs. 6 and 9 prove that up to the critical Mach number of M, = 
0.81 and M, = 1.01, respectively, for the compressors under in- 
vestigation, maximum efficiency and pressure ratio occur at eon- 
stant values of @y. 

The author wishes to thank Dr. Kluge for pointing out the 
finite values of the Mach numbers M,, and M,. at zero capacity in 
Fig. 10. According to one dimensional theory M,, should have 
been zero, and some explanation is therefore required. Tests 
made by the author as well as the data published in references (5) 
and (6) of the paper, indicate that the flow at the inlet is three- 
dimensional at zero capacity. This results in an eddy-type flow 
with inflow at the inner streamline and backflow at the outer 
atreamline of the impeller inlet. While the vector sum of the 
relative velocity components equals zero, owing to the phase dis- 
placement there is a finite scalar value for the relative flow. The 
mean value M., is also finite at zero capacity because the mean 
value of the angle a, at the exit of the impeller is zero, and for this 
condition ¢; approaches «:. Total head in this paper refers to 
wliabatie compression. 
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Effect of Taper on Screw-Thread 
Load Distribution 


By E. E. STOECKLY' anv H. J. MACKE?* 


The load distribution on the threads of bolts and nuts, 
made in the conventional constant-pitch manner and with 
tapered threads, was determined experimentally and 
theoretically. The results indicate that substantial im- 
provement, in the order of 2 to 1, in thread load distri- 
bution can be made by tapering the thread of either the 
bolt or nut properly. Material improvement in bolting 
strength is obtained in applications that normally are 
conducive to little plastic flow and thus liable to result in 
brittle fractures, such as are encountered with dynamic 
loads or static loads at elevated temperatures. Ten years 
of operational experience on high-temperature high- 
pressure turbine bolting is cited to substantiate indicated 
improvements. 


INTRODUCTION 


URING the period between 1930 and 1940, when turbine 
D temperatures and pressures advanced to new high levels, 
the heat-resisting alloys first used possessed less re- 
sistance to higher-temperature embrittlement and notch sensi- 
tivity than materials used later. This gradual embrittlement of 
the early materials made it desirable to re-heat-treat elements sub- 
jected to high stress concentrations such as turbine bolts to re- 
store ductility and prolong life. These circumstances, with the 
well-known fact that threads of a screw connection made in the 
conventional manner do not distribute the total load equally 
among all threads, led to the experimental and theoretical 
analysis reported in this paper. 

In the case of a bolt and nut connection, these concentrations are 
primarily the result of elongation of the bolt core resulting from 
tension stresses and axial contraction of the nut due to compres- 
sive stresses. This tends to produce a difference in thread pitch 
between the pitch of the threads on the nut and the pitch of the 
threads on the bolt. This difference must be taken up at least 
partially by greater deflection of the bolt and nut threads located 
at the bottom of the nut than the deflection taken by the threads 
located near the top of the nut. With the bolt and nut threads made 
exactly to the same pitch in their unstressed condition, the tendency 
is to load the bottom thread most heavily and the top few threads 
the least. At the heavily loaded bottom thread, where the bolt core 
for the first time carries the full load imposed upon the bolt, we 
superimpose upon the outer surface of the bolt core the stress 
concentrations resulting at the base of the heavily loaded bottom 
thread. It is this superposition of maximum stresses calling for 
high ductility to effect relief that is undesirable in bolts that have 
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reduced ductility because of temperature effects. If the thread 
load distribution is changed so that the most heavily loaded 
threads are at some point other than at the bottom of the nut, the 
strength of the screw connection is increased by the elimination of 
the superposition of maximum stresses. 

Since it is the elongation of the bolt and compression of the nut 
which cause the bad thread load distribution, it follows that if 
the thread pitch of the nut in its stress-free condition is made 
slightly greater than the thread pitch of the bolt, it is possible to 
distribute the thread loading more evenly and, if carried far 
enough, actually to make the top threads carry the greater portion 
of the load. An effect that is equivalent to having the thread 
pitch of the nut slightly greater than the thread pitch of the bolt 
is obtained by tapering the pitch diameters of consecutive 
threads of the bolt from a normal pitch diameter at the end of the 
bolt to less than a norma! pitch diameter as the threads progress 
inwardly from the end. The threads of the mating nut are then 
made with a constant pitch diameter. A similar effect can be ob- 
tained by making the bolt of constant pitch diameter and having 
the pitch diameter of the nut increase érom a normal! value at the 
top of the nut to a larger value at the bottom. 

Fig. 1 illustrates how the tapered thread produces the effect in 
the unloaded condition of having the thread in contact at the top 
of the nut and giving progressively greater axial clearance from the 


Fic. 1 Cross Section or Tareren 


cop to the bottom of the nut. The taper effect of a change of 0.005 
in. in the diameter per in. of length which is produced by changing 
axial clearance is equivalent to an accumulative change in pitch 
per inch of length of 0.00144 in. 

To determine the magnitude of the gains that could be made, 
the problem was studied both theoretically and experimentally, 
and the results were compared before arriving at a final conclusion. 

The initial analytical study was based on a number of simplify- 
ing assumptions. Recently a more rigorous analysis has been 
carried out which has resulted in better agreement between the 
theoretical approach and the experimental results. An outline of 
the theoretical analysis is included in the Appendix. The curves 
presented from the theoretical analysis are based on normal values 
for steel of Young’s modulus of elasticity and Poisson's ratio, and 
except where otherwise noted, the coefficient of friction between 
the nut and bolt threads was taken as 0.2. 
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The experimental tests were limited entirely to 2-in. steel bolts 
using the American National eight-pitch thread series, This 
series, which uses eight threads per inch for all sizes of bolts and 
studs, 1 in, to 6 in., inclusive, has the same thread profile as the 
American National Form (formerly U 8 Standard), It is now in 
common use for all bolts and studs for high-pressure pipe flanges, 
turbine-shell flanges, cylinder heads, and similar fastenings against 
high pressure, which require that an initial tension be set up in 
the fastening by elastic deformation of the fastenings and com- 
ponent parts, To secure the proper initial tension, it is not 
practical, because of the torque required, that the pitch should be 
increased with the diameter. For this reason, the eight-pitch 
thread series has come into common use. The theoretical analy- 
xis, on the other hand, is equally applicable to other pitches, and 
curves will be shown giving the effect on load distribution of vary- 
ing the threads per inch of length for different bolt diameters. 

In the following discussion, bolts and nuts made in the conven- 
tional manner with the thread pitch on the bolt made equal to 
the thread pitch on the nut, and with a constant thread pitch 
diameter from one end to the other, will be referred to as non- 
tapered bolts and nuts. Tapered-thread bolts and nuts will be 
taken to mean a conventionally made nut as just described on a 
bolt that has a thread pitch the same as that of the nut, but with 
the pitch diameter of successive threads becoming uniformly 
smaller. It will always be understood that the largest pitch 
diameter will be the end thread on the bolt. The same conclusions 
apply if the bolt threads were made of constant pitch diameter 
and the nut threads made of successively larger pitch diameters 
from the top to the bottom gf the nut. 


Serur 


Fig. 2 shows « cross section of the test set up in the 300,000-Ib 
testing machine used. All tests were made on 2-in-diam, eight 
threads per inch, steel-alloy bolts, 12 in. long, of the type used in 
high-pressure high-temperature steam-turbine flanging connec- 
tions. All threads were hobbed carefully and checked for dimen- 
sional accuracy. As the bolts on high-pressure flanges must gen- 
erally be spaced closely together, it is general practice to make the 
main external surface of the nuts cylindrical, and to make the wrench 
connection at the top of the nut hexagonal in shape and of 
smaller diameter than the major outside nut diameter. For this 
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reason the test nuts were made of cylindrica! outer surfaces and of 
a diameter equal to that normally used in turbine-flange nuts. 

The experimental approach to determining the load distribu- 
tion on the threads was made in the following manner: The axial 
displacement of the base of the thread on the bolt to the base of 
the thread on the nut was determined for various axial positions 
along the nut. These axial thread displacements were converted to 
axial thread loads by coefficients determined from single and 
triple-thread tests. These tests were performed by relieving all 
threads except 1 or 3 in a given location. Tests were made at the 
bottom, middle, and top of the nut through a wide range of 
loads to establish the displacement-load characteristics of the 
threads. It was found that these characteristics varied between 
the top and bottom of the nut, and also that the loading of adja- 
cent threads affected the deflection-load characteristics of a par- 
ticular thread. An indication of the over-all accuracy of such an 
approach to the deflection-load characteristics of the threads was 
obtained by comparing the integrated total load determined from 
the thread deflections to the measured total pull on the bolt by 
the test machine. The agreement obtained was reasonably good, 
particularly at the higher loads, 

Returning to Fig. 2, the axial displacements of the threads were 
determined by drilling small exploratory holes to the desired 
depth close to the base of the threads in both the bolt and the 
nut. Readings were taken to indicate the change in distance from 
the top surface of the main reference plate, upon which the dial in- 
dicator rested, to the top of the nut, **/,¢ in., 15/,. in., and 17/s in. 
below the top surface of the nut. These changes were trans- 
mitted to the bottom of the dial indicator by '/;-in-diam and 
*/,-in-diam pins. The dial indicator used indicated 0.010 in. for 
each complete revolution. The indicator was graduated in 
divisions of 0.0001 in. and was read by interpolation to the closest 
0.00001 in. Repeated trials indicated that the repeatable ac- 
curacy of readings was in the order of 0.0003 in. In conducting 
the tests, several sets of zero readings were always taken to make 
sure that all pins were definitely in place and giving consistent 
readings. Care was taken that no more load than that required to 
give a stress of about 200 psi had been put on the bolt and nut 
prior to taking zero readings. The loading cycle was to load and 
take a complete set of readings for the following order of 
loads: Zero, 5000 Ib, 15,000 Ib, 30,000 Ib, 5000 Ib, 45,000 Ib, 
60,000 Ib, 5000 Ib, in 15,000-Ib steps with every third reading at 
5000 lb. This was continued to a load of 210,000 Ib, after which 
20,000-Ib. steps were taken up to a load of 250,000 Ib, which was 
the maximum load used. The repeated readings of 5000 Ib 
served the double purpose of indicating any permanent set and a 
check upon the accuracy and consistency of the readings. No 
permanent sets were observed within the load range used. Plots 
of the readings indicated that smooth lines drawn through the 
average of the points read seldom deviated more than a tenth of 
a thousandth. The total elongation of the bolt in the length of 
the nut was in the order of 0.003 in. 


Purpose oF INVESTIGATION 


The following was the general purpose of the investigation: 


1 To determine as best possible by experimental tests the 
actual relative load distribution between the different threads of a 
nontapered-thread nut-and-bolt screw connection. 

2 To determine the effectiveness of tapering the threads to re- 
distribute the thread loading. 

3 From theoretical analysis to derive the equations for the 
thread load distribution of tapered and nontapered screw-thread 
connections. 

4 To compare the experimental results with the analytical re- 
sults and if reasonable agreement is established, to predict from 
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the theoretical considerations the effect of bolt diameter, thread 
pitch, relative nut length, effect of nut wall thickness, and effect 
of the coefficient of friction bet ween the nut and the bolt. 


CONCLUSIONS 


From the theoretical analysis and the experimental determina- 
tions the following conclusions were drawn for bolts and nuts with 
nontapered threads. 


| The maximum thread loading is about 3 times the average 
and occurs at the bottom thread of the nut. 

2 Within the elastic limit, the percentage of the total load 
carried by different threads changes very little with changes in 
total load. 

3. For a fixed number of threads per inch, the effect of increas- 
ing the bolt diameter is to increase slightly the maximum load 
concentration. 

4 Fora fixed bolt diameter, the effect of increasing the number 
of threads per inch is to increase slightly the maximum load con- 
centration. 

5 If the nut length is three quarters of the bolt diameter or 
longer, the actual load on the bottom few threads for a given total 
load on the bolt changes very little with increased nut length. 

6 As the outside diameter of the nut is increased, the load 

concentration on the bottom few threads decreases only a slight 
amount, 
7 The coefficient of friction between the bolt and nut as 
affected by lubrication has little effect on the thread load dis- 
tribution. Lower coefficients of friction result in somewhat 
lower maximum thread loading. 

& In nontapered-thread bolts the maximum bolt-core tension 
stress, maximum thread bending stress, and bending stress result- 
ing from the bolt misalignment, all superimpose themselves upon 
the same point in the bolt, namely, the root of the bottom thread 
in contact with the bottom thread of the nut. 


For bolts and nuts with tapered threads, the following conclu- 
sions hold compared to nontapered-thread bolts and nuts. 


1 The total load carried by the bottom threads is decreased 
and the load carried by the top threads is increased, the amount 
depending upon the taper and the total load imposed upon the 
bolt 

2 The percentage of the total load carried by the different 
threads changes rapidly with changes in the total load on the bolt. 
The percentage of the total load transferred from the lower 
threads to the top threads decreases with increased loading. 

3 By selecting the correct thread taper for a given load on a 
given bolt, the thread load can be made to increase from zero at 
the bottom to a maximum at the top of the nut. If for this given 
load and taper the load is increased, the additional] load will dis- 
tribute itself among the various threads in the same manner that 
the additional load would be carried on a nontapered bolt and 
nut of the same diameter. 

4 By using the proper thread taper, the maximum stress in a 
bolt for a given load is reduced. This is due to the reduction of 
the stress concentration at the base of the bottom thread that is 
superimposed upon the maximum bolt tension stress existing at 
that point. 

5 Statements made for nontapered bolts regarding effect of 
bolt diameter, thread pitch, coefficient of friction, nut length, 
and nut diameter apply equally well to tapered-thread bolts. 


Figs. 3 through 19 give a summary of the experimental and 
theoretically determined curves of load distributions as functions 


of the different variables. Figs. 3, 5, and 7, which are for bolt 
loadings resulting in maximum average core stresses of 20,000, 
40.000 and 100,000 psi, respectively, and determined theoretically, 


show that for zero taper the maximumrthread load concentration 
occurs at the bottom thread, and is approximately 3.2 times as 
large as the average thread load. This thread load decreases to 
approximately 0.3 at the top of the nut. Also, it is seen that the 
shape and magnitude of these curves are independent of the total 
bolt load. The zero-taper curves in Figs. 4, 6, and 8, were de- 
termined experimentally and are similar in magnitude and shape 
to the theoretically determined curves. The main difference is a 
somewhat lower value of maximum concentration, being only 
about 2.8 instead of 3.2 and reducing to a value of about 0.4 at the 
top instead of 0.3. Figs. 3 to 8, inclusive, also show the theoreti- 
cally determined and experimentally measured effect of thread 
taper and bolt load on thread load distribution. These show that, 
as the thread taper is increased, the effect is to unload the bottom 
threads of the nut and to transfer the load to the top threads. In- 
creasing the taper increases the rate at which this transfer is 
made, The relative thread load distribution does not remain con- 
stant with changes in total bolt load as it does with zero taper. 
With the heavier bolt loads, greater thread tapers are necessary 
to shift a certain percentage of the load from the bottom threads 
to the top threads, From these curves it can be seen that 
marked shifts in load distribution can be obtained with relatively 
small tapers. 

The selection of the proper taper to be used for a given bolting 
problem will depend upon the maximum load which the bolt will 
be expected to carry, and the shape of the distribution curve de- 
sired. At first, it might seem that a curve giving the lowest 
maximum thread loading would be most desirable. However, 
when Figs. 9 and 10 are examined this can be questioned. Fig. 9 
shows that in a bolt with no taper the maximum thread load and 
maximum bolt tension stress in the core are superimposed upon 
each other at the bottom of the nut. Fig. 10 shows this same bolt 
when the threads are tapered 0.006 in. per in. In this case the 
maximum thread load occurs at the top, where the bolt-core tension 
is zero. The thread loads are the lowest at the bottom where the 
bolt-core tension reaches its peak. In comparing the two bolts, it 
should be realized that should a fracture start in the nontapered 
bolt at the base of the thread in contact with the bottom thread 
on the nut, the yielding caused by this fracture would neither de- 
crease the total load carried by the bolt nor the load carried by the 
bottom thread. The fracture thus started will continue to 
failure. In the case of the bolt with a tapered thread, a fracture 
originating at the base of the heavily loaded top thread will pro- 
duce an elongation that will shift a greater load to the lower 
threads and decrease the load on the thread at which a fracture 
has started. Thus, in addition to avoiding the superposition of 
maximum stresses, the effect of any incipient failure ix to redis- 
tribute the load in such a manner as to load up the lightly loaded 
threads and to decrease the load on the thread at which failure 
has started. Owing to these considerations, it seems desirable to 
select tapers for a given total load that will throw somewhat 
higher thread loadings onto the top threads, and to decrease the 
loading of the bottom threads to a relatively low value. 

For a given bolting problem the taper to use may be com- 
puted from Equation [23] in the Appendix. The taper obtained 
when using a value of k = 1 in this equation gives a thread load 
distribution varying from nearly zero at the bottom to a maximum 
at the top. 

The curves given in Figs. 11 and 12 show the effect of nut 
length on thread load distribution. The figures on the curves are 
the ratio of the length of the nut to the nominal diameter of the 
bolt. From these it ean be seen that for bolts with no taper, little 
gain is made in the maximum thread loading for nut length- 
diameter ratios exceeding 0.75. These relative load distributions 
hold for all values of bolt loads. Fig. 12 shows the effect of a 
0.006-taper on bolts loaded to 40,000 psi stress. In general, these 
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show very much the same thing, except with the maximum thread 
loading shifted from the bottom threads to the top threads. This 
suggests that if nuts of one bolt diameter are used in conjunction 
with a thread taper that puts most of the thread loading in the 
top */, part of the nut, a nut-bolt combination can be obtained 
that has reasonable thread loads and has the bottom quarter of 
the nut in reserve to take up any loading that is given up by the 
top thread due to yielding. As seen from Fig. 12, this would not 
increase the thread loading on the top thread materially. 

The curves in Figs. 13 and 14 show the effect on thread load 
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distribution of different-diameter bolts all with eight threads per 
inch. These show that the effect of diameter between | and 4 in. 
is small and that taper threads produce the normal effect of 
shifting the load to the top thread. 

The curves in Figs. 15 and 16 show the effect of changing the 
number of threads per inch for a constant bolt diameter of 2 in. 
The effect of varying the thread from four to sixteen per inch on 
2-in. bolts is identical to the effect of varying the diameter from | 
to 4 in. when using eight threads per inch. 

The curves in Figs. 17 and 18 show the effect of the coefficient 
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of friction between the nut and bolt threads. All of the calculated 
curves presented have been on the basis of the coefficient of fric- 
tion of 0.2. These curves show that either with or without taper, 
variation of the coefficient of friction between the limits of 0.1 and 
0.3 produces relatively little effect. Curves presented in Fig. 19 
show the effect of increased nut-wall thickness. The dash lines 
are those calculated for an infinitely large nut such as a stud 
serewed into a heavy turbine flange. The general effect is to de- 
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crease slightly the maximum thread loading for zero taper and, 
when tapered, requires a smaller amount of taper to produce a 
given shifting of the load from the bottom to the top. 

The true value of any such change as going to tapered bolts 
can be determined only by usage over a period of time. Over 10 
years ago the authors’ company—on the basis of the foregoing 
analysis—adopted tapered threads for all heavily loaded high- 
temperature screw connections. The taper chosen was such as to 
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reduce the thread loading at the bottom of the nut to a very low 
value, throwing the major part of the load to the top of the nut. 
Since its introduction, bolts so designed have given satisfactory 
service over the intervening years in spite of the increasing tem- 
perature levels at which they have been used. 

The tapered thread may be used on either the nut or the bolt 
but can be machined more easily in the bolt, rather than the nut, 
and, generally, this has been done. It is sometimes difficult to re- 
move the nuts from such tapered bolts if the antiseizing com- 
pound used on the threads at assembly has carbonized and 
hardened from prolonged exposure to temperature. Occasionally 
the threads gall. The radial clearance between the bolt and the 
lower threads of the nut becomes progressively smaller as the nut 
is removed. By tapering the thread on the nut, rather than on the 
bolt, the clearance increases as the nut is removed, and removal is 
much easier, Consequently, improved means for machining the 
taper in the nut have been developed, and tapered nuts will soon 
largely supersede the tapered bolt in steam turbines built by the 
company with which the authors are associated. Studs, however, 
will continue to be tapered. 
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Appendix 


Tueoreticat ANAtYsis or Loap DistripuTION ON ScREW 
Tureaps 


The procedure used here is similar to that used by Sopwith. It 
consists of the computation of the relative axial displacement be- 
tween the roots of the bolt and nut threads due to all significant 
causes and setting the increase in these relative displacements per 
pitch equal to the difference between the axial expansions of the 
bolt thread and of the nut thread in the same length. The equa- 
tion thus formed leads to a differential equation for the axial load 
per unit length of thread helix, and from this equation the load 
distribution is obtained. 


NOMENCLATURE 


a = thread pitch 
A = rD*/4 
A,, A, = mean cross-sectional areas of bolt and nut, re- 
spectively 
b = depth of thread from root to intersection of 


flanks (see Fig. 20) 
= constants in equations for Airy stress functions 
ec = d/b 
Co, = constants in equations for displacements u and v 
d = radial distance from contact strip to intersection 
of thread flanks (see Fig. 20) 


B,, Bs, Bs 


D,, D, = pitch diameters of bolt and nut, respectively 
D = (D, + D,)/2 
Dy = diameter of hole in bolt 
D, = equivalent outside diameter of nut 
E = Young's modulus of elasticity 
= E/i—y 
f(®), g(r) = functions obtained in integration of Equations 
[16] 


Airy’s stress functions 


F2, Fi = 
h = constant defined by Equations [20] 


H,K constants defined by Equations [20] 
h ecnstant proportional to taper, defined by Equa- 
tion [23] 
L = length of nut 
M = monent per unit width acting on thread in 


equivalent system of loads 

n = number of threads in nut 

constants defined by Equations [26] 

forces per unit width acting on thread in equiva- 
lent system of loads 

polar co-ordinate, distance from thread vertex 

length of thread flank from intersection of flanks 
to root (Fig. 22) 

distance from free face of nut along thread he'ix 
at diameter D. 

mnD = value of s at bearing face of nut 

taper in thread diameter 

total axial load on bolt 

displacements in directions of r and 6, respec- 
tively 

value of v at contact strip 

axial load on thread per unit length of thread 
helix 

mean value of w 

s/s, = proportion of thread length from free face 
of nut 

= value of z at end of contact between bolt and nut 

constant defined by Equations [26] 

half of thread angle 
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= 


relative axial movements between roots of bolt 
and nut threads 


6 = polar co-ordinate, angle with thread bisector 
#B = tan ¢ = coefficient of friction between bolt and 
nut faces 
v = Poisson's ratio 
¢,,¢¢ = normal stresses in directions of r and @ 
t4 = shearing stress in directions of r and @ 
® = friction angle 


Devevorine rue THrory 


Consider a bolt and nut having the same elastic properties and 
loaded as shown in Fig. 1. 

First the bending deflection of the thread due to the applied 
load will be determined. The relation between bolt and nut 
threads in contact is shown in Fig. 20. D, and D, are the pitch 
diameters of the bolt and nut, respectively. Because of symmetry, 
contact may be assumed to take place along a strip midway be- 
tween the two pitch radii. Actually, this strip is displaced 
slightly toward the nut because the base area of the nut thread is 


W Sec (8-¢) 
WTon(8-¢) 


Fie. 2) 


slightly larger than that of the bolt thread, but this small dis- 
placement will be ignored. The contact strip may be located by 
the distance d (Fig. 20) where 


1 a 
+0) {1} 


The length 6 is shown in Fig. 20, and ¢ is a constant of propor- 
tionality. The contact strip also may be located by the average 
pitch diameter 


The loads acting on the thread are shown in Fig. 21. The co- 
efficient of sliding friction between thread surfaces is u = tan @. 
The load component w is the vertical pressure per unit of length 
along the contact strip which has the shape of a helix. 

The actual loading is now replaced by a statically equivalent 
loading acting at the vertex of the thread, and the flat at the ver- 
tex of the thread is disregarded. These simplifications are 
deemed permissible since only the deflection at the contact strip is 
desired, and it is affected little by what happens between there 
and the vertex. The equivalent system is shown in Fig. 22, 
where 


4 
- 
| 
| 
Lott 
2 it 
u = 


P=w 
Q = w tan (8 — ¢) (3) 
M = wd (1 + tgn B tan (8 — @)| | 


All loads are understood to be per unit width of thread. 
The simplified load system may be analyzed conveniently by 
the use of Airy’s stress function and by consideration of P, Q, and 


(r=R, 


M separately. In terms of the cylindrical co-ordinates r and 9, 
defined by Fig. 22, the stresses are given by 


r or r? | 
oF 

| 


22% 
or\r 06 


in which the Airy stress function F must satisfy the differential 


equation 
oO o \f or oF 1 oF 
or? r Or r? 0067/7 \ or? r Or r? 


15] 


(a) Consider first only the load ?. The solution is given by 


FF, = Byré com (6! 
The constant B, may be evaluated from the relation 
Per sin + cos 0) dO {7} 
leading to 
P 
B, = 
28 —sin 2B 
(b) For load Q alone the solution is given by 
Fy = —ByrO sin 0 {9} 


The constant B, may be evaluated from 


Q = com — sin 10] 
leading to 
28 
(c) For the moment M alone the solution is given by 
FP, = B,(' sin 20 — @ cos 28).... {12} 
The constant B; may be evaluated from 
M =r {13} 
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from which 


M 


~- sin 28 — 28 cos 28 (14) 


The combined stresses from cases (a), (b), and (c) may be 
stated thus 


2B; 2B. 


= sin 6 cos — sin 20 | 

r r r 
= 0 (15) 
Te = (cos 20 — cos 2B) 

r 


The deflections u and rv in the directions of r and 8, respectively, 
may be computed from the Hooke’s law relations 


E’ 
u low {16} 
1 Ou ov +7) 


r 00 or E' 

Since the condition here is that of plain strain, it is necessary to 
use the modified values of Young’s modulus E’ = E/(1 — v?) and 
Poisson’s ratio v’ = v/(1 — v). 

Integration of the first Equation [16] gives an expression for u, 
including an unknown function f’(@). Integration of the second 
Equation [16] then gives an expression for v, including f(9) and 
another unknown function g(r). Substitution of the expressions 
for u and v into the third Equation [16] leads to two ordinary dif- 
ferential equations for f(@) and g(r). Solution of these differential 
equations for f(@) and g(r) leads to the following expressions for 
the displacements 


u= Ale log 1 sin6—(1 | 
+” ¢ ‘Plog (1 sin 
v log R cos sin 


2B 
+ sin 20 + C; cos C, sin 


(2 + 2g con + (1 - Brin 


sin @ — (1 — cos 6 
sin (1 — cos 


[17] 


B 
+ — v’) cos 26 + (1 + cos 28} 


sin @ -— C, cos 0 + Cyr | 


in which log r/R is the natural logarithm. The constants (,, C, 
and C,; must be determined from boundary conditions for u and v at 
the root of the thread. The boundary conditions selected are 
those used by Sopwith, namely, u = v = Oatr = R,O6 = +8 
(Fig. 22), and u cos 8 + v sin 8 = Oatr = R, 0 = —8. Con- 
sideration of the radial movements of the threads indicates that 
the last of these boundary conditions is not exactly true, but it 
may be used to determine the effect of thread bending alone; the 
effect of the radial movements will be considered later. The de- 
flection needed is the value v = », at the contact strip where 


=. 

M. | ou 
A. 
~ 

Fro. 22 , 
| 

| 

|. A 

‘ 

| 
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r=cR,@ = +8. With C,, C2, and C; evaluated, this deflection is 


given by 
Boge + + v’) cos B 
sin B 
2B; l—e 
+ rR - (cos 28 — c)...... [18] 


The axial deflection of the contact strip is then —v,/cos 8, and 
this value is the same for both bolt and nut threads, provided both 
have the same form and the same elastic constants. Then the rela- 
tive axial movement between the roots of bolt and nut threads is 

w 


where 
loge + (1 —c) K Hloge | 
a [ 28 — sin 28 ¥ 28 + sin 28 | 
| 
+ Sin 28 — 28 cos 28 
[20] 
beet 
H = tan B tan (B— 4) = —* | 


The displacements due to radia! pressure between bolt and nut 
may be computed from Lamé’s formulas for pressures on thick 
cylinders. Let 


D,. = diameter of hole in bolt (usually Dp = 0) 


D, = outside diameter of nut or, if not circular, the diameter of 
a circle having the same area 


A, = average bolt area = , (D,2 — Do?) 


A, = average nut area = . (D,* — D,?) 
For convenience D, and D, are here taken equal to D, and the 
corresponding area A = wD*/4. Due to the radial pressure be- 
tween bolt and nut the radial displacement of the contact strip of 


the bolt is 
D{A 
— ta — 
B(4 n (B — ¢) 
and the radial displacement of the contact strip of the nut is 


D A 
tan (8 — #) 


Combination of these displacements leads to the relative axial 
separation of the thread roots 


DAH 1 \w 


The axial stresses in the bolt and nut also create radial dis- 
placements due to the effect of Poisson’s ratio. Taking s as the 
distance along the helix of thread contact measured from the free 
face of the nut, the radial displacement of the contact strip of the 
bolt is 


STOECKLY, MACKE—EFFECT OF TAPER ON SCREW-THREAD LOAD DISTRIBUTION 


E 2 
and the radial displacement of the contact strip of the nut is 


wds 


Combination of these displacements leads to a relative axial 
separation of the thread roots of 


vD 1 


The stresses which produce 6, and 5; may also be expected to 
cause a rotation of the threads of both the bolt and the nut, but 
the deflections caused thereby have been neglected since investi- 
gation shows that they are ordinarily small in relation to the 
others, and the rotation of the nut thread tends to nullify that of 
the bolt thread even if these rotations do exist. 

The axial elongation of one bolt thread due to the average axial 


tension in the bolt is 
a 
1 


while the axial shortening of one nut thread due to the average 
axial compression in the nut is 


a 
a 
BA, J 

An additional movement of the same sort is contributed by the 
axial strain caused by the radial pressures on fhe bolt and nut. 
However, for ordinary nut and bolt proportions, this effect is so 
minute that it may be neglected. 

Consider one of the threaded parts as having a constant taper ¢, 
where ¢ is the change in diameter per unit of length, positive when 
the thread clearance increases in the direction of increasing s. 


Then the effective change in pitch of the tapered member or rela- 
tive axial movement is 


tan 


It is convenient to define a constant k by the relation 


2kT 1 
t= +4) .. [23] 


in which T is the total tensile force applied to the bolt. The dif- 
ference between the pitch of the bolt and that of the nut due to 
axial stresses plus the effective change in pitch due to taper may 
now be equated to the increase in 6, + 5, + 4; in one pitch 


{24} 


It is advantageous to express Equation [24] in terms of the 
dimensionless variables z and w/w,,’ 


z= 
w, = 


in which s; is the total length of the thread helix in the nut, or 


. 


— 
; 
| 
fi 
: 


# = nD in terms of the number of threads n in the nut. 
further simplification let 


For 


L (26) 
Dat vtan B 


(3) 
Da 


where L is the nut length (L = na). 


p= 


Equation 24 may now be written 


d =) 2 w le 7 d 
+ ( 
dz \w, 4 Wa, o 


= —(q? p*)k.. (27) 


Differentiation gives 


+3 d =.) w 
q 
\w,, dz \w, af: 


and this equation may be solved with the aid of boundary condi- 
tions obtained from Equation [27]. Assume that contact be- 
tween bolt and nut takes place from z = 0 to z = zo. When con- 
tact takes place along the full length of the nut z = 1. When 
contact takes place only along part of the length of the nut x < 1 
and w/w, = Ofor 2) Sz <1. In either case 


[28] 
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7 dr=1.. 
0 Wa 


The boundary conditions become 


d{w w 
(a) atz = 0: (*) + 2p (*) k(q? p*) 
(b) at = (") 
dz 


Solution of Equation [28] together with Equations [30] yields 
the desired load distribution 


(30) 


w ow 
= — cosh gx — p sinh gr) 
sinh 


+ k {[qeosh 


Wn 


r) + psinh g(x — z)}} (31) 


The value of z» may be calculated from Equation [31], using 
the condition that w/w, = Oat 2 = zo; thus 7) must satisfy the 
relation 
kq 


inh 
p sinh gro) pas 


If the solution of Equation [32] gives a value of z» > 1, then 
obviously z> = 1 must be used in Equation [31]. If there is no 
taper k = 0, and Equation [31] reduces to 
w 
= (q cosh gx — p sinh gr) 


The curves in Figs. 3, 5, 7, and 9 through 19 were plotted from 
Equations [31], [32]. and [33]. 
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Catalytic Effect of Several Metals on the 
Oxidation of Lubricating Oils 


By D. W. SAWYER,’ NEW KENSINGTON, PA. 


Considerable evidence has accumulated to show that 
aluminum is especially well adapted for the construction 
of many types of equipment for handling lubricating oils 
such as sumps, coolers, pistons, pumps, crankcases, and 
tubing. Therefore, to gain more quantitative data, a 
study has been carried out at the Aluminum Research 
Laboratories to compare the effects of various metals and 
alloys on the properties of lubricating oils at several tem- 
peratures. On the basis of this investigation, it appears 
that aluminum alloys and stainless steel have only a very 
slight or no catalytic effect on the oxidation of mineral 
oils and are more resistant than many of the other metals 
evaluated. Copper and low-carbon steel were found 
definitely to have an adverse effect upon the properties of 
the oils. 


INTRODUCTION 


URING service, mineral oils deteriorate because they tend 
to react with the moisture and oxygen in the air. The 
rate of this reaction is greatly increased by heat. Also, 
as the temperature is raised, the oil becomes more and more sus- 
ceptible to the catalytic influence of metals, which further accel- 


Therefore, metals which do not catalyze such reactions and which 
have a high resistance to corrosion would be expected, in general, 
to be more suitable for fabrication of parts contacting oils than 
would metals not possessing these properties. Because of the 
work reported by other investigators and as preliminary tests 
carried out at these laboratories indicated that aluminum alloys 
did not act as a catalyst to promote the oxidation of lubricating 
oils (2), it was decided to carry out a somewhat broader investi- 
gation of certain commercial metals and alloys. 


anv Lupaicatine INvesTiGATED 


In order to obtain data regarding the relative effects of various 
metals and alloys on the oxidation of industrial lubricating oils, 
three oils broadly representative of those obtainable from Penn- 
sylvania, Mid-Continent, and Gulf Coast crudes were subjected 
to oxidation in the presence of moisture at 95 C, 120 C, and 150 C. 
In addition, the following five oils were also included in the inves- 
tigation to further broaden the over-all picture: 


1 An inhibited aviation motor oil (Pennsylvania base ). 
2 A straight uncompounded motor oi! (Mid-Continent base). 
3 A heavy-duty machinery circulating oil (red engine oil). 


TABLE 1 SOME PHYSICAL AND CHEMICAL PROPERTIES OF OILS USED 


Uninhibited general- 
oil peed 
U 
oil (Mid ntinent base) 
U (Gulf Const bam 
oil (Gulf 
a aviation motor oi] (Pennsylvania 


Straight uncompounded motor oil (Mid- 
Coatine nent base) 


(red 
pr 


erates the process of deterioration. These effects have been con- 
firmed by a number of investigators (1).* Furthermore, the 
compounds produced in the oil by this oxidation, or the presence 
of moisture entrained in the oil, may corrode the metals and 
thereby contaminate the oil. The sludge formed by the oxidation 
of the oil, together with the corrosion products of the metals, are 
often the cause of clogged oil lines, filters, and screens with result- 
ing bearing failures, as a result of the absence of the lubricant. 

‘ Research Chemist, Aluminum Research Laboratories, Aluminum 
ompany of America. 

* Numbers in parentheses refer to Bibliography at end of paper. 

Contributed by the Petroleum and Machine Design Divisions, and 
the Research Committee on Lubrication, and at the 
Semi-Annual Meeting, Toronto, Ont., Can., June 11-15, 1081, of 
Tae American Society or MECHANICAL ENGINEERS. 

Nors: Stat ts and opini advanced in papers are to be un- 
derstood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters on Febru- 
ary 2, 1951. Paper No. 51—SA-3. 


210 F 
43.0 
42.4 
41.5 

100.7 
4.6 
55.0 
43.9 
50.0 Negative 

4 An inhibited steam-turbine lubricating oil (oxidation sta- 
bilized). 

5 An inhibited steam-turbine lubricating oil (oxidation and 
corrosion stabilized ). 

The physical and chemical properties of these oils are listed in 
Table 1. 

The physical-chemical characteristics of the oils were studied 
after they had been subjected to oxidation in contact with a num- 
ber of metals. The following metals were included in the inves- 
tigation: 

1 Aluminum 28-0 

2 Aluminum 148-T6 

3 Aluminum 528-H34 

4 Copper 

5 Lead 

6 Low-carbon steel 


t 4 
4 
: 
Neutrali- 
sation Inter- 
number, facial 
tension, Viscosity Viscosity 
oil 
0.05 
0.05 
corrosion stabilized 0.03 
Steam-turbine lubricating oil (oxidation 
0.06 
113 
\ } 
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7 Stainless steel (18 chromium—8 nickel) 
8 Tinplate 
9 Zine 


In addition to the foregoing metals, a few exploratory tests 
were made with pure magnesium, magnesium alloy AM3S, and 
brass (68 copper—32 zine). Each of these metals was tested with 
one oil only. 


AND EXPERIMENTAL PRocEDURE 


The oxidation was carried out in an apparatus proposed by the 
American Society for Testing Materials for studying the charac- 
teristics of turbine oils (3). The apparatus and test procedure 
were somewhat modified for this work. A schematic diagram of 
the apparatus used is shown in Fig. 1. The oxygen is saturated 
with moisture by bubbling through distilled water in an aspirator 
bottle A. The moist oxygen then passes through flowmeter C, at 
the rate of 3 liters per hr. This flow is regulated by a stopcock B. 
The oxygen passes into an oxygen inlet tube F, and is broken up 
into small bubbles by means of a fritted glass plate at the bottom 
of the tube. A 300-cc sample of oil is placed in the oxidation cell 
E, which is 600 mm long and 45 mm diam. Sheet test specimens 
(10 X 15 cm in size) of several different metals bent in the form of 
square tubes were used. These tubes G, were bent so as to rest on 
the fritted glass part of the oxygen-inlet tubes. Any volatile ma- 
terials evolved during the test are condensed by means of a mush- 
room condenser D, and returned to the system. The condenser 
is protected against cracking by means of a felt pad H. 

The oxidation cells, oxygen-delivery tube, and mushroom con- 
denser were cleaned by the procedure outlined in the proposed 
oxidation test for studying the characteristics of turbine oils (3). 
Briefly, this consisted of using cleaning solution, rinsing well with 


DISTILLED WATER 


GLASS BEADS 


FRITTED Giass 


Fie. 1 Apparatus Usep tn Stupyine Catatytic Errect or Vart- 


ovs Metats Upon Oxtpation or Mryerat Oris 
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tap water, then with acetone, and rinsing twice with distilled 
water. Before using, the cell containing the delivery tube was 
filled with distilled water and allowed to stand at least overnight. 
This cleaning procedure eliminated the possibility of contamina- 
tion by either organic or inorganic material. 

The prepared specimens (see Appendix) were d, slid over 
the oxygen-delivery tubes, and allowed to rest on the fritted-glass 
outlets. After placing the specimen and delivery tube in the 
oxidation cell, 300 ml of oil was poured over the specimen into the 
cell, wetting the specimen completely with oil. The oxidation cell 
was placed in an oil bath at the desired temperature to such a 
depth that the oil in the bath was about 2 in. above the oil level in 
the cell. The mushroom condenser, fitted with a felt pad, was 
placed over the delivery tube and cell and connections made to the 
cooling water. Before connecting the oxygen-delivery tube to 
the flowmeter, the cell was allowed to reach the temperature of 
the thermostat. This required about 15 min. The rate of flow 
of the oxygen was adjusted to 3 liters per hr, and the time when 
the oxygen was turned on recorded as the starting time of the test. 
Small oil samples were withdrawn from the cell at suitable inter- 
vals and their neutralization numbers determined. Except for 
the tests carried out at 95 C, the oxidation was continued until a 
neutralization number of 2.0 was reached, at which time the test 
was stopped. In the case of the tests carried out at 95 C, the 
test was stopped after 280 days if, in the meantime, the neutrali- 
zation number had not reached 2.0. This was done in order to 
place a reasonable time limit on these tests. The neutralization 
numbers were determined by the American Society for Testing 
Materials electrometric method (4). 


Oxipizep-O11 Properties DeTeRMINED 


At the conclusion of each test the chemical and physical prop- 
erties of the oils were determined, as given in Table 2. 


TABLE 2 METHODS USED IN DETERMINING CHEMICAL AND 


PHYSICAL PROPERTIES OF OILS 
Property Units Methods used 
Neutralization value..... Milligrams of KOH/g oil ASTM D664-46T 
Interfacial tension n value . Dynes/centimeter STM D971-48T 
Viscosity... . . Saybolt seconds at 100 F ASTM 
Viscosity Gapnent seconds at 210 F ASTM 


i D 
Color num omens Units ASTM DissasT 


Per cent Continental Oil Co.* 

Naphtha insolubles ; Per cent Continental Oil Co.* 

Chloroform solubles of......... 
naphtha insolubles Per cent Continental Oil Co.* 


* L. L. Davis, Petroleum Refiner, April, 1942. 

The neutralization value of an oil is a measure of the deteriora- 
tion or the oxidation that has taken place. 

The interfacial-tension value is also a measure of the deteriora- 
tion. The interfacial-tension values are a little more reliable in 
disclosing the amount of deterioration than is the neutralization 
value, particularly at the beginning of the oxidation. 

The increase in viscosity, resulting from the oxidation reac- 
tions, is also a measure of the extent of breakdown of the oils. 

Although the importance of color changes in the oil is many 
times overemphasized, these changes are an indication that some 
reaction has taken place. 

The chloroform-insoluble values are an approximate meas- 
ure of the total solid contaminants of the oil, although they 
do not indicate the nature or source of the contaminants. The 
naphtha-insoluble values of the used oil are not in themselves 
very useful. However, they are used in conjunction with the 
chloroform-insoluble values, the difference between these two 
values representing the “asphaltene” or asphaltic-resin content of 
the used oil. These asphaltenes are a measure of the oil-oxidation 
products approaching insolubility and which, if oxidized further, 
may precipitate out as sludge, lacquer, or varnish. The value 
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for the chloroform-soluble portion of the naphtha insolubles, in 
general, can be correlated with the amount of varnish on the pis- 
ton of an engine; that is, a large chloroform-soluble value in gen- 
eral will indicate large amounts of varnish and adherent sludge. 

The loss in weight of the metai specimen is a measure of the 
reaction that has occurred between the metal and the moisture 
and oxidation products. 


EXPERIMENTAL ResuLts 


Tables 3, 4, and 5 are typical examples of the results obtained 
in this study. These tables disclose the effect of various metals 


TABLE 3 EFFECT OF METALS ON OXIDATION OF UNINHIBITED sTRA Alc 
USED OIL PROPERTIES AND WEIGHT CH 


PERER 


(A) Reavy sludge in and on specinen. 


TABLE 4 EFFECT OF VARIOUS METALS ON OXIDATION OF UNINHIBITE 
USED OIL PROPERTIES AND 


GULF COAST BASE, AT 120 C. 


Lose in Interfacial 

Weight of 

2.02 
0,0016 1.98 u.s 
0,004 


TABLE 5 EFFECT OF VARIOUS METALS ON OXIDATION OF MeL Lig 
USED OIL PROPERTIES A 


MID-CONTINENT BASE, AT 150 C. 


Days 
— 
145-T6 


Ko. Tension Viscostt 


and alloys upon the oxidation of various oils, and of the oxidized 
oils upon the various metals. In order to compare the mutual 
effect of the metals and oils, four of the more significant oil prop- 
erties and the weight losses of the metals were expressed in values 
representing the change in property of oils per day, and volume 
loss of metal per unit area per year. To obtain a clear idea of 
these values, bar graphs were drawn. Typical examples of these 
graphs are shown in Figs. 2 through 6. In order to obtain a bet- 
ter over-all picture, these data have been further condensed in 
Figs. 7 and 8. Fig. 7 is a bar graph in which the changes in prop- 
erties caused by an: one metal on six oils at 150 C have been av- 


iHT MINERAL OIL, 
‘GES OF SPECIMEN 


PENNSYLVANIA BASE, AT 95 C. 
8s 


Viscosity Raphtha 


ESEES 


BEE 


GES OF SPECIMEN 


Chlorefors 
Solubles of 


| 


POSE STRAIGHT MINERAL OIL, 
NGES OF SPECIMENS 


1.20 


Loss in Interfacial Selubles ef 
Weight of WNeut, No, Tension Viscosi Naphthe Chlerefors 
Aluminum 25-0 0.0216 0.9% 2.7 ? 3.8 
Aluminum 145-16 0.0254 12 23 7 
Aluminum 523-80 0.0213 0.88 83 0.7 
Copper 0,136 2.03 5.2 1m 
Glass 1.20 5.9 43.6 
0.40 0.9 4.7 7 tok 43.6 
Steel-Low Carbon 0.4906 249 w.8 a, 29 
Steel - Stainless 0.0115 1.0 1.3 7 41, 3.7 
Time 13.0170 0.61 15.8 ? 163 43.6 
WEIGHT CH 
ays Viscceity Naphthe 
Aluminum 148-6 uo 42.6 ous 
Glass uz 2.43 4.0 172.2 0.9 8 4.0 0,56 
Tinplate 0.16 2.6 4.2 1% es 0.67 
75 cee of makeup oi) during oxidation, 
ND WEIGHT © 
0,056 2.28 6.5 ean. Y2 175.8 0.5 
525-104 0.0028 29 6a @ au, 69.5 
Copper 0.1058 7 al. 1/2 27.9 8 
2.09 6.0 an. 1/2 17.8 
0,02 2.09 as en. 2 168.2 3.9 
Steel-Low Carban 0.0240 2.09 93 
‘Tinplate 0.0008 2.02 6.7 ean. 12 19.6 43.2 
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eraged. Fig. 8 is a similar chart for data obtained with five oils at 
120 C. On these two graphs, the maximum and minimum 
changes encountered in the oils have also been shown. 

In general, copper and low-carbon steel stand out as definitely 
having an adverse effect on the oxidation of oils. From a corro- 
sion standpoint, copper, lead, and zinc were less resistant to cor- 
rosion than were the other metals and alloys tested. However, 
the aluminum-base alloys and stainless steel were outstanding, 
being in all cases as resistant to corrosion as any of the metals 
tested, as well as having little or no adverse effect on the oxida- 
tion of the cils. 

Low-carbon stee) was less resistant to corrosion at 120 C than it 
was at 150 C. In a number of cases, pure magnesium, magne- 
sium AM38, and tinplate were also less resistant to corrosion than 
the other metals and alloys. It may be of some interest to note 
that the aluminum-base alloys appeared to have less catalytic 
effect on the oxidation of several of the oils than did the oxidation 
of these oils in glass in the absence of any metals. 


Errect or TemMPeRaTURE 


Because of the variation in composition of the oils, it was found 
that the relative catalytic effects of the metals varied with the 
type of oil and with the temperature of the test. However, based 
on data at 95 C, 120 C, and 150 C, it appears that temperature, 
which had an effect on the catalytic characteristics and resistance 
to corrosion of many of the metals and alloys, had little or no ef- 
fect upon the aluminum-base alloys and stainless steel. In gen- 
eral, the magnitude of changes in properties of the oils oxidized at 
95 C was less than for the same oils oxidized at 120 C and 150 C. 
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SURFACE AREA OF - 


Fie.9 Evrrect or Various Ratios or ALUMINUM 28-O anp Copper 
on OxipaTion oF Motor O11, Pennsyivanta 
Base, av 150 C; Cuance in Proverties or Per Day 


Errect or Various Area Ratios oF Copper AND ALUMINUM 
28-0 


As shown in Figs. 9 and 10, laboratory tests made with various 
ratios of surface areas of aluminum 2S-O and copper indicated 
that the catalytic effect was dependent upon the amount of cop- 
per present and increased with the increase in surface area of 
copper. 


SUMMARY 


Based on tests made.with eight types of oils, it has been shown 
that aluminum-base alloys and stainless steel have very little or 
no catalytic effect on the oxidation of lubricating oils and are 
more resistant to corrosion by these oxidized oils than many of 
the other commercial metals tested. Copper and low-carbon 
steel were found to accelerate oxidation of the oils markedly. 
Copper, lead, and zine, in general, were corroded to a much greater 
extent than were any of the other metals. In a number of cases, 
low-carbon steel, pure magnesium, magnesium AM3S, and tin- 
plate were also less resistant to corrosion than the others. It 
should be pointed out that some of the metals, such as lead and 
zinc, were corroded to a greater extent by some oils than by others. 
However, the aluminum-base alloys were found to be resistant to 
corrosion in all cases. 

The catalytic effect of the various metals increased with in- 
creasing temperature. This increase in catalytic effect in general 
was paralleled by an i in the t of corrosion of the 
metals. There were notable exceptions to these general conclu- 
sions, especially in the case of the aluminum-base alloys and stain- 
less steel in that none of these metals had any appreciable cata- 
lytic effect on the oils nor did they show any appreciable corro- 
sion. 
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Fie. 10 Errect or Various Ratios or ALuminum 28-O anv Cop- 


PER ON OXIDATION oF Straicut Uncompounpep Moror O11, Mip- 
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The catalytic-effect of a metal appears to be dependent upon its 
surface area. This is borne out by the tests made with different 
areas of the aluminum alloy 28-O and copper simultaneously in 
contact with the oil. It was found that the catalytic effect on the 
oil was dependent only on the area of the copper. The presence of 
aluminum alloys in these tests seemed to be entirely without ef- 
fect. 
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Appendix 


Surrace PREPARATION OF MeTAL SPECIMENS 

All metal specimens before exposure were degreased in trichlo- 
roethylene vapor and then given one of the following treatments: 

1 Copper sp were cl d by rubbing with Bon-Ami 
until bright, rinsing well with water, and dried. 

2 Low-carbon steel specimens were immersed in a 10 per cent 
hydrochloric-acid solution containing 1 per cent Rodine No. 50 for 
about 1 hr. This treatment, which removes the mill scale, was 
followed by rubbing the specimen with steel wool to remove any 
rust. 

3 Aluminum-(28-0, 148-T6, and 52S-H34) alloy specimens 
were cleaned in concentrated (70 per cent) nitric acid. 

4 Stainless steel (18 chromium—8 nickel), tinplate, zinc, and 
lead were not given any further preparation after degreasing. 

5 Magnesium specimens were immersed in a 2 per cent acetic- 
acid solution at room temperature for about 1'/; min. 


Metnop oF RKemovinc Corrosion Propucr From Exposep 
MerTAL Specimens 


Before determining the weight changes of the exposed speci- 
mens, all of the specimens were degreased in trichloroethylene 
vapor and then given one of the following treatments: 


1 Copper specimens were immersed in 10 per cent hydro- 
chloric acid containing | per cent Rodine No. 50 for about 3 min. 

2 Low-carbon steel specimens were immersed in 10 per cent. 
hydrochloric-acid containing 1 per cent Rodine for about 1 hr. 

3 Stainless-steel (18 chromium—8 nickel) and aluminum- 
(28-0, 148-T6, and 528-H34) alloy specimens were immersed in 
concentrated (70 per cent) nitric acid for about '/; hr. 

4 Zinc specimens were made cathodic in a citric-acid bath (30 
grams of citric acid per | of distilled water), using a platinum 
anode, and enough direct current applied to obtain a vigorous 
evolution of hydrogen gas. 

5 Tinplate specimens were immersed for 10 min in a boiling 15 
per cent solution of trisodium phosphate. 

6 Lead specimens were cleaned with acetone. 

7 Magnesium specimens were immersed for 1 min in a 10 per 
cent chromic-acid plus 1 per cent silver-nitrate solution at 90 C. 


Discussion 


R. Baupry.’ In most applications of lubricating oils to ro- 
tating electric machines, the lubricant reaches its highest tem- 
perature in the oil film where it is usually in contact with a med- 
ium-carbon-steel journal and a low o1 high-tin-base babbitt. 
The high-tin-base babbitt is used on high-speed applications, where 
the temperature of the oil film is of the order of 80 C. 

When external cooling is used, the oil is circulated through a 
heat exchanger made of copper-alloy tubes. On some applica- 
tions, such as water-wheel generators, water is circulated through 
a copper cooling coil immersed in the oil sump. 

Years of experience have shown that such practices are satis- 
factory. This is probably due to the fact that in the various 
type of heat exchangers the oil film in contact with the copper or 
copper-alloy tubes is at a temperature approaching that of the 
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cooling water, which is usually near 20 C and very seldom above 
30 C, 

The only cases of excessive oil sludging, which have come to the 
writer's attention, are with self-cooled journal bearings in which a 
wartime alloy having less than 2 per cent tin was used. Tests 
have shown that babbitt alloys with more than 2 per cent of tin 
are satisfactory. 

The experiences mentioned indicate that the catalytic effect ob- 
served by the author, with copper and steel, is very small at low 
operating temperature. If catalytic effects at temperatures as 
low as 20 C have been determined, their publication would be very 
desirable. This is because it would permit the designer to deter- 
mine at which temperature materials having low catalytic effeets 
should be used if long life of lubricating oil is desired. 

In the case of high-temperature operating conditions, aluminum 
cooling coils could be used. However, in such application the 
corrosion resistance of aluminum in contact with alkaline or 
brakish water should be considered. It would be appreciated if 
the author could give some references related to the corrosion re- 
sistance of aluminum for the foregoing application. 


Sapin Crocker.‘ The author has called attention to a neg- 
lected subject that warrants more careful consideration than it 
has been given heretofore. While the present paper is limited to 
the effect of different metals as catalyzers in the oxidation of 
lubricating oils, as determined by laboratory test, it also serves to 
open for discussion other problems associated with the use of these 
metals in lubricating systems. In pointing out certain deficien- 
cies and limitations of the paper as applied to steam-turbine 
lubricating oils, the writer intends to do so in a helpful spirit of 
facing the facts as he sees them rather than criticizing the author's 
obviously good intentions. 

The oil temperatures used in the author's tests were 95 C, 120 C, 
and 150 C. The corresponding Fahrenheit temperatures are 
203 F, 248 F, and 302 F. It would have been desirable if these 
Fahrenheit values had been furnished in parentheses following the 
respective Centigrade figures to give the reader a better idea of 
the relations discussed. Most mechanical engineers in this 
country think in degrees Fahrenheit rather than degrees Centi- 
grade. In this particular case the use of degrees Centigrade 
might obscure the fact that the actual operating temperature of a 
turbine lubricating-oil system of the circulation type is of the order 
of 120 F to 150 F rather than the 200 F to 300 F which might be 
inferred from the subject paper. 

The ASTM “Proposed Method of Test for Oxidation Charac- 
teristics of Steam-Turbine Oil,” reference (3) of the subject paper, 
uses an oil temperature of 95 C (203 F) which, presumably, al- 
though not so stated, is intended to give an accelerated test. The 
author has conducted tests at 203 F, 248 F, and 302 F. It would 
be of interest if he could, or would, extrapolate his results into 
the 120 F to 150 F range, or at the outside, 110 F to 160 F, usually 
encountered in steam-turbine lubricating-oil systems. Inci- 
dentally, the writer would suggest that reference (3) be brought 
up to date by referring to ASTM Standard D943-47T for “Oxida- 
tion Characteristics of Inhibited Steam Turbine Oils,” rather than 
to an outdated committee report of 1943. 

The author lists different lubricating oils together with some 
physical and chemical properties of each. Unfortunately, the 
test results are so abridged that there is no opportunity for the 
reader to make direct comparisons between oils or between tem- 
peratures. For example, Table 3 of the paper is for one oil at a 
temperature of 95 C, Table 4 is for second oil at 120 C, and 
Table 5 is for a third oil at 150C. As a result, it is impossible for 
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the reader to try plotting results for any one oil at several test 
temperatures in order to extrapolate results toward a lower oper- 
ating temperature range. Another example of over abridgment 
is the omission of results for turbine oils from any of the tables. 
Referring to the bar graphs of Figs. 2 to 8 inclusive, no values for 
individual! oils can be identified. 

The shortcomings mentioned probably are due to a combina- 
tion of two things: (a) Oversimplification by the author on the 
supposition that minimum, maximum, and average values would 
suffice without identifying results with the individual oils; and 
(b) space limitations. The writer feels that this condensation has 
impaired seriously what otherwise might have been a most useful 
paper. In fact, the paper as presented seems to discredit the use 
of steel and copper pipe and tubing in turbine lubrication-oil 
systems whereas the successful use of these materials is well 
demonstrated in actual service. The writer urges that these 
doubts either be dispelled or proved true in the following respects: 


1 How did inhibited steam-turbine oils behave on test as 
distinguished from the other lubricating oils tested? 

2 What is the relation between behavior on test at 200 F to 
300 F and behavior to be expected in actual operation at 120 F to 
150 F? 

3 Does the author intend to imply that steel or copper pipe 
and tubing are unsuitable for use with inhibited steam-turbine 
oils at operating temperatures of 120 F to 150 F? 


The writer is inclined to feel that the author, in seeking to give 
aluminum a clean bill of health as a catalyzer for lubricating oils, 
perhaps overdid the matter at the expense of reflecting uninten- 
tionally on the suitability of other materials that have been per- 
forming well in service. Furthermore, at least one of these other 
materials, steel, is highly regarded for this application because of 
its strength and fire-resistant properties. 

In this connection, attention is called to the following require- 
ments quoted from paragraph 155 of the Power Section of the 
American Standard Code for Pressure Piping, ASA-B31.1—1951: 

“On all such oil lines (lubricating oil lines immediately con- 
nected to steam turbines using steam at temperatures over 500 F, 
or sufficiently near another line conveying hot material to cause 
danger of fire if the oil pipe line fails), seamless steel pipe shall be 
used and all joints shall be made by welding—or joining by bolted 
steel flanges lapped or welded to the pipe and supplied with oil- 
proof gaskets or gound joints. In marine practice and for 
certain special purposes, copper tubing for lubricating oil lines 
is in satisfactory use but the possibility of failure due to vibration 
calls for the above limitations except under special conditions, for 
which special rulings should be obtained from insurance com- 
panies or other authorities.”’ 

Attention also is called to the successful use in steam turbines of 
copper and brass tubes in the lubricating-oil coolers, and of bab- 
bitt-lined bronze sleeve bearings. 

It would be of interest to have the paper amplified to cover the 
foregoing points. 


T. G. Rowuner.* The data presented by the author shows 
quite definitely that the aluminum alloys and stainless steel 
tested have relatively little effect on the rate of oxidation of 
mineral oils in the presence of moisture at temperatures up to 
150 C. The selection of various types of oils and a wide range 
of temperatures was a wise one, since chemical compositions and 
temperatures have a definite effect upon the degree and direction 
of hydrocarbon-oxygen reactions. The investigation of oils 
representing a cross section from naphthenic to paraffinic there- 

* Socony-Vacuum Laboratories, Technical Service Department, 
Brookiyn, N.Y. 
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fore insured that the alloys would be subjected to the most severe 
conditions possible with straight petroleum products under 
the conditions of test. The conclusions reached, i.e., that the 
aluminum alloys and stainless steel investigated would be ex- 
pected to have low corrodability and catalytic effect, are therefore 
probably valid. 

Some supporting evidence with respect to this conclusion might 
be presented here. Tests on aluminum in the absence of water 
have indicated a similar lack of reactivity in the oxidation of 
petroleum oils. Shown in Fig. 11 of this discussion are data ob- 
tained by subjecting an acid-refined mid-continent oil to a 
temperature of 120 C in the presence of the various metals indi- 
cated. It will be observed that aluminum had no appreciable 
effect on the oxidation rate in this test. 
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The results illustrate the general belief that metals capable of 
reacting at two or more valence levels are oxidation promoters as 
far as hydrocarbons are concerned. These data differ from those 
obtained by the author only in the case of lead. The explanation 
of this apparent discrepancy is not clearly evident. It is possible 
that the presence of moisture might have a poisoning effect on the 
ability of lead to catalyze oxidation. Whatever the underlying 
reason for the differing results, it has been our experience and that 
of other investigators that, in laboratory and field tests, lead has « 
marked tendency to accelerate o'l deterioration. 

We would like to comment on the use of interfacial tension as a 
measure of oil deterioration. In laboratory tests under con- 
trolled conditions, where no contaminants enter the system, the 
use of this test may be indicative of the formation of oxidation 
products. In actual service, however, the results may be mis 
leading. The introduction of rust inhibitors, admixture with 
oxidized or used oil, leakage of cooling water containing polar 
salts, and similar factors entirely normal and common in indus- 
trial units, have a definite effect on the results of this test. Ex- 
perience has indicated that the use of the normal tests for evalu- 
ating the condition of an oil in service is sufficiently accurate for 
this purpose, particularly when they are studied as an entity 
rather than by single tests. 

In conclusion, it might be pointed out that while the catalytic 
effects of pure metals have been intensively studied, investigation 
of alloys rather than bearing metals has been neglected. Thir 
paper is of value in presenting data on constructional alloys and 
as such is « valuable contribution to existing data. 


CLosuRE 


The prepared discussions by Messrs. Baudry, Crocker, and 
Roehner are greatly appreciated. These remarks have materially 
added to the usefulness and value of the paper. 
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Mr. Baudry’s remarks relative to the decreasing catalytic effect 
of various metals at low operating temperatures confirmed our 
observations. We have not carried out any extensive laboratory 
investigations at low temperatures primarily because such long 
periods of time are necessary to carry out such tests, 

With respect to Mr. Baudry’s request for references relating to 
the corrosion resistance of aluminum alloys to brakish or alkaline 
waters we are listing several references.%7* 

Mr. Crocker points out that the temperatures used in our tests, 
namely, 95 C (203 F), 120 C (248 F), and 150 C (302 F), are 
higher than those normally encountered in steam-turbine lubri- 
cating-oil systems. Although the test conditions used in this 
study were accelerated for some applications such as in steam- 
turbine lubricating-oil systems, the temperature range covered 
would not be accelerated in some applications as, for example, in 
automotive and Diesel crankease oils. The magnitude of changes 
in the properties of the oils at 49 C to 66 C (120 to 150 F) would 
be expected to be much less than the temperature range used in 
the test. However, even at this lower temperature range, metals 
such as brass and copper would be expected to have an apprecia- 

* “Resistance of Aluminum Alloys to Fresh Waters,” by D. W. 
Sawyer and R. H. Brown, Corrosion, vol. 3, 1947, pp. 443-457. 

’ “Resistance of Aluminum-Base Alloys to Marine 
by R. B. Mears and R. H. Brown, Transactions of the Society of 
Naval Architects and Marine Engineers, vol. 52, 1944, p. 91. 

* “Designing to Prevent Corrosion,”’ by R. B. Mears and R. H. 
Brown, Corrosion, vol. 3, no. 3, 1947. 
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ble catalytic effect upon the oxidation of lubricating oils when 
compared to a number of other commercial metals, 

The author would like to point out that the test results covered 
in this paper were intended to cover the general over-all picture of 
the catalytic effect of various metals upon the oxidation of 
lubricating oils and was not meant to be confined to steam-tur- 
bine oils. In addition, it was not our intent to imply that steel, 
or copper pipe, or tubing are unsuitable for use with inhibited 
steam-turbine oils but rather to show that other metals such as 
stainless stee) and aluminum-base alloys have less catalytic 
effect upon the oxidation of oils. 

Two inhibited steam-turbine oils were included in our investiga- 
tion and the results obtained with these oils were in line with the 
results obtained with other oils. The results obtained with these 
vils at 150 C (302 F) are given in Tables 6 and 7. 

As requested by Mr. Crocker, we are including Tables 8 and 9 
which together with Table 5 give the results of the oxidation of an 
uninhibited general-purpose straight mineral oil, Mid-Continent 
base, at 95 C (203 F), 120 C (248 F), and 150 C (302 F). These 
results are typical of the results obtained with other oils at the 
three temperatures, 

Mr. Roehner’s contribution supporting the conclusions reached 
in the paper is gratifying. It is also not quite clear to us why a 
discrepancy exists between our data and those presented by Mr. 
Roehner in the case of lead. However, we would like to point 
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out that as can be seen in Figs. 7 and 8, in general our tests re- 
sulted in high corrosion rates for lead but low increases in neu- 
tralization values. This may be attributed to the reaction of the 
lead with organic acids formed from the oxidation of the oils to 
form lead soaps. 
analyzed and found to contain appreciable amounts of lead. 


Several filtered samples of oil and sludge were 
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cently some work carried out by other investigators analyzed 
some sludge formed during the oxidation of oil at 150 C in the 
presence of lead and found it to be a basic lead salt of two or 
more organic acids.* 

* “The Role of Peroxides in the Corrosion of Lead by Lubricating 


Oils,” by B. 8. Wilson and F. H. Garner, Journal of the Institute of 
Petroleum, vol. 37, 1951, pp. 225-238. 
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Piping Flexibility Analysis by Model Test 


By LALE C. ANDREWS,' NEW YORK, N. Y. 


During the past 10 years, model-test flexibility analyses 
of piping systems have been made, under the author’s 
direction, for nearly a hundred oil, power, and chemical 
companies, and for two navies. Herein are described 
briefly the scope of the work, the apparatus and methods 
employed, and a few observations on design. 


HEN the great empirical inventor, Thomas A. Edison, 
W ricanat a building, his engineers were accustomed 

to go about designing it in the usual manner; but, be- 
fore the drawings were approved for construction, a scale model 
of the structure was built and proportionately loaded to simulate 
expected conditions. 

To obtain useful information from this procedure, it was neces- 
sary to know the laws of similitude as they apply to beams, to 
columns, and to frames. In short, it was necessary to know as 
much about structural analysis as is required by the profession 
in the design of a building. Presumably, Mr. Edison knew this. 
Presumably also, what he doubted was his engineers’ more com- 
plete knowledge of the intricate, mutual interaction of all the 
members of the three-dimensional! structure. 

The flexibility analysis of an intricate piping system under 
thermal expansion is a similar problem. The loads imposed 
upon the structure are its own weight, the weight of any loads 
supported by the piping, the wind, and reactions at the restraints 
due to the increase in length of each element of the system as its 
temperature rises. 

The reactions, deflections, and stress effects of all these forms 
of loading are obtainable both by calculation and by tests of scale 
models. The mathematical analysis for all of these problems 
has been developed for the general cases to a degree of complete- 
ness sufficient for present-day engineering purposes. Theoreti- 
cally, a piping system of any complexity, composed of any 
number of different materials, and subjected to any combinations 
of temperature conditions, and other forms of concentrated and 
uniform loading, can be analyzed for flexibility as a complete 
beam structure by mathematical methods now in daily use. 

In adapting the theory to routine solutions, however, a prac- 
tical limit is soon reached owing to the arithmetical labor in- 
volved. The determination of the end reactions resulting from 
thermal! expansion alone, of a single branch pipe line in three 
dimensions, requires the solution of six simultaneous equations. 
Each additional side branch increases the number of equations by 
six, and increases the work required for their setting up and 
solution almost in proportion to the square of their number. 
In those methods wherein the three moment equations for each 
point of fixation are resolved into the force equations, a more 
or less corresponding effort is required for the resolution. The 
analysis of piping systems of four points of fixation, involving the 
solution of 18 simultaneous equations is at present about the 
practical limit for the mathematical approach; though methods 


' Pipe Stress Analyst and Consultant on High-Temperature Piping, 
The M. W. Kellogg Company. 
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are now in use by the author’s company that extend this range for 
certain types of systems, by breaking the problem down into 
several sets of fewer equations. The use of high-speed automatic 
calculating machines, of course, would increase vastly the scope 
of the mathematical methods; perhaps even adapting those now 
used exrlusively for pipe lines to other structural problems. 

The present limitations of mathematical methods, however, 
and the increasing complexity of the piping systems presented 
by the power, oil-refining, and chemical industries have given 
rise to the use of the scale model as a means of solving the more 
intricate layouts. The model-test method is also particularly 
adapted to solving problems where a number of trials involving 
minor changes in design become necessary to achieve some particu- 
lar effect such as meeting the reaction limitations at a turbine- 
inlet nozzle. In this case, changes in the model configuration 
can be made without removing the model from the apparatus 
and only such readings need be taken as directly affect the 
quantities concerned. 

The principle employed in the model test method described 
herein is that of displacing the ends of the model pipe line with 
relation to each other and measuring the end reactions due to this 
springing of the model. The displacements applied are propor- 
tional to the calculated free thermal expansion between corre- 
sponding ends of the actual pipe line. The forces and moments 
thus created at the ends of the model are proportional to those 
applied to the end anchors by the pipe line under actual thermal 
expansion. 

The model may be constructed of either solid rod or tubing of 
any material of uniform modulus of elasticity, regardless of the 
material of its full-sized counterpart. Cold-rolled steel rod of 
a quality that is readily bent cold and brazed has been found 
satisfactory for most tests. Where the flattening effect of the 
curved or mitered portions of the pipe is an important factor, 
steel tubing may be used. However, the wall thickness - pipe 
diameter - bend radius relationship that determines the flexibility 
factor of the curved members, and the necessity of building the 
entire model to a length scale determined by the bend radius, 
limits the use of tubing to models in which such relationships 
result in practical dimensions. Where several pipe sizes are 
involved, the necessary requirements are sometimes impossible 
to meet as the required tube walls for a practical length scale 
may be of foil thickness. Add to these problems the manufac- 
turing tolerances permitted in diameter and wall thickness, 
and the virtues of solid rod become apparent. 

In single-plane systems, the increased flexibility may be 
achieved by the use of rods of proportionately smaller diameter for 
the curved members. However, their use in three-dimensional 
layouts introduces an increased flexibility in torsion which, ac- 
cording to theory and test data available, does not exist. 

Thus, in three-dimensional systems, the use of solid-rod models 
offers a choice of end reactions that are too high or too low in 
some variable proportion to the number, flexibility factors, and 
positions of the different curved members. Practically, this elu- 
sive error does not present such a serious problem as might be 
imagined. If the same-size rod is used for both straight and 
curved portions of the model, the error is on the safe side and is 
seldom very large. It constitutes an additional! small, indefinite, 
but certain factor of safety. The actual effects of various com- 
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binations of these elements have been published elsewhere (1).* 

Three separate scales are employed in a pipe-model test, ie., 
one of length, one of stiffness (or £/), and one of expansion or 
displacement. The first two determine the proportions of the 
model, and the third determines the proportion of the full-scale 
expansion that will be applied as movement to its ends. The 
first factor of the // scale, the modulus of elasticity, accounts for 
the materia] of the pipe and its temperature. The moment of 
inertia takes care of the dimensions of the pipe. 

The length scale is chosen for convenience in fitting the model 
to the dimensional requirements of the apparatus. This value 
usually varies in the range from '/, in. = 1 ft to 1 in. = 1 ft, but 
seldom works out to any such even figure. 

The stiffness or EJ-seale has more ramifications. Once the 
length scale has been determined, it is convenient to have the 
model sufficiently stiff to bear its own weight without undue 
deflection, yet sufficiently flexible to avoid excessive forces on the 
measuring units. Hence the choice of rods is confined, if possible, 
to a range of sizes that will satisfy these two requirements. 
Where only one pipe size, temperature, and material are involved, 
any convenient rod size may be used. Where, however, more 
than one of any of these factors is involved, the ratio of the prod- 
ucts of the moment of inertia and the modulus of elasticity of the 
various portions of the pipe line must be maintained in the model. 
A range of rod diameters from '/s inch to '/; inch, varying by 
64ths, has been found to accommodate practically all combina- 
tions of pipe sizes that are likely to be tested as mutually inter- 
acting branches. Drill rod is used to fill in the gaps for special 
applications. Carefully fitted brazed joints have been found 
entirely satisfactory for this work. 

End fixation is of extreme importance. It has been shown by 
mathematical analysis that a rotation of the end of a stiff pipe 
line of as little as 3 min of ate will often reduce the end reactions 
and combined stress in the line by as much as 50 per cent. Hence, 
to insure fixation, it has been found desirable to silver-solder each 
end of the model into a drilled block suitable for attaching firmly 
to the measuring unit. 

It has been argued that the ends of the actual pipe line are not 
fixed to so fine a degree. However, it is fundamental in any type 
of analysis that, where a quantity cannot be determined with any 
exactitude, it should be eliminated as a factor and later intro- 
duced, if desirable, as an indefinite value between established or 
assumed limits. 

The rods are bent cold, but the bends are stress-relieved to 
avoid erratic readings resulting from the gradual release of locked- 
up stresses. Stress-relieving may be accomplished by heating, 
though, in most cases, flexing each bend back and forth several 
times is sufficient 


Tue Testinc Apparatus 


The model testing apparatus, as shown in Fig. 1, consists of a 
supporting framework to which may be attached the mechanical 
units for displacing the ends of the model, and the electrical units 
for measuring the resulting reactions, an electrical control panel, 


and galvanometer. Equipment is available for accommodating 
piping systems up to 12 points of fixation, with seven intermedi- 
ate partial restraints. The mathematical analysis of such a 
system would require the solution of 73 simultaneous equations. 
Equipment is available for building additional intermediate re- 
straints to any required number during the progress of a routine 
teat. 

The framework consists of four machined tubular-stee] posts, 
extending from floor to ceiling. Between each pair of posts ex- 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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tend two machined tubular arms, removably clamped to the posts, 
to form a rigid, boxlike structure. To the arms and to the 
posts, other shorter arms may be clamped so as to give access 
to any point in space within a radius of from 5 to 7 ft. Auxiliary 
equipment extends this reach to any point in the room. 

The arms are splined to receive the micrometer units for apply- 
ing the component displacements to the ends of the model in the . 
directions of the co-ordinate axes. 

These units, replacements for which are now being built, will 
presently consist of three mutually perpendicular slides, each of 
which is operated by a heavy ground and lapped micrometer 
lead screw with thimble graduated in thousandths of an inch. 
The slide ways are ground and hand-scraped to ten-thousandth 
dimensions to avoid any possibility of undesired rotations oc- 
curring during application of the displacements. Further pre 
cautions against this hazard are taken by employing two locking 
devices—one a screw pressing against a gib acting on the beveled 
ways, and the other a T-bolt acting at right angles to the first. 


ELecrricaL MEASURING INSTRUMENTS 


The electrical measuring instruments are designed to resolve 
the force and moment at each end of the model and to measure 
the resulting three co-ordinate components of each. This com- 
bined action is accomplished by applying the force and moment, 
by means of a three-dimensional cross, to the deflection of six 
cantilevers aligned with the three co-ordinate planes. To the can- 
tilevers are affixed six pairs of electrical strain gages, the resist- 
ances of which vary in proportion to the deflections. By measur- 
ing the changes of resistance of the various strain gages, the 
component forces and moments may be determined. 

The measurement is accomplished by the Wheatstone-bridge 
method, each pair of gages being wired permanently into a com- 
pleted bridge. The galvanometer and battery leads from the six 
bridges are then brought from each unit by means of a 19-wire 
cable terminating in a jack plug. The delicately balanced bridge 
circuits are thus never broken, all switch connections occurring 
in the comparatively insensitive battery and galvanometer cir- 
cuits. Since all gages in all of the instruments must be cali- 
brated exactly alike, and each gage must read with precise con- 
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sistency, it is of prime importance to avoid the effects of uncer- 
tain switch contacts. The construction of the measuring units is 
illustrated in Fig. 2, and the basic circuit is shown in Fig. 3. 

The gages in each measuring unit are read by plugging the 
jack plug of the unit into the control-panel receptacle and switch- 
ing from gage to gage. Changes of resistance due to loads ap- 
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plied are indicated by the galvanometer which is reset to zero 
by means of a second battery circuit. The variable resistance in 
this second circuit is calibrated directly in pounds. Hence, when 
the galvanometer reads zero, the control-panel dials indicate the 
load in pounds on a given cantilever. The potentials of the two 
battery circuits are kept equal by suitable variable resistances, 
and are constantly checked by a microvoltmeter. The galvanome- 
ter is of somewhat greater sensitivity than the usual laboratory 
instrument. The individual load range for one cantilever is from 
Oto +50 lb. The sensitivity of the instrument is 0.01 Ib, but the 
accepted limit of consistency is 0.02 lb. Hence it is desirable to 
establish the general range of important readings at 200 or 300 
times this value, and to keep any significant readings well above 
it 
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Uses or Equipment 


The present routine uses of the model-test apparatus are con- 
fined to the solution of four problems. The first and most com- 
mon of these is the determination of end reactions (and, from 
these, the stresses) due to thermal expansion. The second is the 
determination of deflections for use particularly in the design of 
spring hangers. The third and fourth consist of finding the end 
reactions (and stresses) due to weight and wind loads. 

The procedure for the determination of end reactions due to 
thermal expansion is as follows: 

When the model has been set up ready for testing, an initial 
or “zero”’ reading is taken on all gages before the ends are dis- 
placed. The displacements are then applied and a second read- 
ing is taken. The differences between the two sets of readings are 
the significant loads on the various cantilevers, from which the 
forces and moments are computed directly. The weight and any 
other loads applied by the model and equipment thus cancel out 
of the results. The displacements applied are some convenient 
percentage of the calculated free thermal expansion of each end 
from an assumed fixed point which is usually one of the ends or an 
intermediate restraint. Usually, three sets of readings are taken 
to avoid errors and an additional check is made by summing up 
the forces in each set of readings. Any marked deviation from 
zero indicates an error. 

From the readings thus taken the component moments and 
forces at each end of the model are calculated. They are then 
converted to the full seale of the pipe line by means of the follow- 
ing relationships 


[2] 


where F = force; M = moment; E = modulus of elasticity; J] = 
moment of inertia; A = t-of expansion (or displacement) 
of each “free” end with reference to some fixed point; and L = 
length. The subscripts m and p refer to the model and the pipe, 
respectively. 

The moments thus obtained may be transferred mathematically 
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to critica] positions on the pipe line, and the maximum stress cal- 
culated. Examples giving comparative results of systems solved 


both by calculation and by model test have been published else- — 


where and will not be repeated here (2), 

Weight Loads. For the determination of weight loads, tubular 
models have been used. Uniform loading has been achieved by 
filling the models with mercury. Solid rod can be employed, 
although with increased difficulty in applying the uniform load- 
ing. The model-actual relationships are the same as ‘for the 
thermal-expansion problem with the additional equation of weight 
and force ratios 


F, _ WwW, 
(3] 
and from Equation (2) 
M, L, 
M. 


where W, and W,, are the total weights of pipe and model, re- 
spectively. 

The model must be provided with filling and drain nipples and 
suitable valves. The nipples are best welded to the model to 
avoid amalgamation and leakage. Pinch cocks on short lengths of 
rubber tubing have been found to be satisfactory valves. 

As mercury does not drain thoroughly from the tubular model, 
it must be weighed before each test. 

The test procedure is comparable to that for thermal-expansion 
reactions. The model is set up in the same manner and an initial 
set of readings is taken for all points of fixation. 

The mercury is weighed and poured into the model; and the 
remainder is weighed to determine the total increase in weight of 
the model. Another complete set of readings is taken, the 
differences are computed, and from these differences the forces 
and moments are calculated. 
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The following example has been both calculated and model- 
tested. The method of calculation follows the Kellogg analytical 
method for obtaining thermal-expansion reactions, but adapted 
to uniform loading. For simplicity, a single-plane problem has 
been chosen, but both methods have been developed for multi- 
branch, multiplane problems. 

Fig. 4(a) gives the dimensions of a 33-in-OD X */-in. wall 
carbon-steel overhead line from a catalyst regenerator to a cooler. 
The problem is to find the loads imposed on the two pieces of 
equipment due to the weight of the pipe. 

In the case illustrated, it may be argued that the usual methods 
of estimating are close enough for practical purposes. However, 
as the problem increases in complexity, the estimates are likely to 
become less accurate; and, where a large intricate system is 
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Average difference 
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READINGS FROM MODEL TESTS AND FORCES AND MOMENTS COMPUTED 
Forces Measurep at Env 0 
Y 


Forces AND Moments at 0’ 


Model values 
0.07 


2.5 (Ze — Zi) 
2.5 (Xe — Xs) = 2.5(0) 
Mz = 2.5 (Ve Ys) = 2.5(—0.82) 


xxx 


Full-ecale values 
+1412 lb 
—9278 Ib 


é 
— 66153 ft-lb 


Forcts Measurep at Env A 


= 


des 
8 


Average difference....... 


Model values 
Xe = 
Yo+ Ya = —1.03 


A+Z=.. 
Mz = 2.5(Z: —Zi) = ... 
My = 2.5(X4— Xa) = 2.5(0) 
My, = 2.5(¥e — = 2.5(+.23) 


stressed thermally close to its allowable limit, the proportion of 
its weight that is added to a critica! reaction may settle the 
question of a redesign, particularly where there is any danger of 
overheating. 

The tubing chosen for this model is 5/,-in-OD X 0.028-in-wall 
seamless steel. The length scale is 0.625 in. = 1 ft. Since only 
the end reactions are to be considered and only one size of pipe 
is involved, the moments of inertia do not enter into the problem. 
The total weight of the pipe is 30,260 lb, and that of the mercury 
required to fill the model 1.50 Ib. The weight of the model is a 
constant load, hence does not enter into the problem. 

The reactive force and moment relationship between pipe and 
mode! is 


M, 20,170 
M. ~ 0.625 32,270 (for conversion to ft-lb)... . [6] 
In order to follow the solution of the problem as it occurs in 
the laboratory, two sets of readings will be included and their 
averages taken and combined into force and moment values. The 
readings and the component forces and moments computed from 
them are shown in Table 1, where the gage numbers refer to those 
indicated in Fig. 4(b). The rows of signs labeled tension and 
compression represent, for the specific position of the measuring 
unit, the sign of the component force on the gage designated when 
the strut connecting the cross to the cantilever is in tension or 
compression as indicated. The component forces and moments 
are computed from the reading differences as indicated in the 
table. Though the example is a single-plane bend, the complete 
headings and formulas for a multiplane bend are included to 
show the manner of solving the general case. Fig. 4(c) shows the 
model set up for the test. 


Zz 
1 


+ 


0 
+ 18555 ft-lb 


The model-scale moments given in Table 1 are those occurring 
at the centers of the crosses of the measuring units. For conven- 
ience, these moments are converted to full scale before being 
transferred to the ends of the model. Thus, when the full-scale 
moments are transferred to the ends of the pipe line, the distance 
from centers of measuring units to ends of model must be con- 
verted to full-scale dimensions. This is accomplished by the 
following equations 


Myo) = Myo") + Yo — Fywo)Xo 
+ Pycat) Ya Xa 


where subscripts x, y, 2 refer to the co-ordinate axes establishing 
the direction of action of the force or moment, and X, Y, Z are 
the co-ordinates of the point designated by their subscripts with 
reference to the points designated by the parenthetical subscripts. 
Substituting values in the foregoing equations 
Myo) = —66,153 + 1412 XK 8.80 —0 = —53,727 ft-lb. . [9] 
= +18,555 — 1412 8.80 —0 = +6,129 ft-lb. . [10] 


The results are summarized in Table 2 where they may be com- 
pared with those obtained from calculations. 


= 


TABLE 2 MOMENTS AND FORCES ACTING UPON RESTRAINTS 
M, 
ft-lb Ib 
+1412 
—1412 


Loca- 

tion 
Mode! test{ 7 
Calculated; } 


M 
ft-lb 


727 
+ 6129 
—56480 +1484 
+620 —1484 

Wind Loads. The determination of wind loads on piping is 
accomplished by following the same general procedure as that for 
weight loads. The model is tested in the position necessary to 
apply the weight of the mercury in the assumed direction of the 
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force of the wind. Members parallel to the wind direction are 
blocked off so that no mercury enters them. A member diagonal 
to the wind direction is loaded in proportion to its projection 
broadside to the wind force. 

Deflections. Deflections due to weight and wind loading may 
be measured directly and converted to the scale of the pipe by 
means of the relationship 
EJ, 

This method will not suffice, however, for obtaining deflections 
due to thermal expansion. The measured deflections must be 
corrected for the free thermal expansion from the point of fixa- 
tion. The procedure follows the method employed in the analy- 
tical solution and may be observed in the illustration of a sym- 
metrical U-bend, Fig. 5 


L,* 


{Lh} 


Y 
| KeAy 
! 
| 
| 
| 
| 
H 
x 
c c 


bic. Diacuam or U-Benp Inpicatine Retation or Deriec- 
TIONS Measurep on Mopet To THose Occurrine Durine THEeRMa! 
EXPANSION 


Three diagrams are here superimposed. An unstressed U-bend 
anchored at O and C is represented by O-A-B-C; and the same 
bend, after a rise in temperature, is represented by O-A’-B’-C. 
Owing to the symmetry, corresponding mid-points P and P’ 
are in the same vertical line. 

Assuming that one end of the full-scale pipe is displaced to- 
ward O an amount equal to the z-expansion Az, points A’, B’, 
and P’ will each move in a minus z-direction a distance equal to 
Ax/2. Point O has remained fixed. 

The difference between the abcissa of each of these points O, 
A’, P’, B’, C’ and its corresponding true position due to thermal 
expansion, i.e., O, A", P”, B", C, is equal to the free thermal ex- 
pansion in the z-direction of the corresponding point on the un- 
stressed pipe. Thus, if P,, P,', P,”, B,’,.... represent the 
r-co-ordinates of these points, and Ara ps... represent the free 
r-expansions of the points from O, then 


A,’ — A,' = .. [12] 
P,’ —P,' = Arp {13} 
B," — B,' = Ary {14} 
C.-C,’ @ Aae......:. [15] 


For practical purposes of piping and hanger design, all corre- 
sponding intermediate points on the three figures are in the same 
relationship. An examination of the illustration will show that 
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the relationship also holds for y-deflections, and it is readily ex- 
tended to the third dimension. The reader quickly can verify it 
in substance for any simple single-plane configuration by means 
of a diagram similar to that shown. Deflections on the model 
are read by an electromechanical method by means of which a 
dial micrometer is read at the point of breaking electrical contact 
with the model. 


Desicn Struvies 


Effects of Intermediate Restraints. The employment of the 
model test method of analysis has led many of us to a better 
understanding of the true effects resulting from our designs. 
The ease with which small alterations can be made has encouraged 
the study of the progressive effects of series of such minor changes. 
Sometimes an all-out application of an idea fails, but can be 
modified to produce the desired results. 

For instance, one customary design procedure is to employ 
intermediate restraints on pipe lines for the purpose of preventing 
undesirable end reactions. In doing so, however, the designer too 
often overlooks other unexpected effects that his restraints may 
produce. It may be well to observe a simple example of what 
can occur in a single-plane pipe and, from this easily understood 
case, imagine something of the possibilities in an intricate system 
in space. 

Fig. 6(a) shows a single-line diagram of a spent-catalyst return 
line from a reactor to a regenerator in a catalytic cracking plant. 
The example chosen is 96 in. OD X '/; in. and §/, in-thick wall, 
and is about 120 ft long. These figures are given merely to ex- 
plain the magnitude of the resulting reactions. Owing to the 
presence of an expansion joint at O, an unbalanced load of 83,000 
Ib is applied at that point. 

If the pipe is anchored at A and, as shown in Fig. 6(a@), no other 
restraint is applied, the action of the 83,000-lb load on the 10-ft 
moment arm will cause a counterclockwise moment of 830,000 
ft-lb at A. When the first line of this configuration was designed 
before the war, this value was considered excessive and someone 
suggested a restraint at O in the minus X-direction, as shown in 
Fig. 6(5), a8 a means of relieving the moment. 

The line was calculated hurriedly with this stop in place; 
but, instead of relieving the condition substantially, the moment 
was found to be still of the order of 500,000 ft-lb, but in the 
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opposite direction. A model test confirmed this result and clearly 
showed the interaction of the members that produced it. In- 
stead of an expected change of some fraction of the 830,000 ft- 
lb, the actual change had been 1,300,000 ft-lb. A series of 
studies both by calculation and model test eventually brought 
the end reactions and stresses in this line down to acceptable 
values. 

Such restraints have often been placed near superheater headers 
in the sometimes misplaced hope of relieving some moment or 
thrust applied by the piping. Although this design may be 
satisfactory, tests have shown in a number of cases that, even if 
the stops were effective in relieving the conditions at which they 
were directed, they produced some other less desirable effects 
that made their removal mandatory. 

Effects of Simplification. Recent designs in power-plant main 
steam and reheat lines have made the model test almost a neces- 
sity for anything like a satisfactory analysis. It has become 
common practice in the last few years to continue the superheater 
terminal elements through and over the boiler roof to a header 
at the front end of the boiler housing. An example of this type 
of system is shown in the drawing of a high-temperature reheat 
line in Fig. 7(a). The header in the layout shown is 27 ft for- 
ward of the line of emergence of the tubes. The purpose is to 
increase the flexibility of the piping system, and in this effort the 
design is, in general, so successful that limit stops are often nec- 
essary to prevent the header rising too much and thus throwing 
far too much stress into the tubes. In most cases the combined 


Fie. 7(b) Inpicates Common UnTenasie 
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(An accurate and complete scale model contributes to accuracy of individual 
end reactions ) 


moment of inertia of the tubes is much smaller than that of the 
horizontal run of the large pipe, although, in some cases, the 
greater length of the large pipe offsets its greater stiffness. 

The method of testing a line incorporating this boiler design 
has been described in a former article (3). However, a study of 
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the turbine leads offers an opportunity to examine a common pit- 
fall in the simplification of a problem 

It is customary, in order to bring a complex layout within the 
practical range of computation, to make certain simplifying 
assumptions that may seem reasonable in the face of the neces- 
sity for getting some kind of answer. In this case, many stress 
analysts would feel justified in combining the four turbine leads 
into two of twice the moment of inertia, as shown in Fig. 7(b), and 
averaging the reactions obtained over the four leads. 

One of the prime considerations of a problem of this nature 
is the determination of the end reactions at the turbine inlet 
The allowable forces and moments are set by the turbine manu- 
facturers, and the tests often show that these loads will be close 
to or in excess of the allowable limits. Hence any serious dis- 
crepancy in the answer obtained practically nullifies their value. 

In order to examine the validity of this simplification, the 
line has been model-tested for both designs. Table 3 gives the 
acting forces and moments at turbine inlets for the two layouts, 


TABLE 3 MOMENTS AND FORCES ACTING UPON RESTRAINTS 
M M M, Py Pr, 
ft-lb ft-lb ib ib 
Layout Fie. 7(a) 
300 ~3350 10600 — 110 — 320 +320 
42175 — $125 — 540 — 540 +110 
Cc —1100 —3250 —1 —1290 — 860 +110 
D 3675 +5200 —20525 —1510 -1290 +110 
Layout 7 (b) 
~$275 —18025 970 —860 —320 
+5200 ~14950 —760 +320 


A comparison of the resulta in Table 3 discloses several inter- 
esting facts. In the simplified layout, the maximum z-moment 
on any one nozzle is 2600 ft-lb; in the true layout, it is 4300 ft-lb, 
an increase of 65 per cent. The maximum y-moments are about 
the same; but the maximum z-moment for the actual layout is 
nearly 14 per cent higher than that for the simplified case. The 
two significant thrusts are in the neighborhood of 50 per cent 
higher for the actual layout. 

In critical layouts where, let us say, the tower figures were 
maximum allowable values, far smaller overloads than those de- 
veloped through the more accurate analysis would result defi- 
nitely in a redesign of the piping. Yet experience over the years 
has shown that such simplifying assumptions often result in dis- 
crepancies much greater than in this random case taken from a 
routine test that was being run for a southern utility company as 
this paper was being written. 

On Design. The design of this type of system hinges on a 
number of considerations. Designers inexperienced in stress 
analysis often have a tendency to give careful consideration to the 
main run of pipe, then treat the terminal parts of the system in a 
very cursory manner, Yet the maximum stress often occurs at 
or near the end points. 

At the boiler end, the useful flexibility of the tubes, for a given 
horizontal length, can be increased substantially by increasing 
the vertical legs, both in front and at the rear, but especially at 
the rear where they emerge from the boiler roof. In general, this 
design will permit the tubes to assume a configuration that tends 
to reduce substantially the stresses in them. 

At the turbine end, the design of the leads from the stop or in- 
terceptor valve to the turbine inlets has an important bearing 
both on the stresses in the leads and on the loads imposed on 
the turbine. The valve is subjected to a moment imposed by the 
expansion of the vertical run that tends to rotate it about a hori- 
zontal axis at right angles to the longitudinal axis of the turbine. 
Where four turbine leads emerge from the valve they should be 
given sufficient flexibility in both directions perpendicular to this 
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horizontal axis to avoid excessive thrusts or bending moments. 
The amount of expensive main-run pipe required to reduce end 
thrusts and stresses to permissible values can be reduced sub- 
stantially by attention to these details. 

In general, it is somewhat easier to design for the required 
flexibility if the longitudinal center line of the turbine is parallel 
to, and preferably a continuation of the center line of the boiler. 
Offsets of any nature tend to introduce complicated and not 
easily predictable deflections, thrusts, and moments into the 
system. Of course, many considerations enter into these ques- 
tions of design, and the piping must often simply be made flexible 
enough in some other way to offset its undesirable but necessary 
features. 

Finally, there is usually one adjustable feature of a main steam 
or reheat layout that can be employed without altering the 
piping. This is the solid support placed somewhere in the ver- 
tical run to support a large part of the weight of the piping and 
to lend stability to the whole system. If for a given layout, 
the thrusts on the turbine are found to be excessive, and there is 
still some leeway in the superheater tubes, or vice versa, the solid 
support can be lowered or raised ha redistribute the forces and 
moments at the two ends. 

The model test is usually med first with the support at the 
point of zero vertical deflection in order to determine its most 
desirable location. 


SuMMARY 


The model-test method of piping flexibility analysis offers 
one particular advantage over all present methods of calculation 
of complex systems. The time required for a mathematical 
analysis increases divergently with the complexity of the problem; 
whereas that for a mode] test increases convergently, so to speak, 
for the time required per point of restraint becomes less as their 
number increases. 

It offers a method of analyzing a very intricate system as a 
unit, avoiding the hazards of overdesign and underdesign that 
arise from the practice of breaking down a complex problem into 
simpler ones that are within the scope of the mathematical 
methods. It is the simplest available method for obtaining the 
loads on intermediate restraints; and is particularly useful where 
many solutions are needed for a single layout with different tem- 
perature conditions. Deflections obtained from model tests have 
been corroborated by field measurements. 

Tests were recently run for six 125,000-kw units for operation 
at 1000 F and 1450 psi, where much of the piping was forged and 
bored, of 2'/, Cr 1 Mo. The engineer in charge estimated that 
model tests of the complete systems, by showing that the maxi- 
mum stresses were 300 psi under those permissible, eliminated the 
necessity for expansion loops of this expensive piping at a saving 
of $108,000.00 (4). 
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Discussion 


A. R. C. MarKu.* The author has given us an excellent de- 
scription of the apparatus and method employed in his organiza- 
tion for model-testing piping systems, and has shown this to be a 
versatile and reliable tool in the hands of trained operators. 
Such a tool is urgently needed to supplement mathematical 
methods of strese analysis which have very definite practical 
limits; as an example, they do not lend themselves at all to a 
close evaluation of the reactions and stresses in a complex system 
such as that illustrated in Fig. 7, owing to the enormous amount of 
calculation which would be involved. 

The author has stressed the practical virtues of the solid rod 
and there is little question that models thus constructed may be 
expected to yield results of more than ample engineering accuracy 
for almost every conceivable type of configuration. The writer 
would like to have seen some mention of the exceptional cases 
where the use of a tubular model is needed for a reasonably close 
evaluation, particularly of the thrusts in a system. Granted that 
the use of tubing instead of rods may be much more difficult, a 
description of the circumstances under which its use is warranted 
preferably with reference to specific examples would be very en- 
lightening. 

It is to be hoped that as the application of model-testing de- 
velops, the author will find it possible to derive general conclu- 
sions from his work, such as hinted at throughout the present 
paper, which it will be possible for him to present in organized 
form to serve as basic concepts in the design of piping systems for 
adequate flexibility. 


S. W. Spretvocet.‘ The paper covers a subject, the impor- 
tance of which deserves repeated presentation in order to em- 
phasise the futility of approximations which are so frequently 
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used to simplify stress problems in the endeavor td save the cost of 
an exact analysis. The examples cited forcefully illuminate the 
results of overdesign with consequent increase in cost and waste 
of strategic material. In the opposite direction, so-called safe 
approximations unwittingly may borrow from the safety factor of 
the material, a condition that remains unknown. The design o 

power-plant and industrial piping systems of necessity starts after 
major equipment has been selected and positions fixed. Rarely is 
it possible at this stage to change the position of the terminal 
points of the piping in order to accomplish an economical balance 
between the permissible stress in the pipe and the permissible 
thrust on the equipment. A model test, in preference to calcula- 
tions, permits a faster evaluation of various layouts. 

Results obtained by the electrical measuring-instrument method 
are the closest approach to reality as it practically eliminates 
the inaccuracies due to frictional causes inherent in mechanical 
systems of testing. In the method described in this paper the 
machine goes through the same motions as performed by the 
calculator when he restores mathematically the freely expanding 
pipe to the end condition encountered in the field. Therefore 
the accuracy of the result depends primarily on the faithful cali- 
bration of the instruments. 


D. I. Grsson.’ A calculated analysis of the system illustrated 
in Fig. 7(@) of the paper, notwithstanding a simplifying assump- 
tion such as that shown in Fig. 7(5), would be so intricate as to 
cast doubt on the validity of the final results, even as these re- 
sults apply to the modified pipe frame. Simplifying assumptions 
do not fall too wide of the mark to be acceptable where a generous 
margin between actual stress and allowable stress definitely exists, 
and where the simplifying assumptions lead to a practical calcula- 
tion. Exact methods of stress analysis cannot, however, always 
be circumvented by excess flexibility. Available space and cost 
of pipe are often limiting factors. 

The author points to the desirability of symmetry in layouts 
comparable to that shown in Fig. 7(4). Where symmetry is at- 
tained, deformation is apportioned equally to like branches, and 
stresses may thereby be minimized. If the boiler and turbine of 
this example were centered on a common vertical plane, as is true 
of the equipment arrangement in many large central stations, 
then analysis by calculation would be practical. But the human 
error can be excessive in the calculated analysis of piping systems 
of only moderate complexity, despite painstaking effort toward 
the avoidance of clerical] mistakes. 

Piping-stress calculations, except for the ubiquitous two-anchor 
problem, cannot be boiled down to a “foolproof” routine, in the 
sense that the solution of simultaneous equations can be made an 
automatic operation and automatically cross-checked. In long 
computations, a single wrong algebraic sign can cause substantial 
error in the results, without the error being apparent to the 
analyst. An experienced piping-stress analyst can bracket the 
maximum stress in any piping system by rough calculations, but 
not narrowly enough to test the results of the analysis of a branch- 
ing system. Thus a complete and independent check calculation 
is desirable if computed stresses and allowable stresses are to be 
taken seriously. 

No important piping-stress calculation should be considered 
complete unless displacements have been calculated, rather than 
estimated, for principal points of support and, in some cases, for 
points of partial restraint. Supports and restraints cannot al- 
ways be designed properly without knowing the movements at 
such points which must accompany conditions assumed in the 
calculation, if computed stresses are to be valid. The calculation 
of elastic displacements can be carried out as a reverse process of 
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the reaction calculations. This will measure the amount of book- 
keeping or slide-rule error accumulated through the calculation. 

Many high-temperature steam-piping installations in the past 
have been so flexible that a rather crude stress investigation could 
provide adequate assurance of tolerable stresses. The increas- 
ingly severe service conditions being met in advanced central 
stations, and the advent of forged and bored pipe lines, have di- 
rected more engineering effort toward the exacting design of piping 
systems. Where precise methods of analysis are deemed neces- 
sary, consistently precise attention should be given to erection, 
support, restraint, and movement of piping. The highly devel- 
oped model-test technique described in this paper seems to elimi- 
nate a prominent source of probable error in piping-stress analysis. 
Caleulations can be verified only by duplication of calculating 
labor, whereas confirmation of results is more readily carried out 
and with a greater degree of certainty where model testing is em- 
ployed. 

The investigation of the effects on a piping system of alterna- 
tive schemes of restraint can lead to optimum positioning of solid 
hangers and restraints. Investigations of intermediate loads are 
usually too involved to be practical where analytical methods are 
employed. A study of intermediate restraints may not be fruitful 
for the case of a piping system made up of segments of comparable 
stiffness. Where extremities of the system consist of pipes of 
relatively small diameter, investigation of intermediate restraints 
is almost certain to lead to more favorable distribution of de- 
formation. 

Discussion of a specitie analytical solution is thought to be 
appropriate here beeause good piping design is dependent on 
thorough knowledge of piping flexibility analysis, even where 
practical considerations may discourage or preclude a rigorous 
calculated solution. Also, some piping systems are encountered 
which are not amenable to complete analysis by model test, such 
as branches not terminating at anchor points but branching and 
rejoining intermediate of anchored ends. A complete and valid 
analysis of the piping system in Fig. 7(@), if it were symmetrical 


about the X¥-plane, would border on being practical, though it 
would be a formidable undertaking. 

Exception is taken to the author’s premise that problems in- 
volving the solution of eighteen simultaneous equations are about 
the practical limit of calculated solutions. Such problems can be 
carried through competently by only the most highly specialized 
piping-stress analyst. The skeleton outline, Fig. 8 herewith, of a 
method of solution might serve to illustrate the practical limit of a 
great many piping-stress analysts, including the writer. 


AvuTuor’s CLosuRE 


The author wishes to express his appreciation of the thoughtful 
attention given to his paper by Messrs. Markl, Spielvogel, and 
Gibson in their discussions. 

Mr. Markl’s comments that clearer definition is desirable 
regarding the ranges of usefulness of solid rod and tubing is closely 
allied to requests for further information from other interested 
organizations. 

As the newer industrial developments have imposed severer 
demands upon the Pipe Model Tester, inquiries have been re- 
ceived for more detailed information concerning its applicability. 
The author hopes for the opportunity, at a future time, of re- 
plying to these requests with a more complete analysis than has 
heretofore been publicly directed at this specific subject. Much 
information of this nature is tucked away in dusty files and in 
the unrecorded experience that comes from years of daily han- 
dling of the subject. 

That much is largely a matter of time and effort. Mr. Markl’s 
second request for a derivation of basic concepts to be used in 
the design of piping systems is a much weightier problem. For 
years the author has offered public training courses in piping 
design and plant layout. Yet after the routine 30 lectures on 
general problems and methods of approach to them, in order to 
turn out men who can, with any conscience, be called piping 
designers, he has had to resort to detailed criticism of the stu- 
dents’ actual layouts obtained through many hours of effort on 
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their part over the drafting board. To date, no truly compre- 
hensive, yet simple formula for design has grown out of the 
author's experience, though he ix intensely aware of the need for 
one. A few isolated concepts do form themselves from time to 
time, however; and, if they become sufficiently numerous, per- 
haps something can some day be made of them. One general 
fundamental that is becoming evident to users of the more 
expensive alloys is that the major pipe lines in any plant should 
be incorporated in the earliest plant layouts, and that provision 
should be made from the beginning for increasing the flexibility 
of these lines if subsequent analysis proves it necessary. 

Mr. Spielvogel’s statement that “the accuracy of the result 
depends primarily on the faithful calibration of the instruments” 
is highly significant to anyone who has spent much of his time 
taking or interpreting instrument readings of any kind. Every 
instrument has a threshold of dependability, and the user is 
constantly attempting to extend its range of usefulness by de- 
veloping improved techniques. Yet, however skilled the tech- 
nician may become, additional refinements in the apparatus will 
adapt it to more exacting problems. To this end a continuous 
effort toward improvement has paralleled the routine use of 
the Model Tester by means of added features, the replacement 
of old parts with improved ones, and by periodical recalibration. 

With reference to Mr. Gibson’s comments on mathematical 
analysis, it is true that considerable training and experience with 
one method are necessary to solve problems of any intricacy in 
a reasonable time. The pipe stress problem requires one of the 
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most intricate individual solutions of all of the mathematical 
analyses that enter into the design of an oil refinery. In our 
own organization we feel that four factors contribute funda- 
mentally to the technical and economic success of the pipe 
stress-analysis group. 

First, the development of a method sufficiently comprehensive 
to reflect the significant characteristics and interactions of all 
members of the piping system, and to permit extension to any 
number and combination of branches, temperatures, materials, 
pipe sizes, and restraints. 

Second, the organization of the method for routine use. This 
consists of setting up forms and a procedure that is followed by 
all members of the department. 

Third, uniform training of all personnel in concept and ap- 
proach to the problem, in mathematical procedure, and in 
mechanics of performance. 

Fourth, all assumptions and all figures are rigorously checked 
by another calculator, with the exceptions of those portions of 
the work that are self-checking. 

Such an organized approach has brought within the range of 
feasibility problems that would otherwise be impractical of 
accurate solution. However, just as every instrument has its 
limitations, so does every method of solution of a problem. It 
was to extend our reach beyond the economic limitations im- 
posed by satisfactory mathematical procedures that we developed 
our method of seale-model analysis. 
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Stress Conditions in Flanged Joints 
for Low-Pressure Service 


By E. O. WATERS! anv F. S. G. WILLIAMS? 


The test program reported in this paper was undertaken 
to establish the critical levels of strain, stress, and de- 
flection that exist in flanged joints having dimensions 
typical of those used with steel pipe lines in potable water- 
supply systems. Such water systems generally operate 
at low or moderate pressure levels. The investigation was 
limited to flanges of the low-hub and plain-ring types 
attached to the pipe by fillet welds. The design of flanged 
joints and connections for high-pressure and high- 
temperature connections has been well explored and re- 
duced to standard p d Conditions that exist in 
water-supply eurvies are generally more favorable than 
those encountered in similar industrial piping or in 
pressure-vessel service. Therefore it was hoped that the 
test program might shed light on possible modifications 
to the established design approach that prevails in the 
general field of design. 


OBsEcTIVES 


HE objectives of the test program were as follows: 


1 To determine whether the modified Taylor-Waters 
formulas for stresses in flanged joints, as now stated in the 
ASME Code for Unfired Pressure Vessels, predict with 1 
ble accuracy the stresses and/or strains found in low-pressure 
flange designs. 

2 To determine whether the assumption of gasket loading 
and reaction location, as formulated in the ASME Code, check 
reasonably, in terms of determinable stresses, and whether they 
justify modification. 

3 To determine whether the double fillet-weld attachment 
can be correlated properly as between the loose-ring approach 
and the assumption that the weldment acts as an integral 
structure. 

4 To compare the behavior of flanges having ring and hubbed 
cross sections, respectively. 


Tue Test Procram 
Four groups of tests were made and are summarized as follows: 


Group 1. This group of three tests was related to objective 1 
just given. The flanges were 12-inch ring-type made according 
to dimensions by Hill, Lewis, and Easter, Table B (1).* The 
pipe was 12*/, in. OD bored out to '/, in. wall thickness. The 
gasket was cloth-inserted rubber. The assembly details are 
shown in Fig. 1. 


1 Professor of Mechanical Engineering, Yale University, New 
Haven, Conn. Mem. ASME. 

2 Manager, Enginee: oo Taylor Forge & Pipe Works, 
New York, N. Y. Mem. 

Numbers in to Bibliography at the end of the 
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Nore: Statements and opinions advanced in papers are to be 
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of the Society. Manuscript received at- ASME Headquarters, 
February 7, 1951. Paper No. 51—SA-4. 


Group 2. This group of two tests was related to objective 2. 
In general, the same apparatus was used as that illustrated for 
the tests of group 1 except that the flanges were replaced and 
a narrow solid-copper gasket was used to obtain a definite loca- 
tion for the center of gasket pressure. 

Group 3. This group of ten tests is related to objective 4, the 
comparison of ring and hubbed flanges. The test setup was 
somewhat similar to that of the previous tests, except that the 
two types of flanges were tested simultaneously. A complete 
description of the method and apparatus for doing this is given 
later, 

Group 4. This group of three tests is related to objectives 1, 
2, and 3. The flange was of 6 in. size, having dimensions taken 
from the Hill paper, Table B (1). There were no gaskets as a 
testing-machine technique was used to simulate bolt loads and 
gasket reactions so that stresses could be measured under con- 
ditions of more controllable loading than is possible with bolts. 
The specimen consisted of a 6-in. lightweight ring flange as pre- 
viously described, welded to a 6*/-in-OD X 10-in-long piece 
of seamless-stee] tubing, Fig. 2. 


Description or Test Equipment anp Meruops 


Fig. 1 illustrates a typical assembly for the tests that employed 
actual bolting, and Fig. 2 gives the details of the assembly that 
was loaded in the testing machine. 

All welding was done by qualified welders, and all welds were 
completely stress-relieved by annealing the entire assembly. 
Welds were of minimum dimensions permitted by the ASME 
Code. 

All bolts and nuts passed inspection for first-class threading 
and were easily hand-tigbtened up to the point of initial bearing 
on the flanges. 

Strains were measured by SR-4 resistance strain gages ce- 
mented to the outer pipe walls and back faces of the flanges. 
Gage lengths of '/; in. were used, except at a few stations where 
the gage length was '/, in., owing to space limitations or extreme 
gradients of stress. Fig. 3 shows the location of these gages in 
a typical case, and Fig. 4 is a general view of a test, set up and 
in progress. 

In order to measure the bolt load, three of the bolts, spaced at 
120 deg, were installed with SR-4 gages cemented to the un- 
threaded portion, and the tensile stress on the full body area 
was then taken as 30,000,000 times the strain indicated by the 
gages. Three gages, connected in series, were cemented to each 
bolt at 120-deg positions around the shank, in order to eliminate 
eccentricity effects. The torque necessary to tighten these bolts 
to a predetermined stress was noted by means of a torque wrench 
and the remaining bolts were tightened carefully to a point where 
the torque wrench indicated that the pull was equalized over all 
twelve bolts. As may be seen from Fig. 4, the mounting of strain 
gages on certain of the bolts necessitated the use of bearing 
sleeves under the bolt heads; these were made only large enough 
to give adequate clearance for the gages and the gage leads. 
The sleeves were used on all bolts to obtain uniform loading and 
elastic behavior. 

In group 4 tests, the assembly was placed face down, on a steel 
ring which rested on the bed of a standard testing machine, 
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Fig. 5. This ring established the reaction circle for the externally 
applied loading. A long sleeve was placed around the pipe to 
transmit the load from the crosshead of the machine to another 
ring placed onthe back of the flange. Inthis mannerthe inner ring 
simulated a narrow gasket and the outer ring the bolting. It 
was possible to get exact loading and reaction points. Three 
different loadings were used in this group. One simulated as 
closely as possible the idealized loading upon which the code 
formulas for flange design are based, One simulated loading at 
the bolt circle and an assumed center of gasket pressure. For a 
third test, the specimen was removed from the testing machine 
and drilled for boltholes, located so that theg ages came midway 
between adjacent holes. Loading was then applied through steel 
pins in the boltholes. 


Discussion or FLANGE Srress Formvias 


Before the results of the test are submitted, it is felt that a 
brief discussion or summary of the work in the field of flange 
design is necessary as a background for the reader. 

(a) The Taylor-Waters Formula. In 1924-1925, J. Hall 
Taylor executed an exhaustive test program to determine the 
pattern of deflections and critical stresses existing in a flanged 
joint under the application of bolt loading. One of the present 
authors collaborated in this work and, using the test data col- 
lected, developed the Taylor-Waters formulas. These provide 
the means for calculating the principal stresses that occur under 
a defined bolt loading and gasket reaction. The test data and 
the formulas cover the field of ring flanges, and of hubbed flanges 


136 
4 
cw sont out ro vt to 
hy 
‘ 

T 

4 

MAKE FLANGE FROM 
FORGED STEEL BLANK 
=a 

(( 

| = mit 
= 

= 
‘| 
- | 
N 

|! 


WATERS, WILLIAMS—STRESS CONDITIONS IN FLANGED JOINTS FOR LOW-PRESSURE SERVICE 


Fie. 4 Pian View or Serur 


having a cylindrical hub section. This work was reported in 
1927 (2). 

(b) The Modified Taylor-Waters Formulas. By 1934 the 
rapidly expanding use of fusion welding in the field of pressure 
vessels and piping had established the need for flanges that could 
be butt-welded to the end of the pipe or shell of the pressure 
vessel. This flange is commonly called a “welding neck flange” 
(see Figs. 6, 7, and 8 for cross sections of slip-on and welding 
neck flanges). It consists of a flange ring integrally supported by 
a tapered hub instead of the cylindrical hub used with threaded, 
lap joint, and riveted forms of flange attachments to the pipe or 
shell. 

The original Taylor-Waters formula did not cover the tapered 
hub condion. In consequence, E. O. Waters, D. B. Weastrom, 
LD. B. Rossheim, and F. 8. G. Williams, working as a special 
committee of the ASME Boiler Code Committee, applied 3 
veurs te a study of flange design formulas and related problems. 
This study included evaluation of the work of Dr. Timoshenko 
(3). Taylor and Waters (2), Holmberg and Axelson (4), Jasper, 
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Gregersen, and Zoellner (5), and others, Each had a limited 
range of accuracy and each required modification to cover the 
very large range of cross sections encountered in the fields of 
piping and pressure vessels. It developed that the Taylor- 
Waters formulas were best adapted for this purpose, that is, 
they required least modification to permit application to all 
forms of tapered hubs. Furthermore, there was the advantage 
that the formulas were by then widely known and used, and had 
the benefit of supporting field-test data. The committee there- 
fore chose the Taylor-Waters material as the basis for further 
development. Briefly, this led to the consideration that a welded 
attachment of flange to pipe or veasel wall makes the latter an 
integral structural component of the assembly; in other words 
it influences the analysis. Under these conditions, any one of 
three stresses may be critical, depending upon the cross section 
of the assembly, ie., the tangential or hoop strese in the ring 
section, the radial or shear stress across the junction of the hub 
and ring, and the longitudinal bending stress in the hub or shell, 
commonly referred to as the hub stress, 
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The result of this work was reported in a paper presented to 
the Society in 1937 (6). These modified Taylor- Waters formulas 
were adopted by the ASME Boiler Code Committee in 1938, and 
now have had 12 years of successful application and tested per- 
formance. 


CALCULATION OF FLANGE MoMENTS AND THEORETICAL SrREssES 


The method of calculation followed the recommended practice 
of the ASME Boiler Construction Code, 1949 edition,‘ Section 
VIII, paragraphs UA-18 to UA-22 inclusive (hereinafter desig- 
nated the Code). This method assumes that, for design purposes, 
a distributed loading on the flange, consisting of bolt load, gasket 
pressure, hydrostatic pressure over the permissible leakage area 
of the flange face, and hydrostatic end force transmitted to the 
flange through the pipe, may all be lumped together as an equiva- 
lent couple Mo. The flange is then designed as though Mp» con- 
sisted of two equal and opposite loads, one of which acts at the 
flange ID, and the other at the flange OD. This is an approxi- 
mation that may be considerably wide of the mark for large 
ratios of flange OD to flange ID, if the actual loading is far 
removed from the inner and outer edges of the flange, e.g., a 
flange with narrow gasket close to the bolts, and no internal 
pressure. 

Since the test results indicated that the agreement between 
theoretical and experimentally determined stresses always im- 
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proved as the internal pressure increased, it was thought that 
the method of establishing the loading as given in the preceding 
paragraph might be too inexact for flanges of this general type. 
Accordingly, a series of check calculations were made, and addi- 
tional investigations were conducted to establish the effect of 
this assumption on the calculated results 

The main significance of this study was to show that purely 
on iheoretical grounds (a) the radial and tangential stresses at 
points in the flange intermediate between the ID and OD actu- 
ally may be considerably larger than the critical values of these 
stresses computed by the code method, when the distance be- 
tween gasket reaction and bolt circle is a small fraction of the 
total flange width and no hydrostatic load is acting on the flange 
(bolt load only); (6) this excess is diminished as internal pressure 
is added to the bolt load. As previously stated, the tests indi- 
cated exactly the same trend. 


*Table UA-8 of the 1949 edition of the Code incorporates the 
Rossheim-Markl gasket-loading constants proposed in Mechanical 
Engineering, vol. 67, pp. 647 and 648. These constants were used 
in all the calculations herein reported. 
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Except for a few instances where there was no internal pres- 
sure, the theoretical stresses in the flange and pipe were computed 
by means of an analysis which differs in a few details from that 
which was used in developing code formulas. These have to do 
with the manner in which the ring and pipe are assumed to react 
upon each other and include the effect of internal pressure on 
radial expansion of the structure which is neglected in the code. 
They may be summarized as follows: 

Referring to Fig. 9, the actual construction shown at (a) is 
replaced by the idealized juncture at (b). When load is applied, 


ring and pipe rotate about point O’ always remaining perpen- 
dicular to each other, while point O’ travels radially because of 
internal pressure and interaction of shear forces between flange 
and pipe. The juncture between these two elements is taken at 
the plane through O; line O’O remains straight under load but 
beyond O the pipe section takes on the characteristic “lamp 
chimney” contour that is typical of all hollow cylinders that are 
loaded in this manner. 

There was an indication from some of the test data that during 
loading a certain amount of plastic flow took place in the welds 
and at high loads in the pipe wall itself. It is suggested that some 
factor to take account of this “slip” should be introduced into 
the design procedure, but further investigation is necessary before 
definite recommendations can be made. 

The theoretical and test results have been plotted as strains 
multiplied by 30,000,000 (i.e., apparent stresses), rather than as 
actual stresses, simply because the state of stress at any given 
gage station, which is biaxial, cannot be evaluated accurately 
from the strain readings, unless rosette gages are used exclusively. 
On the other hand, the theoretical state of strain in any desired 
direction can be plotted accurately and experimental values of 
strain in that same direction can be entered readily on the same 
plot for comparison. 

It must be emphasized that the values thus recorded are in 
no sense true stresses, regardless of the units in which they are 
expressed, and high values of the order of 40,000 psi or more are 
just as valid as those below the yield point. For example, 48,000 
psi apparent stress in uniaxial tension of 36,000 psi yield-point 
steel simply means that the stress is approximately 36,000 psi, 
the elastic strain is approximately 1200 microinches per in., and the 
An apparent stress of 
48,000 psi in uniaxial bending of a plate of the same material 
means that there is an internal core, approximately three quarters 
as thick as the plate, which is elastically strained with stresses 
varying from zero to 36,000 psi; outside of this core are two 
surface layers of permanently deformed material which exhibits 
a surface strain of 1600 microinches per in. under an approximate 
uniform stress of 36,000 psi. 


Discussion or Tests 


Group 4. A complete list of the test runs is given in Table 1. 
It will be noted that they are arranged in four groups, according 
to the size and type of flange or gasket employed. For purposes 
of discussion it is best to start with group 4, since the results 
of the runs in this group will help to explain certain peculiarities 


Fie. 9 
GING SLIP-ON FLANGE 
fa 6 fig? 
“a 
+ 
2, 


WATERS, WILLIAMS—STRESS CONDITIONS IN FLANGED JOINTS FOR LOW-PRESSURE SERVICE 


TABLE 1 


Flange 


type Casket 


Soft-rubber cloth- 


12-in. ring- 
type impregnated 
14°, OD x 


12-in. ring- Soft-rubber cloth- 
type impregnated 


Soft-rubber cloth- 11161 
i ted 1 


12-in. ring- 
type impregna a 


1/s-in-wide 
cop 
14.312 OD 
13.312 ID x 
thick 
soft- 


OD 
13.812 x 


12-in. ring- 
type 


12-in. ring- 
type 


6-in. ring- Top ring at flange 
type Sp; bottom 
ring at flange 
ID 

6-in. ri Top ring at bolt 
ttom 


6-in. ring- Figo 
m 
of 


that developed in the runs of the other groups. The specimen 
for these tests consisted of a 6-in. lightweight flange, dimensioned 
according to the previously mentioned table (1), but without 
boltholes, and welded to a 10-in. length of seamless-steel tubing 
as indicated in Fig. 2. The assembly was given a conventional 
stress relief by heating to 1200 F, holding at that temperature 
for 1 hr, and cooling in still air. SR-4 strain gages of '/; in. gage 
length were cemented to the back face of the flange and the 
outside of the pipe at twenty stations, ten on each component 
part, in directions to measure the principal strains. As may 
be seen from Fig. 10, which shows the location and number of 


Load applied in 
to 


SUMMARY OF TESTS 


Equiva- 


on; structure com- 
strese-re- 


flanges and 
up as test No. 4 


in 
tests, but 
itholes 
; load 


Same fis: 
with. 
drilled 


each gage, certain groups of gages, such as Nos, 2, 4, and 
were placed at the same radial distance on the flange, or 
same longitudinal distance on the pipe, in order to chee 
symmetry of behavior of the weldment under load. The assem- 
bly was then set, flange down, on a steel ring on the bed of a 
standard testing machine and loaded by bringing the crosshead 
of the machine down upon a sleeve that surrounded the 6-in. 
pipe and bore upon another steel ring placed on the upper 
surface of the flange. 

For test No. 8, the bearing rings had the diameters indicated 
in Fig. 10, thus simulating as closely as possible the idealized 


= 
Root- 
Total area lent | 
bolt bolt (max) Internal 
Test load, stress, dentag pressure, 
no Ib psi test run pa Remarks 
Grove 1 
1 12321 3400 3857 None 
18208 5024 7023 25 
1274 1D x 17200 4746 9357 75 
« thick 16898 4663 10585 100 
2 11902 3284 3726 None Same flange and set- ae : 
18298 5049 5728 None oo No. 1, but ; 
24483 6756 7664 None ith new gasket of } 
34263 9455 10726 None same size and ma- ‘ 
terial 
3 3080 3494 None Same flange and set- ee ; 
5043 5721 None up as test No. 1, but ee ¥ 
6752 7660 None with new gasket of 2 
43545 12016 13632 None same size and ma- ; , 
37631 10384 14828 75 terial 
60550 16708 18956 None bea 
59670 16465 21952 75 
55776 15391 22540 125 
56222 15514 24712 175 
55957 15441 26662 225 
55692 15368 28612 275 nee 
57018 15733 31059 325 
50049 16294 35879 375 j 
Grovr 2 
a 12212 3370 4404 None Old flanges removed; RN ' 
| 17540 4840 6320 None new ones welded ae 
23972 6615 8645 None 
34400 9405-12400 None 
37689 None ieved 
5 12756 3520 3993 None 
28186 7778 8824 None = 
44068 «12160 13796 «None a 
40689 «15681 75 
48787 13462 15273 None a 
46603 12860 17681 75 
Grovr 3 
Ring Soft-rubber cloth- 29200 5790 9052 None ate 4 
Ring 32352 6440 10029 None 
Ring 154/,OD 14832 2950 5912 25 . 
Ring 12%,.ID x 22668 4510 9656 50 
Ring thick 17460 3480 5413 None 4 
Ring 66228 13160 20531 None = a 
Ring 87612 17400 32417 100 
Ring 66780 13250 27273 125 ee F 
Ring 67376 13400 28772 150 
Hub 31944 6350 9903 None 
Hub 56880 11360 17633 None 
Hub 49776 9900 16745 25 
Hub 66108 13140 23122 50 ao; » 
Hub 50130 9980 19483 75 
Hub 50772 10090 15739 None 
Hub 77038 15300 23882 None 
Hub 95198 18900 34763 100 
Hub 83789 16630 32546 125 i is 
Hub 76536 15210 31612 150 f 
Grovr 4 
~ Load applied in Single flange with 10- f i 
in- in. section of tub- 
crements to no boltholes - 
14,000 Ib max in flange; no in- i 
ternal pressure; ex- 
9 Load applied in run in 
increments to hle tensile test- 
Ting at center 25,000 Ib ing machine; load- 
reaction ing applied through i 
10 
reacuon 
applied through 
pins in boltholes 
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loading upon which the code formulas for flange design are 
based. The averaged results of three runs are shown in Fig. 10. 
The curves, which are based upon the standard tapered-hub 
analysis used in deriving the code formulas, assuming an integral 
flange, with 45-deg tapered hub '/, in. high, show reasonable 
agreement, indicating that the theory is valid, and that, at least 
for flanges of this size, the attachment with '/,-in. fillet welds is 
equivalent to a one-piece construction. 

Test No, 9 comprises the next two runs, in which the bearing 
rings were changed in diameter so as to simulate loading at the 
bolt cirele and an assumed center of gasket pressure. The maxi- 
mum applied load was 25,000 Ib. Fig. 11 shows the results at 
20,000 Ib load, and, for comparison, the theoretical apparent 
stresses for the equivalent load of 6235 lb applied at the flange 
ID and OD. The differences are not striking; the high readings 
for gages 4 and 6 may be explained on the ground that these 
gages were under slots in the bearing ring which constituted 
complete interruptions of the latter in so far as loading was con- 
cerned and hence there was no pressure on the flange for a 
circumferential distance of about 2 in. at each gap, permitting 
the flange to bulge slightly. 

After this test, and in preparation for test No. 10, the speci- 
men was removed from the testing machine and drilled for bolt- 
holes without disturbing the SR-4 gages, the holes being located 
so that the gages came midway between adjacent holes. Loading 
was then applied through steel pins in the boltholes and the steel 
“gasket ring’’ of test No. 9, as shown in Figs. 5 and 12. The load 
was carried to 30,000 Ib, but for purposes of comparison with 
test No. 9, the plotted results are those for 20,000 Ib load. Re- 
ferring to Fig. 12, it can be seen that the radial strain in the 
flange and longitudinal strain in the pipe are substantially the 
same as in test No. 9, but the tangential strain in the flange is 
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now about 200 per cent of the theoretical, and the hoop and 
longitudinal strains in the pipe both show a pronounced excess 
over the theoretical values at stations close to the flange. It 
would seem that the most logical reason for this lies in the 
“point loading” at the boltholes, and the presence of the bolt- 
holes themselves. The former permits a considerable bulging 
of the flange between boltholes, exactly where the gages were 
located, and the latter has just enough weakening effect on the 
flange to reduce its effective OD/ID ratio and thus permit it 
to dish further than predicted by a theory that neglects boltholes. 

Incidentally, it should be noted that in all the tests of group 
4, the gage readings invariably returned to a point very close 
to zero when load was removed, indicating that even though 
plastic flow might have occurred in local regions, the major 
part of the structure had enough “spring’’ to reverse any such 
flow when the opportunity arose. 

Group 1. The setup for this group, comprising tests Nos. 1, 2, 
and 3, has already been described. In test No. 1 the bolts were 
first set up to a root-area stress of 3400 psi, and readings taken. 
The bolt stress was then raised to 5068 psi and readings 
again taken. These stresses may seem low—in fact, they were 
reached with very little wrench effort, but they are within the 
limit of 5500 psi permitted for carbon-steel bolts by Table U-2 
of the code. The apparent stresses for an equivalent load* 
W, of 5000 Ib (slightly under the maximum application) are 
shown in Fig. 13. Without changing the bolt setting, internal 
water pressure was then applied and strain readings taken at 
25, 75, and 100 psi; the last pressure was maintained without 
leakage. As would be expected, the bolt load fell off as the 


* W, designates the load applied at the flange ID and OD in the 
form of a couple, which produces flange moments substantially 
equivalent to those caused by the actual load. 
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water pressure was increased, but this was more than com- 
pensated for by the hydrostatic end force, so that the equivalent 
load W, rose from 5750 to 10,586 Ib (see Table 1). The ap- 
parent stresses for these increments of pressure are shown in 
Figs. 14 and 15. 

After completing test No. 1, a new gasket was installed and 
bolt load applied in four increments up to a maximum root- 
area stress of 9455 psi (test No. 2). No water pressure was 
applied, and the load-strain curves for the incividual] strain 
gages show a distinct curvature, indicating p'astic flow after 
the maximum loading of the preceding test was exceeded. The 
theoretical apparent stresses exhibit the same deviation from the 
experimental points as in test No. 1 before water pressure was 
applied. 

Test No. 3 was run with the same flanges, but a new gasket. 
Bolt load was applied up to 12,000-psi root-area stress, or ap- 
proximately the maximum allowable according to the Hill- 
Lewis-Easter method of design. A water pressure of 75 psi 
was then added with the same bolt setting. The results are 
shown in Fig. 16 for the 75-psi water-pressure condition. As 
is seen, the longitudinal stress in the pipe rises to yield-point 
magnitude at the weld, under this high loading. 

Next, the bolts were loosened and retightened by an experi- 
enced pipe fitter who selected his own wrench, a 1-in, socket type 
with 17-in. lever arm, and used what he considered to be the 
proper amount of pull for making up a joint in a 12-in., 75-lb 
water line. The result was a root-area bolt stress of 16,700 psi, 
and the mating flanges contacted each other at the OD. Water 
pressure was then applied and readings taken at 75 psi and at 
50-psi increments thereafter, up to 375 psi, all with the same bolt 
setting. Some of the results appear in Figs. 17 and 18. Here 
again, as the pressure increased, it is seen that agreement be- 
tween test and theory improved, bearing in mind that the tan- 
gential-stress readings for the flange would always be higher than 
the theoretical] values because of bulging between bolts. As a 
matter of fact the curves show that at water pressures above 
225 psi the relative position of experimental and theoretical 
flange stresses appears to reverse, that is because there is pres- 
sure between the flanges at the OD which sets up a counteracting 
bending moment that tends to reduce the stresses on the back 
face of each flange. The same effect is observable in the total 
bolt load and the root-area bolt stress, which first drop off in the 
usua] manner, but later rise so that at 375-psi water pressure 
they are almost as great as at zero water pressure. 

Fig. 18(6) of test No. 3 affords an interesting comparison with 
Fig. 14(6) of test No.1. The water pressure is 75 psi in both cases, 
but the gasket-pressure concentration is relatively higher in 
Fig. 18(6), so that the agreement between test and theory is not 
as close as in Fig. 14(b). 

Test No. 3 clearly points out the excessive reserve of bolt 
strength possessed by the 12-in. 75-lb cantilever-type design, 
and shows what may be expected when one attempts to compro- 
mise between weight saving in the flange, and use of bolting that 
differs only slightly from an existing standard. 

When the test points of group | are compared with the theo- 
retical curves, three conditions are immediately apparent; 
(a) when the internal pressure is zero, the stresses by test are 
much greater than the stresses by theory, in both directions for 
both flange and pipe; (6) as the internal pressure increases, the 
theoretical and test values approach each other more and more 
closely, except for the high tangential stresses in the flange which 
as the test of group 4 indicated, are probably caused by the 
presence of the boltholes and the nonuniform nature of the bolt 
loading; (c) the longitudinal] stress in the weld, by test, is within 
the scale of the graphs in Fig. 13 only (22,000 psi apparent stress, 
which is less than the true stress), while for all of the tests with 


internal pressure it was over 36,000 psi apparent stress. Theo- 
retical] calculations give a moderate value for the stress at this 
point; actually, however, there was probably a high residual 
stress in the weld region, in spite of the stress-relieving operation, 
which, as soon as sufficient externa! load was added, resulted in 
plastic flow. The effect of such plastic flow on the stresses be- 
yond the weld region is shown in Fig. 15(6), by the curves 
“weld-slip = 25 per cent,” which were calculated on the as- 
sumption that at the junction of flange and pipe the rotation 
of the pipe wall is only 75 per cent of the rotation of the flange 
cross section. 

Group 2. The two tests of this group were purposely made 
with narrow gaskets, in order to obtain a definite location for 
the center of gasket pressure, and determine whether any serious 
error had been incurred in the tests of group 1 in assuming the 
center of gasket pressure according to the Rossheim-Markl 
rules. The flanges of the previous tests were cut off, new ones 
welded on, and the structure again furnace stress-relieved. For 
test No. 4, a 14.312-m-OD X '/-inewide X '/rin-thick 
soft-copper gasket was used. New bolts were used; they were 
drawn up to the various root-area stresses shown in Table 1, 
and strain-gage readings on flanges and pipe taken at each load- 
ing. The 9500-psi root-area stress was the highest that could 
be reached with the torque wrench, and the fina] loading was 
obtained by having the pipe fitter tighten the bolts with his 
wrench. Although he applied his full force, he was unable to 
obtain as high a root-area stress as in test No. 3, or make the 
joint tight enough to hold water pressure inside the assembly. 
For strict consistency, the center of pressure should have been 
taken at a slightly larger diameter; had this been-done, the theo- 
retical curves would be lowered about 10 per cent. The upper 
curve in Fig. 19 shows what the theoretical tangential stress 
would be for a truly loose flange; the fact that the actual tan- 


gential stress is so much lower gives good evidence that the pipe 
supports the flange and reduces its cupping a very considera- 
ble degree. 

For test No. 5, the '/;-in-wide copper gasket was replaced by 
one of the same OD and thickness, but only '/;in. wide. This 
male it possible to draw the bolts up to 12,160-psi root-area 
stress with the torque wrench, and hold 75 psi water pressure 


with moderate pumping. Later, the bolts were retightened to 
13,460-psi root-area stress by the pipe fitter, and 75 psi water 
pressure was then maintained with trifling leakage. 

In all cases the longitudinal stress in the pipe near the weld 
is of vield-point magnitude. The relation between the test 
point and the calculated curves is very much the same for these 
two tests as for those in group 1 where no water pressure was 
applied. Compare, for example, Figs. 13 and 19. Hence 
there is good reason to believe that the location of the center of 
gasket pressure on the wide soft-rubber gasket was assumed 
correctly in the earlier tests. On the other hand, it is conceded 
that none of these tests is of a type to determine the distribution 
of gasket pressure with any high degree of accuracy. 

Group 3. As previously stated, the group 3 tests were run in 
order to derive information regarding the relative performance 
of lightweight hub flanges and ring flanges, specifically in cold- 
water service at pressures up to 150 psi. 

The general setup and instrumentation was similar to that 
employed in the tests of groups 1 and 2. However, instead of 
testing a single pair of flanges at a time, two pairs were set up 
in tandem, with a length of pipe between them. One pair 
consisted of two lightweight 12-in. hub flanges having 125 Ib 
OD and drilling; the other pair consisted of two ring flanges 
made by turning the hubs off two hub flanges having the afore- 
mentioned dimensions. This tandem arrangement saved time 
in making test runs, and made possible a direct comparison of 
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the performance of the two types of flange at equal water pres- 
sures and comparable bolt loads. 

All gaskete were cloth-impregnated soft rubber, '/\. in. thick, 
12", in. LD, and 15*/, in. OD. Flanges were attached to pipe 
by fillet welds, inside and outside, as shown in Fig. 1. The hub- 
flange dimensions are the same as those listed for the 12-in. 125- 
American standard diameter and drilling.* The thickness 
through the hub of this flange is 1'/, in. 

Comparison of this dimension with the thickness of the ring 
portion of the flange "'/\» in., emphasizes the fact that these 
flanges were distinctly in the low-hub class. Before com- 
mencing the tests, all welds were stress-relieved by annealing the 
assembly completely. 

It should be noted that the SR-4 gages on the flanges were 
attached both midway between, and adjacent to, the three gage 
bolts; also that two sets of pipe gages were used at each joint, 
one in line with, and one halfway between, the bolthole center 
lines. This was a further precaution to secure results that 
would be representative of each joint as a whole. 

Altogether, twelve test runs were made. No. 1 was merely 
a break-in run to set the joints and check the details of the ex- 
perimental setup, and is not reported here. During the running 
of test No. 6, a leak developed in the ring-flange joint which 
threw the gage readings at this joint completely out of line with 
all the other tests; they have therefore been omitted from this 
report. 

Tests Nos, 2 and 3 were run dry, with no water pressure and 
moderate bolt load. Tests Nos, 4, 5, and 6 were then run with 
25-psi increments of water pressure and moderate bolt torque in 
the case of the ring flanges, and double the original bolt torque 
in the hub flanges. As previously mentioned, this was insuf- 
ficient to prevent leakage past the ring flanges when the water 
pressure was raised to 75 psi. After completing these runs, the 
water pressure was reduced to zero, and a similar set of runs 
made with a maximum bolt torque of 150 lb-ft, and water pres- 
sure increased to 100, 125, and 150 psi. No leakage occurred, 
although the highest recorded root-area bolt stress was only 
18,900 psi (test No. 9 for the hub flange). This is well below 
the yield point of the belt material, yet considerably greater 
than the maximum permitted by Boiler Code practice for the 
grade of bolting steel that was used. 

Space limitations make it impossible to reproduce more than 
a few graphs of the test results for group 3; tests Nos. 3, 9, and 
11 have been selected as a fair representation of the conditions 
existing under a carefully applied bolt load that is amply suf- 
ficient to prevent leakage but could easily be exceeded by care- 
Jess wrenching, and with internal pressure of zero, 100, and 150 
psi. 


Discussion or Resuits 


Examination of Figs. 20(b), 21(6), and 22(6) showing apparent 
stresses in the pipe adjacent to a ring flange, indicate very good 
agreement between test and theory, except at the test station 


on the outside fillet weld. However, the theoretical curves 
neglect the stiffening effect of the weld. In working up certain 
texts of groups 2 and 4 where the effect of the weld was taken 
into aceount, it was found that the theoretical longitudinal 
stress in the pipe itself is practically unaffected by the weld, 
but that, across the weld, this stress drops suddenly to a value 
of only one fifth to one fourth of the peak it would have at- 
tamed if the weld had been neglected as an integral “transition 
taper’ between the flange and the pipe. If a correction of the 
same order of magnitude is made on the curves of the present 
report, it will be found that they agree quite well with the test 
results obtained from the gages on the weld. 


& PW. Catalog 484, p. 142. 
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Figs. 20(a), 21(a), and 22(a@), for the apparent stresses in the 
ring flanges, show considerable scatter of the experimental 
points, which seems to be unavoidable when the individual bolt 
loads are not equalized completely. However, the agreement 
with the theoretical curves is much better than in the tests of 
group 1. It is a reasonable conclusion that the theoretical 
analysis gives an accurate idea of the stress pattern in and near 
the joint, neglecting inequalities of bolt tension and local effects 
produced by the boltholes. In no case did any measured strain 
exceed the maximum elastic strain of the material (assumed to 
be approximately 1000 microinches per in.). The strains in the 
flanges proper were at all times moderate; however, tests Nos. 
8 to 11, where the applied bolt loads were the highest (5500 to 
7300 Ib per bolt) and the maximum water pressure was 150 psi, 
indicate that very high stress concentrations exist in the pipe 
wall close to the toe of the outside fillet, where it is impossible 
to attach strain gages effectively. These concentrations are in 
the nature of highly localized longitudinal bending stresses and 
may be neglected where the hydrostatic load is steady and a low 
safety faetor is permissible. The hoop stresses in the pipe, 
which are more important since they are “primary” stresses 
existing in sensibly constant magnitude throughout the pipe 
wall, were not unduly severe in any of the tests. 

Figs. 23(a), 24(a), and 25(a), for the hub flanges show that here 
also the apparent stresses were always well within the elastic 
limit. On comparing these results with those for the ring 
flanges, it will be noted that the tangential and radial stresses 
have changed places. This is because of the stiffening effect 
of the hub; the angle of dish at the flange ID is much reduced, 
causing a reduction in tangential stress and an increase in radia) 
stress. This stiffening effect carries through to the pipe, as 
may be seen from Figs. 23(b), 24(b), and 25(6), where the maxi- 
mum apparent hoop stress is somewhat less than that for ring 
flanges under comparable loading, while the peak apparent 
longitudinal stress is approximately halved. 


CONCLUSIONS 


| The general pattern of stress distribution obtained by 
strain measurements using wire-resistance gages on the surface 
of flange and pipe, agrees with that predicted by the analysis 
developed by Waters, Wesstrom, Rossheim, and Williams for 
integral flanges, and incorporated in the present code. 

2 As the hydrostatic pressure is increased, with a given bolt 
setting, the gasket pressure is reduced correspondingly, and the 
actual quantitative agreement between calculated and observed 
stresses improves rapidly and soon reaches a point that can be 
considered within the limits of experimental error, provided that 
expansion of the pipe under pressure is taken into account. 

3 When the stresses are due to bolt load only, without internal 
pressure, they actually may be somewhat higher than would be 
predicted by present code formulas both in the flange and in the 
pipe close to the flange. 

4 The discrepancy in conclusion 2 is due to secondary ef- 
fects which do not exist in the theoretical structure and theoreti- 
cal loading on which the.stress formulas are based. The most 
important secondary effects are due to the following: 


(a) Actua] flange loading is not applied at the ID and OD; 
hence the flange stresses are underestimated in the neighborhood 
of the center of gasket pressure, and overestimated in the neigh- 
borhood of the bolt circle. This effect tends to “iron out” 
as more and more internal pressure is applied. 

(b) Bolt load is applied at separate points, rather than uni 
formly over the bolt circle; hence thin flanges with wide bolt 
spacing tend to bulge between bolts. This raises the tangential 
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streas on the back face, in the region between adjacent bolts, 
but is not sufficient to cause leakage if soft gaskets are used. 

(c) Residual stresses are present in the welds and adjacent 
metal before the flange bolts are tightened. Moreover, the weld 
section is undersized as compared with code requirements. 
Hence, when the bolts are drawn up, this part of the structure 
deflects in part plastically, making test readings, which are 
strains, larger than predicted by theory. : 

5 Comparison of hubbed and ring flanges indicates the 
following: 


(a) Both types of flanges are inherently strong in them- 
selves, and undergo little if any permanent dish under the 
assuined loading. 

(b) The hubbed flange, being the stiffer of the two, gives 
better support to the pipe wall and reduces very decidedly the 
amount of plastic bending in the pipe near the toe of the outer 
fillet weld. 

(c) Under the assumed loading, either type of flange is 
likely to dish sufficiently to give the pipe a smal] amount of 
permanent circumferential stretch, but the performance of the 
hub flange is somewhat better in this respect. 


6 Extra lightweight slip-on welded flanges may be designed 
properly by the present code rules for integral flanges, if a factor 
is introduced to express the ratio of the strength of the welds to 
the strength of one-piece homogeneous construction. Such a 
factor, presumably based on quality of weld and dimensions of 
weld section, has not yet been determined. It could, however, 
be assigned tentatively on the basis of these tests. 

7 The spacing of bolts would appear to be a function of both 
bolt diameter and flange-ring thickness. For this reason the 
procedure recommended’ seems to be more usable than that 
originally recommended by Taylor and Waters, which was 
based upon bolt diameter only. 

8 The data collected were not sufficiently conclusive to 
provide the means for developing a more precise method of 
evaluating the forces and location of reactions in the flange. 
However, as a minimum, the tests involving internal pressure 
do justify the Rossheim-Mark! loading constants, and the 
ASME procedure for approximate loading on a flange. 

9 In the flanges tested, the bolting is heavy in relation to 
the flange cross section. This relationship is typical of practical 
designs in the low-pressure field. When these conditions pre- 
vail, yield-point stresses may be expected in the welds and in the 
pipe adjacent to the weld when the joints are assembled and the 
bolts tightened under field conditions. 

10 Flanged joints with cross sections much lighter than those 
obtained by application of ASME Code rules can be designed and 
made tight for hydraulic service, provided customary stress 
levels are exceeded. It is indicated that in such joints the loads 
applied to the flanges and through the flanges into the welds 
and piping, reach and exceed yield-point levels. It remains 
a matter of engineering judgment as to whether such designs 
represent good engineering practice where fatigue or corrosion 
may be a criterion, or where service conditions call for the making 
and unmaking of the joint throughout the lifetime of the instal- 
lation, 
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Discussion 


R. E. Barnarv.* This paper primarily reports results of tests 
conducted to determine stress conditions in ring flanges for low- 
pressure water service. This discussion, written by a member 
of the joint AWWA-ASME committee charged with producing 
standards for such flanges, comments on the paper. It also intro- 
duces other test data prepared for committee use. Much of the 
work so far accomplished by the committee has been predicated 
on the data presented in this discussion. 

Conclusion 10 of this paper reads as follows: 


“Flanged joints with cross sections much lighter than those ob- 
tained by application of ASME Code rules can be designed and 
made tight for hydraulic service, provided customary stress levels 
are exceeded. It is indicated that in such joints the loads applied 
to the flanges and through the flanges into the welds and piping, 
reach and exceed yield-point levels. It remains a matter of 
engineering judgment as to whether such designs represent good 
engineering practice where fatigue or corrosion may be a criterion, 
or where service conditions call for the making and unmaking of 
the joint throughout the lifetime of the installation.” 


It is well known in the waterworks field that plate or hubless 
ring flanges welded direct to thin-wall steel pipe have performed 
satisfactorily for many years even though showing fantastically 
high stresses when analyzed by code formulas. The writer's 
personal experience with such flanges has extended over a 30-year 
period. To the question, “Do they work?” nature’s answer has 
been “Yes” for a long time. In the waterworks field, the ques- 
tion as to whether or not it is good engineering practice to use 
them has also been answered. It is good practice. 

Objective No. 1 of the Taylor test program was to determine 
whether or not the stresses in low-pressure flanged joints could 
be predicted with reasonable accuracy using the modified Tay- 
lor-Waters formulas now stated in the ASME Code for Unfired 
Pressure Vessels, It is concluded that the general pattern of 
stress distribution agrees with that predicted. The disagreement 
is greatest at zero pressure and becomes less as design pressure is 
reached. In the group 1 test where an experienced pipe fitter 
tightened the bolts, the disagreement is greatest. This is sig- 
nificant to the practical engineer. 

It is also significant, though not mentioned, that the code 
formulas indicate failure-type stresses under zero-pressure con- 
ditions when the “pipe fitter” tightened the joint. The code 
formulas give no indication that bolt loads decrease with increas- 
ing pressure. Therefore they do not follow mathematically the 
variation of the bolt load through the assembling and operating 
conditions and on to leakage as disclosed by laboratory tests. 


* Chairman, Technical Standards Committee of the Steel Water 
Pipe Manufacturers Technical Advisory Committee; Member, 
Joint AWWA-ASME Committee on Standard Dimensions of Flanges 
for Steel Water Pipe; and Advisory Engineer, Welded Pipe Sales 
Division, Armco Drainage & Metal Products, Inc., Middletown, 
Ohio. Mem. ASME. 
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Longitudinal stresses in the pipe wall are reported above the 
yield. It is concluded that the very high localized bending- 
stress concentrations, existing in the pipe wall close to the weld, 
may be neglected where the hydrostatic load is steady and a low 
safety factor is permissible. Because common bolting practice 
is what it is with ordinary flanges for many purposes, why should 
these stresses be ignored? The assembly performs its job satis- 
factorily. Why not try to discover the reasons why these high 
stresses do not cause failure? If the code formulas are relatively 
accurate at design loads and pressures, they should be usably 
accurate under the conditions set up by the pipe fitter. It may 
be necessary, however, to interpret the formula results differently 
to find the answer. 

There is reason to question the use of any results obtained in 
the group 4 tests in so far as this type flange design is concerned. 
These tests are interesting from a theoretical point of view but 
flanges are not assembled in this manner. We have learned that 
when we ask nature a question, she answers that question di- 
rectly. She does not furnish extrapolating o1 interpretive data. 
If investigators make one kind of test to interpret another kind of 
test, the interpretation is that of the investigators. It is subject 
to error and later confirmation. In the group 4 tests a rigid 
foundation takes the place of a yielding foundation. When two 
flanges of the type under consideration are bolted together, each 
reacts to the other in an elastic manner to a considerable degree. 
The data interpreted from a rigid-foundation test can be no more 
accurate than the assumption. In this case it is patently in error. 
A bolted joint composed of lightweight flanges welded on light- 
weight pipe behaves as a single unit. It must be analyzed as 
such if accuracy of analysis is a factor 

When explaining the method of plotting test results, the authors 
indicate that the state of stress in a biaxial field cannot be evalu- 
ated accurately from strain readings unless rosette gages are used 
exclusively. This statement should be modified somewhat, be- 
cause in a plane biaxial field where the directions of the principal 
stresses are known, it is well known that two gages oriented in the 
direction of the principal stresses are sufficient to determine their 
value. Under some circumstances, however, it is necessary to 
apply gages to both surfaces of platelike material to obtain com- 
plete data. 

The authors’ conclusion 4(c), states that residual stresses are 
present in the welds and adjacent metal. It is stated elsewhere 
that the flange assemblies were “completely stress-relieved.” 
The method of using electric-resistance strain gages in the test 
does not measure “residual” strains. It only measures change 
from the existing level at which the gages were attached. What 
justification is there for conclusion 4(c), based upon the authors’ 
tests? 

To the uninitiated individual working with ordinary flanges, 
the design of bolted joints using code formulas and stresses pre- 
sents an enigma. The motivating design load producing stress 
in the flange is the force exerted by bolts at, say, 8000 psi on their 
net area. Imposing this assumption starts a mathematical chain 
reaction which discloses the corresponding value of certain prin- 
cipal stresses and secondary stresses. If the first mathematical 
explosion does not produce the desired results, another is set off. 
In the final acceptable design, the radial and tangential flange 
stresses shal] not exceed a specified maximum nor shall the longi- 
tudinal hub stress exceed 1'/, times that maximum. Also, 
neither shall the average of the hub stress and either the radial 
or the tangential stress exceed the same specified maximum, 
that is, on the design side. 

When the flange is installed “overbolting” sets in. It is a 
plague to which few men with wrenches are immune. The de- 
signer’s carefully planned 8000 psi may and usually does become 
40,000 psi in the average case. The actual bolt load is several 
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times the design load. What happens to those other stresses? 
‘Lhe designer doesn’t wish to find out. The stresses do not look 
nice on paper. He prefers his rose-colored design glasses. But 
the fantastically high calculated stresses do not look so badly on 
the flanges and pipe. The assembly works except in rare in- 
stances where its actual strength has been exceeded. Why? 

The conclusion seems obvious. The code formulas for bolt 
load and related allowable stresses, even though theoretical and 
not actual, combine to proportion a flanged joint properly. The 
apparent stresses calculated in the classical manner using actual 
field bolt loads may be fantastically high, but the flanges still 
work, This is because the bolted joint is operating load wise in a 
field where those classical formulas are invalid by the usual inter- 
pretation. Design by test is indicated for such conditions. 

As makers of ordinary steels and makers of special steels for 
special purposes, the writer’s company has had occasion to study 
the properties of steels for many years. Much equipment and 
highly trained personnel are available for such research. There 
are other assemblies than bolted joints in which the classical 
formulas for stress indicate quick and complete failure but these 
assemblies, not having been informed of this, operate very suc- 
cessfully. The reasons are valid, as nature's reasons always are. 
To discover them the properties and behavior of the materials 
comprising the assemblies must be known beyond the engineer's 
classical concept of the usual stress range and especially where 
these properties involve his concept of the yield strength and pro- 
portional limit. 

For example, it has been known for some time that when bolts 
are used to join vibrating parts, they give much better service 
when pulled into the region of the yield than when pulled part 
way through the elastic range. Until understood, this is not 
an easy concept to accept. The fact that experience has con- 
firmed both the theory and the practice may make the future 
“overbolting”’ of flanges more prevalent than it now is. 

Between March and October of 1945 the Research Division of 
the writer's company ran a series of testa of full-size ring-flange 
assemblies to obtain data to present to the AWWA-ASME 
Joint Committee. The tests reported in the paper were run sub- 
sequently, and results of both series of tests were given the joint 
committee for study. 

The two companies approached the problem from different 
angles, The authors’ tests as reported were aimed at deter- 
mining the agreement between theoretical stress figures at de- 
sign levels and test results at design pressure level. Our approach 
was based upon determining the point of first leakage of a flange 
of given design bolted in the usual fashion by an experienced 
mill maintenance man and measuring the strains in the assembly 
as pressure was increased to the point of leakage. 

The tests at the writer’s company were made on ring-flange 
assemblies on 6°/,-in-OD pipe; on 12'/,in-OD pipe, and 
on 36-in-OD pipe using '/\-in. cloth-inserted rubber gaskets in- 
side the bolt circle. The test assemblies and SR-4 strain-gage 
arrangements are shown in Figs. 26, 27, 28, and 29, of this discus- 
sion. Results of the tests were published in 1947. A progress 
report on the design of steel ring flanges, outlining a theory of 
design, has been published.'* 

Within the ranges which are comparable, the tests results do 
not differ in any great respect from those reported by the au- 
thors. But since our tests determine leakage points on two sizes 
at least, much data were beyond the range of the Taylor tests and 
the interpretation of test results is decidedly different. Hydro- 
static pressure test data are given in Table 2 of this discussion. 


= Armco Drainage & Metal Products, Inc., Bulletin 47-A, 1947. 
” “Design of Steel Ring Flanges,” by R. E. Barnard, Journal of 
the American Water Worka Association, vol. 42, October, 1950, p. 


931. Available in reprint form. 
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Fie, 26 View or Testing ARRANGEMENT For 12-IN. FLANGES 


bia. 27 


Testinec ARRANGEMENT For 6-IN. FLANGES 


The more important conclusions reached are as follows: 


1 That the slip-on-type steel ring flange welded to the pipe 
at front and back acts as an integral flange. 

2 That strains in the pipe wall follow the rules of combined 
straius in a biaxial field and may be great enough to be in the 
region of plastic strain. 

3 That the preliminary bolt tightening materially affects 
the direction and magnitude of the strains in various parts of the 
flange and in the pipe wall near the flange. 

4 That the major parts of the strains in the weld fillet are due 
to the initial bolt tightening. 

5 That the bolt load decreases as the hydrostatic pressure is 
applied. 

6 That shortly after the bolt load again shows an increase 
under increasing hydrostatic pressure, gasket leakage occurs. 


TABLE 2 
Outside 
diam Pipe-wall Flange 
of pipe, thickness, thickness, 
in, in. in. 
Os 0.188 0.42 
124/¢ 0.250 0.68 12 
36 0.500 2.00 32 


No. of 
bolts 
8 
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7 That stresses in the bolts after tightening are of yield-point 
magnitude. 

8 That the primary aim in flange design should be to pre- 
vent joint leakage, since steel flange joints do not fail by fracture. 

9 That the bolt loads employed in design should be those 
actually encountered in the field when the mechanic tightens the 
bolts, using the customary procedure and rules, 

10 That the design itself should tie in satisfactorily with sound 
theory, with the test results, and with the satisfactory field per- 
formance of lightweight flanges which have been in use for many 
years. 


HYDROSTATIC-PRESSURE TEST DATA 


Maximum test 


Diam of Design pressure 
bolts pressure, without leakage, 
in. psi psi 
150 400° 
150 3506 
1's 150 250¢ 


~~ @ One of three tests showed seep leakage at 400 psi. The other two tests on the same specimen showed 


no leakage at 500 psi. 


© Slight leakage occurred at 400 psi. Gasket blew at 420 psi. 
* These test sections were taken from a production order. 

These same flanges were later the 
thickness. The 


250 psi and not carried higher to force leakage. 


tion, using full-f kets of drawi: 
a} test using the part vebber field installation using the paper gasket. 


mental test using the part- 


They were 


re was no leakage either in the experi- 
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When the test results were analyzed, it became obvious that the 
design formulas used in establishing American Standard flange 
dimensions predicted fantastically high localized stresses even 
when the joint assembly performed satisfactorily. Since a method 
of designing by test was being sought, a reconciliation of the ap- 
parent contradictions between theory and test results had to be 
explored. To find the answer, attention was turned to the be- 
havior under load of the steel being used in pipe wall and flange. 
Also, the stress factors in the formulas were examined further to 
discover whether or not a different concept of design would com- 
pose the apparent differences between theory and test results. 
It was found that theory fits the data when the concept of cal- 
culated stress level design is displaced by a concept of limiting- 
strain design. Then there was good correlation between theory, 
the test results, and past field experience and practice. 

Engineers and designers have been accustomed to thinking in 
terms of maximum allowable stress. This is fitting and proper 
as a generalized design principle. There are occasions when the 
limitations of classical design formulas are exceeded, however— 
specifically when the proportional limit of the material is ex 
ceeded, This does not necessarily signify that failure will occur. 
On the contrary, many structures and much equipment now in 
existence carry, without damage, calculated and actual stresses 
in excess of the proportional limit of the material. To find an 
explanation of stress-formula results in this instance, an exami- 
nation of the significance of the stress-strain diagram of a material 
and its relationship to stress calculations is in order. Such an ex- 
amination will explain why it is possible to operate successfully 
certain classes of structures at calculated stresses beyond the pro- 
portional limit of the material and even into the region of yield. 

Both the engineer and the designer have been inclined to give 
too much consideration to the stress or vertical axis of the stress- 
strain diagram and too little consideration to the strain or hori- 
zontal axis. 

To make the reasoning clear, although it is far from new, Fig. 
30, herewith, shows various parts of a complete, although dis- 
torted, pure tension stress-strain curve for low-carbon steel such 
as is herein considered. Fig. 31 is a highly magnified part of the 
extreme left-hand portion of Fig. 30. In Fig. 31 the portions of 
the curves between strains of 1000 microinches per in. (0.001 in. per 
in.) and 5000 microinches per in. (0.005 in. per in.) explain the suc- 
cessful behavior of the flange assemblies tested. The tensile yield- 
strength stresses of 33,500 psi and 39,000 psi are the actual ten- 
sile stresses shown by the standard tensile-test specimens selected 


t+ Totai Elongation 2m. 
Load Load 308 


Fie. 30 Curve; Low-Carson Stree. 
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from grades A and B pipe steel to meet the specified yield 
strengths of 30,000 psi and 35,000 psi, respectively. If these 
same stresses are calculated using the ciassica] design formulas, 
such as those in the code, with a value of E of 30,000,000, they 
both become 150,000 psi for the strain condition of 5000 microinches 
per in, used in determining the yield strength of the steels. In 
other words, on a purchasing basis the stresses are 33,500 psi and 
39,000 psi, respectively, but by design methods they are both 
150,000 psi. Of course no one wishes to apply formulas good only 
in the elastic range outside that range without full consideration 
but, by the same token, there is no good reason for taking the 
ostrich “head-in-the-sand” technique in a case like this. 

The foregoing applies to the yield strength of steel in pure 
tension only. The principal stresses in a flanged joint, and in 
the pipe wall adjacent to the joint, are not pure tension stresses, 
but bending stresses. It should be understood that there are 
really three distinguishable phases which a member undergoes 
in bending. 

In the first phase all fibers undergo strain less than the pro- 
portional limit in a uniaxial stress field. In this phase a struc- 
ture will act in a completely elastic fashion in which the classical 
laws of stress and strain are applicable. 

In the second phase some of the fibers undergo strains greater 
than the proportional or elastic limit of the material in a uni-* 
axial stress field, but a more predominant portion of the fibers 
undergoes strains less than the proportional limit, so that the unit 
still acts in an essentially elastic manner. The classica) formulas 
for stress do not apply, but the strains can be defined adequately 
in this phase. 

In the third phase the fiber strains are predominantly greater 
than the elastic limit of the material in a uniaxial stress field, 
Under these conditions the unit as a whole no longer acts in an 
elastic manner. The theory and formulas applicable in this phase 
are being developed but have not yet reached a stage where gen- 
eral use can be made of them. 

The design of the steel ring flange for steel pipe falls in the 
second phase. 

An experimental determination of strain characteristics in 
bending and tension was made on medium-carbon steel similar 
to that required by AWWA specifications 7A.3 and 7A.4 for stee! 
water pipe, with results shown in Fig. 32 of this discussion. It is 
to be noted that the proportional limit strains in bending are 
1.52 times those in tension for the same material. Moreover, the 
specimen in bending showed fully elastic behavior at a strain of 
1750 microinches per in., which corresponds to a calculated stress of 
52,500 psi (1750 X 30 = 52,500) when the modulus of elasticity 


© 0.001 0.002 0.003 0.004 0.005 0.006 0.007 
Strawn — 


Fic, 31 Strress-Srrais Curves; Meprum-Carnon Street. 
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is used. The specimens were taken from material having an ac- 
tual yield of 39,000 psi. Therefore flanges and pipe made of this 
steel could be loaded to produce strains up to 1750 microinches per 
in. and still possess full elastic behavior. Therefore, to say that 
the proportional] limit of this material has been exceeded when the 
calculated stress in bending exceeds about 35,000 psi is simply an 
error. It has not. 

To check the validity of our conclusions, caleulations were made 
to determine the strain which would occur in pipe having a wall 
thickness commonly used in past years when certain standard 
flanges were attached. These flanges have been used success- 
fully for many years and form a good experience background 
against which to make calculations. The sizes ranged from 4 
through 96in. Table 3, herewith, shows the results. 

It is to be noted that in practice, the limiting strain has always 
been below the commonly recognized yield-strength strain of 
5000 microinches per in., but does approach it quite closely in at 
least one instance. All of these flanges are sufficiently satisfac- 
tory, however, to warrant their continued use by designers. 

With the test data and experience background, calculations 
were made to determine the theoretical thickness of ring steel 
flanges with outside diameter and drilling similar to the 125-Ib 
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American Standard for cast-iron flanges. 
ways. 

One calculation of flange thickness was made using a modi- 
fied cantilever analogy, and not allowing a strain exceeding 1100 
mic, oinches per in. on the flange. The bolt load in this case was 
1'/, times the operating pressure to the OD of the gasket. The 
moment lever arm was taken as the distance from ID of pipe to 
the bolt circle. 


This was done in two 


TABLE 3 MAXIMUM &STRAIN IN PIPE WALL 
DEVELOPED PRACTICE 
Operating Maximum 
strain, 
microinches /in. 


Standard 
flange 

A 1550-3900 

2200-4650 

1100-3850 


The other thickness was calculated so that the longitudinal 
strain in the pipe wall did not exceed the yield strength (5000 
microinches per in.) of the commonly used wall thickness in that 
diameter. In the latter case the code formula was used, substi- 
tuting the corresponding strain for the extremely high apparent 
stress. In this case, design bolt loads and moments were based 
on test data, corrected for experimental error, and proportioned 
to provide 25 per cent overload when testing to 2 times working 
pressure. 

The cantilever analogy assumes a rigid-base condition which 
ean be approached only when thick-wall pipe is used. The longi- 
tudinal strain is greatest when the pipe wall is thin. By figuring 
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both ways and selecting the maximum flange thickness by either 
calculation, the range of wall thicknesses is covered. 

Minimum bolt sizes were figured on a basis of design load 
and overload rather than on a stress basis. The sizes were checked 
to see that they would hold the gasket load to prevent leakage 
even in continuous pipe lines which might be subjected to line pull 
due to temperature change and Poisson-effect pull due to internal 
pressure. The total bolt load on this basis did not exceed the 
minimum breaking load specified for grade B bolts in ASTM 
Specifications A-307 for Steel Machine Bolt and Nuts and Tap 
Bolts. Some surprising agreement was noted with existing stand- 
ards. 

Tables and diagrams have been made to facilitate calculations. 

The results of these calculations were a welcome confirmation of 
bolted-joint designs which have been serving satisfactorily for 
many years. However, the calculation method is still one of pro- 
portioning parts. It differs from the classical approach primarily 
in that assumptions are replaced by facts and the facts are ex- 
plained by the manner in which material behaves under load. 
Design by limiting strain is a method applicable to many mate- 
rials other than the particular type of steel here considered. 

When “overbolting” occurs, mating flanges sometimes meet 
each other and stop further rotation as has been observed by the 
authors. This is an automatic built-in safety feature which comes 
free with the steel flange assemblies under consideration. It is 
not always in action, however. In many of our tests there was 
no contact between mating flanges. Contact was established 
when the flanges were bolted to carry pressures far in excess of de- 
sign pressures so that leakage characteristics could be determined. 
(it should be noted here that the Taylor test specimens were 
annealed. This softening process is not employed when produc- 
ing flanged-stee] water pipe.) 

For those mathematicians who wish to figure that the hub- 
less ring flange works because of outer edge contact around 
a '/,-in-thick gasket, it may be pointed out that the use of the 
‘ -in-thick material is a capitulation to the high cost of gaskets. 
For years '/sin-thick part-face gaskets were used and before 
that when gaskets were still cheaper and flange faces more un- 
even, there were installations with '/,in-thick gaskets. These 
thicker gaskets very effectively separated the flanges but the joint 
still did its job satisfactorily. 


H. C. Boarpman."" When a paper by H. Hill, W. W. 
Lewis, and H. J. Easter was presented in 1942, the writer wax 
struck by the seemingly artificial nature of the “cantilever anal- 
ogy” and by the reasonable designs which it gave; by the great 
difference between this method of design and the method of the 
modified Taylor-Waters formulas as exemplified in the ASME 
Unfired Pressure Vessel Code, 1949 and 1950 editions; and by 
the desirability either of correlating these divergent methods or 
openly recognizing them as justifiably different. These impres- 
sions he expressed both to Mr. H. O. Hill and to Mr. Frank 8. G. 
Williams who, with many others, tackled the problem, and are 
now well on their way toward their goal of an “AWWA 
Flange Standard,” The paper under discussion is a step toward 
this objective and is one more in the list of valuable contributions 
to the design of bolted-flanged connections made by the authors. 

Any comments on this po) r which the writer may make must 
be from the viewpoint of a curious and interested layman ob- 

! Director of Research, Chicago Bridge & Iron Company, Chicago, 
Ill. Mem. ASME. 

“Fabricated Steel Ring Flanges for Water Pipe Service, for 
Low Pressures and Low Temperatures,” by H. O. Hill, W. W. Lewis, 
and H. J. Easter, Journal of the American Water Works Association. 
vol. 36. 1944. pp. 968-986. 
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sessed by a desire for simple, realistic design rules and by a con- 
viction that they are attainable, 

With this attitude in mind the most significant paragraph in the 
paper to him is that describing the second state of test No. 3 of 
Group | on a 12-in. joint made up for 75 psi according to Table B 
in the afore-mentioned paper by Hill, Lewis, and Easter. This 
paragraph reads as follows: 

“Next, the bolts were loosened and retightened by an experi- 
enced pipe fitter who selected his own wrench—a 1-inch socket 
type with 17-inch lever arm—and used what he considered to 
be the proper amount of pull for making up a joint in a 12-inch 
75-lb water line. The result was a root-area bolt stress of 16,700 
psi, and the mating flanges contacted each other at the OD. 
Water pressure was then applied and readings taken at 75 psi 
and at 50-psi increments thereafter, up to 375 psi, all with the 
same bolt setting. Some of the results appear in Figs. 17 and 
18. Here again, as the pressure increased, it is seen that agree- 
ment between test and theory improved, bearing in mind that the 
tangential-stress readings for the flange would always be higher 
than the theoretical values because of bulging between bolts. 
As « matter of fact, the curves show that at water pressures above 
225 psi the relative positions of experimental and theoretical 
flange stresses appear to reverse; that is because there is pres- 
sure between the flanges at the OD which sets up a counteract- 
ing bending moment that tends to reduce the stresses on the 
back face of each flange. The same effect is observable in the 
total bolt load and the root-area bolt stress, which first drop off in 
the usual manner, but later rise so that at 375-psi water pressure 
they are almost as great as at zero water pressure.” 

The writer believes that this behavior is characteristic of Hill, 
Lewis, and Easter joints in that mating flanges rotate into outer 
edge contact during the initial tightening of the bolts. That this 
probably is true is indicated by the following crude exposition. 

Let it be assumed that the gasket is '/y in. thick, that its inner 
edge remains '/, in. thick during the tightening of the bolts, 
that the flange cross section remains rectangular, and that the 
angle of rotation is so small that, practically, sin @ = @ and cos 
6=1. 

Under these assumptions the ring (tangential) flange stress is 
greatest at the inner corners—tensile at a and compressive at 
b. The strain at a per inch of periphery 7B is '/,70 + '/,B = 
70 + B and the corresponding ring (tangential) stress at a and 
b = S = ET@/B or 6 — (SB)/(TE) in which E is the modulus of 
elasticity. According to Formula [2], Par. UA-51, of the 1950 
ASME Unfired Pressure Vessel Code, S = (YM)/(7T*B), in which 
Y = (A + B)/(A — B), closely, and M is the torsional moment 
in the flange when the maximum ring (tangential) stress is S. 
Equating these two values of S—one in terms of rotation, the 
other in terms of moment 


ET@ 
B 
By inspection of Fig. 33 of this discussion the angle 


1 
Substituting this value for @ in Equation [1] 

Te 
(A—B) 16(A +B) 


1 1 


M 


which approximates the torsional moment necessary to rotate the 
mating flanges to outer edge contact. The corresponding gasket 
pressures, using the proportions of Table E of the afore-mentioned 
Hill, Lewis, and Easter paper,'* range, very roughly, from 1000 
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psi for the smallest joint to 100 psi for the largest—in other words, 
from more than sufficient to seat cloth-inserted rubber gaskets in 
the smallest joint to nearly sufficient to leak-tighten cloth-inserted 
rubber gaskets in the largest joint. Of course the joints behave 
as conventional ASME Code flanges until the outer edges of the 
mating flanges contact each other; from then on they must be- 
have differently. 

The ring (tangential) stress coincident with the moment of 
Equation (2) is 

TB” 16B (A — B) 
which indicates plastic yielding in the 4-in. and 5-in. flanges of 
Table E of the Hill, Lewis, and Easter paper" but elastic straining 
in all the rest. 

At its junctions with the flanges the pipe shell must rotate when 
the flanges do. A rotation of 1 radian all around the end of « long 
cylinder, assuming that the flanges allow no radial movement, 
causes a longitudinal end moment of about 0.31£0/+/ Bt per 
inch of periphery, where ¢, the thickness of the pipe wall, ix 
(PB) /(2s), 8 being the design stress. Therefore a rotation of 


8 


16 (A — B) 


radians causes a moment of 


16 (4 —B)\ 


per inch of periphery, which causes a stress of 
16(A —B) YB 6 B’ 
P 


16(A — B) Ys 


t 


16 (A —B) YR 


For P = T5 and s = 13,500 


1.32E 
16(4—B) Ys 
For P = 150and s = 13,500 
132k 
16 (A —~ B) 8 


The smallest Hill, Lewis, and Easter values of A and B, as 
given in Tables D and E of their paper,"* are 9 and 4, respec- 
tively. For these 

184,000 
A—B 


which indicate plastic deformation. 


260,000 


= 36,800 psi, and 52000 
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It is noteworthy that the moment of 


16 (A — B) B 


per inch of pipe periphery, which is set up in the pipe wall by ro- 
tating the mating flanges to outer edge contact, is opposite in 
sign to that caused on the same cross section when the pressure 
P is applied. 

For practical purposes, two mating flanges may be considered 
rigid, in comparison with the pipe wall, in so far as radial expansion 
under pressure is concerned. Then the moment which would 
exist in the pipe wall per inch of periphery, if the flange did not 
rotate, ia about 0.3 sf* corresponding to a longitudinal stress of 
about 1.88 or 24,300 psi when s = 13,500 psi. This bending stress 
in the pipe wall, due to constriction by the mating flanges, is 
independent of the pipe diameter and is at least partly neutralized 
by rotation of the flanges both during the initial tightening of the 
bolts and later when the pressure is applied. 

Of course these high bending stresses in the pipe wall cannot 
exist unless the welds joining the flanges and the pipe are able 
to make the attached pipe cross sections rotate with the flanges; 
otherwise, the welds yield plastically and constitute plastic 
hinges. However, it is easy to make a double fillet joint able to 
transmit more moment than the pipe can carry. 

It may be worth while to point out that the initial tightening of 
the flange bolts sets up not only the aforesaid torsional moment 
in the flange and longitudinal moment in the attached pipe but 
also moments in the bolts themselves since, as the flange rotates 
the bolt loads are applied to the flanges at the inner edges of the 
heads and nuts thus, in effect, shortening the nominal moment arm 
between the bolt circle and the gasket load. So each bolt acts 
as a C-clamp whether or not the head and nut eventually rest 
flatly against the rotated flanges. 

Incidentally, it is clear that C-clamps could be made to do 
the entire job of carrying the “hydrostatic end force’ across the 
joint while keeping the gaskets tight; in this case the flange 
would be simply a bar to spread the C-clamp loads over the 
gasket and could be nearly as narrow as the gasket. 

In concentrating on the bolted-flanged joint itself it is easy to 
overlook the fact that there is little “hydrostatic end force” in 
pipe lines equipped with slip joints and even for continuous buried 
lines, the term hydrostatic end force may have little meaning, 
and the significance of a lengthwise Poisson’s-ratio effect be doubt- 
ful. Ina pipe line where a full hydrostatic end force is carried 
from end to end, the pipe tends to lengthen—not to shorten; so 
a Poisson's ratio shortening of the line can exist only when the 
hydrostatic end force is resisted at the ends of the line and not 
carried through the line. Temperature effects are likewise ob- 
scure in lines wherein each bolted flanged joint is able, in some 
degree, to act as an expansion joint. 

These observations suggest that the design of bolted flanged 
connections for water pipe lines involves many factors which can- 
not be evaluated accurately, so over-all experience integrating all 
factors should loom large in design. 

The foregoing dissertation indicates that the initial tightening 
of the bolte and yielding of the gasket first rotate the mating 
flanges to outer-edge contact, and then rotate them in the op- 
posite sense, pivoting them about the outer contacting edges, 
until the gasket is set, and that, upon application of pressure in 
the pipe, and assuming that the full hydrostatic pressure is car- 
ried across the joint, the flanges again reverse their direction of 
rotation and ao reduce the gasket pressure, stretch the bolts, and 
increase the pressure on the outer contacting edges. Since the 
unloaded gasket is only '/1s in. thick it is plain that, with the 
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outer edges of mating flanges in contact, very little rotation of the 
flanges can take place, when the pressure is applied, without caus- 
ing leakage, and that the shorter the bolts the less will be the ro- 
tation. Furthermore, if the flanges while remaining rectangular, 
could be rotated, without gasket leakage, to the positions they 
were in when their outer edges first touched during the initial 
tightening of the bolts, they would have precisely the torsional 
moment resistance that they had during the initial tightening of 
the bolts—a resistance which, except possibly for the 4-in. and 
5-in. sizes, has previously been shown insufficient to counteract 
the imposed hydrostatic end force and “gasket pressure” 
moments. There seems inescapable the conclusion that, in 
general, each flange does its assigned job largely by beam action 
across its width, and very little by ring (tangential) stresses be- 
cause such stresses do not get a chance to develop effectively. 
Therefore, assuming, as appears reasonable in view of the earlier 
discussion, that the torsional resistance of the flanges is sufficient 
to provide the required gasket pressure for tightness it seems 
legitimate to rely upon cantilever action about the bol* circle to 
resist the moment set up by the hydrostatic end force. 

The moment of the hydrostatic end force about the bolt circle is 


*) (C — B) 
4 2 8 
and the moment per inch of bolt-circle periphery is 
— B) _ PBC — B) 
8rC 8c 


whence 


2 2(C — 


6 4CT? 


Cc 


7 P (C—B 


Sr 


which is offered as a practical design equation, C being the bolt- 
circle diameter, 7 the flange thickness, and Sz the radial stress. 
Assuming again that the torsional resistance of the flanges pro- 
vides the required gasket pressure for tightness, the load per bolt 
is 
H (A — B) 


N (A—C)’ 


Hy (A — G) 
N (A—C) 
whichever is the larger; where 
N = number of bolts 
H = 1/4ePB* = hydrostatic end force 
Hy = gasket seating load 
G = diameter of middle-of-the-gasket circle 

From a study of the foregoing expressions for bolt load, it is 
clear that the required bolt size decreases with increasing outer- 
edge distance on the bolt circle and also with decreasing inner- 
edge distance on the bolt circle. 

The writer hopes that this crude analysis will provoke further 
thought and discussion. 

In conclusion it is pointed out that bolted flanged joints de- 
signed as herein suggested, are essentially Hill, Lewis, and Easter 
joints, The writer believes that they are practical for low-pres- 
sure water pipes and suggests that they be given “a place in 
the sun” and that it would be futile to try to design them by the 
orthodox ASME Boiler Code method. Probably the authors con- 
cur in this opinion 
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AvurHors’ CLosuRE 


The reader who has had sufficient persistence and determina- 
tion to read through to the end of the authors’ paper and the two 
discussions that follow, wil] surely have noted that there are dif- 
ferences of opinion in the field of flange design. Far from de- 
ploring this situation, the authors welcome it as a healthy sign, 
indicating an honest desire to get at the facts and clarify present 
misunderstandings by further investigation and test. 

In the case of Mr. Barnard’s objections, the authors feel that a 
point-by-point rebuttal would be tedious to the general] reader 
and lead to uninteresting technicalities. However, some of the 
arguments in this particular discussion deserve attention, if only 
to show how completely Mr. Barnard has failed to grasp the 
authors’ approach. The group 4 tests, for example, obviously 
do not represent a field-assembled flanged joint down to the last 
detail. However, if Mr. Barnard throws out this group of tests, 
he discards the whole philosophy of scientific experimentation, 
which proceeds on the basis of the artificial control of variables 
so that one of them can be investigated while the others are held 
constant. One might as wel] argue that the tests which he him- 
self reports are invalid because they were conducted on short 
pipe lengths in the open air, instead of long lines underground. 
The “rigid foundation” to which he objects is the equivalent of the 
plane of symmetry between two identical flanges bolted together, 
and is an example of the substitution of a rigid boundary for the 
dividing surface between two mirror-image objects—a device 
used universally in testing procedures of all kinds. 

Again, in facetiously describing the design of a bolted joint by 
Code rules as a “mathematical chain reaction,” Mr. Barnard 
gives a rather distorted picture. He discusses “overbolting” at 
some length and infers that this condition is ignored by the de- 
signer using Code rules. Too frequently misinterpretation of 
the ASME rules for flanged joints is noted because of an un- 
familiarity with the basic fundamentals of flange design. The 
problem of flange design consists of three parts, each one separate 
but related to the others. The first of these is the determination 
of the gasket——its size, material and facing, and so forth, necessary 
for use with the service conditions. The second is the deter- 
mination of the bolting required to hold the joint tight under 
pressure. The third and the only one dealt with by the flange 
formulas is the problem of designing a flange of proper propor- 
tions to transmit load from the bolts to the gasket without injuri- 
ous deflection on the part of the flange. Time is taken here to 
cal] attention to these three phases because it is quite common to 
pyramid safety factors in the determination of the first and second 
stages of the problem which results in unbalanced design. This 
may manifest itself in the form of heavy bolting or unnecessarily 
thick flanges or both. 

In the evaluation of flanged joints for low-pressure service, 
the essential differences between waterworks piping and piping 
used in connection with boilers and pressure vessels must be 
considered. Many favorable factors in the waterworks field 
permit construction not possible in other fields. Some of the 
essential factors may be enumerated as follows: 


1 Service temperatures can be limited to 100 F maximum, 
2 Vibration and therefore fatigue failure is not a criterion of 


3 Soft gaskets are commonly used. 

4 Waterworks service is essentially nonshock service. 

5 Flanged connections in waterworks service are not nor- 
mally disassembled at frequent intervals. 


As has been stated, conditions existing in water-supply service 
are generally more favorable than those encountered in. similar 
industrial piping or in pressure-vessel service. It seems obvious 


that modifications to the established design approach can be per- 
mitted in designing flanges for waterworks service. 

From the authors’ viewpoint, the most valuable part of Mr. 
Barnard’s discussion is his brief summary of the Armco tests and 
his advocacy of “limiting strain” as a criterion of design.. It is 
gratifying to note that the test results to which he refers indicate 
substantial agreement with those reported in the paper and 
those calculated by the ASME design formulas. The ASME 
Boiler Code Committee in establishing its Rules for Bolted 
Flanged Connections in 1938, recognized what Mr. Barnard has 
described as the second phase, namely, the condition in which 
some of the fibers undergo strains greater than the proportional 
or elastic limit of the materia] without the structure as a whole 
going beyond the field of elastic behavior. The bending stress in 
the hub of the flange, or pipe wall, was permitted to exceed the 
nominal chaximum allowable hoop stress by 50 per cent pro- 
vided the evaluation of the other stresses was within the allowa- 
ble. This concept recognizes the existence of local yielding, pro- 
viding there is sufficient reserve capacity in the other sections to 
carry the increased loads that are placed upon them when this 
localized yielding takes place. Mr. Barnard proposes to evaluate 
the extent of this local yielding in terms of strain in place of the 
more conventional concept of stresses resulting from strain. 
There can be no basic objection to this approach and, when the 
corresponding strain is substituted for stress in the Code formulas, 
this method has produced consistent results. 

Mr. Boardman has indicated a clear understanding of the prob- 
leni of flange design for low-pressure service, and his mathematical 
analysis of the action which undoubtedly occurs in this type of 
joint is a welcome addition to the literature on the subject. The 
purpose of the tests conducted by the authors was to determine 
whether or not the Taylor-Waters formulas predict with reasona- 
ble accuracy the stresses and/or strains found in low-pressure 
flange designs. The tests indicate that the general pattern of 
stress distribution obtained agrees with that predicted by the 
formulas, but the audiors agree with Mr. Boardman that flanges 
with much lighter cross sections than those obtained by the ortho- 
dox ASME Boiler Code method can be designed and made tight 
for hydraulic service. 

It would be interesting to check some of the proposed flanges 
for waterworks service with Mr. Boardman’s design, Equation 
{3], which he has derived with characteristic ingenuity. It should 
be noted that this formula relates flange thickness to hydrostatic 
pressure, but takes account of the bolt load only indirectly, if 
at all. This is certainly a departure from orthodox procedure, 
according to which the bolt load is one of the factors upon which 
flange design is based. 

The authors observe that both Mr. Barnard and Mr. Board- 
man are thinking in terms of one segment of flange usage without 
examining the validity of their approach to 


(a) A wide range of flange proportions 
(b) Both straight- and tapered-hub designs 
(c) All types of gaskets and gasket contact surfaces, 


Between 1935 and 1937, the authors, in collaboration with 
Messrs. D. B. Rossheim and D. B. Wesstrom, made an exhaustive 
study of many mathematica] approaches to the problem of pre- 
dicting the stresses in a flange assembly. Many simple formulas 
give good results for a narrow range of OD to ID ratios, or give 
results for only one of the critica] stresses that may govern flange 
behavior. 

For example, the original T-W formulas give the tangential 
stress in flanges of ring cross section or with hubs of uniform 
thickness. They did not cover tapered-hub flanges, nor did they 
cover the bending stress in the hub of a welding neck flange or 
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its equivalent in the case of a flange fillet-welded to a shell or 
pipe. 

The Timoshenko formula is accurate within a narrow range of 
outside to inside diameter. The cantilever approach, reintro- 
duced by Hill and Easter, establishes the radial stress which may 
be the governing stress for very large-diameter flanges, but ignores 
all other types of stress. 

To cover the field of piping design the problem is to develop a 
set of formulas that maintain reasonable accuracy over a range of 
diameters from '/; in. to 240-in. with flange facings that range 
from flat facing used with paper or soft-rubber gaskets to hard 
metallic gaskets with high raised faces that permit unlimited 
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bending moments to be thrown into the flange from overpulling 
of the bolts. 

The modified Taylor-Waters formulas are mathematically com- 
plex, but they are valid across the entire range of flange usage, and 
the designer’s work has been reduced to very simple form in the 
booklet, ‘Modern Flange 

The authors are convinced that many people confuse the dif- 
ferences of opinion on the subject of allowable stress levels in 
widely different industrial applications, with the accuracy and 
applicability of the flange formulas themselves. 


"Modern Flange Design,” Taylor Forge & Pipe Works Bulle- 
tin No. 502. 
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AN ASME PAPER 


Its Preparation, 
Submission and Publication, 
and Presentation 


To a large degree the paper's prepared ard presented under the 
ASME sponsorship are evidence by which its professional standing 
and leadership are judged. I+ follows, therefore, that to qualify 
for ASME sponsorship, a paper must not only present suitable 
subject matter, but it must be well written and conform to recog-. 
nized standards of good English and literary style, 


The pamphlet on “AN ASME PAPER” is designed to aid authors 
in meeting these requirements and to acquaint them with rules 
of the Society relating to the preparation and submission of 
manuscripts and accompanying illustrations. It also includes 
suggestions for the presentation of papers before Society meetings. 


QONTENTS 


PREPARATION OF A PAPER— 


General Inforraation—Style, Preferred £ - » Length Limitation, 
Approvals and Clearances. 


Contents of the Paper—Tiile, Author's Name, Abstract, Body of Paper, 
Appendixes, Acknowledg ts, Bibliographies, Tables, Captions, Photo- 
graphs, Other Illustrations. ; 


Writing the Paper—Outline, Tabulations, Tables, Graphs, Charts for 
Computation, Drawings, Mathematics, Accuracy, Headings and Number- 
ing, Lantern Slides, Motion Pictures, Typing, Number of Copies. 


SUBMISSION AND PUBLICATION OF A PAPER— 


Intention to Submit Paper Required in Advance, Meeting Dates, Due 
Dates for Manuscript, Discussers, Review and Acceptance, Proofs, Ad- 
vance Copies and Reprints, Discussion and Closure, Publication by 
Others. 


PRESENTATION OF A PAPER— 


Time Limit, Addressing Your Audience, Public Address Systems, Use of 
Slides. 


REFERENCES— 
References on Writing and Speaking, Engineering Standards. 


Price 35¢. No discount allowed. A remittance must accompany 
all orders for $2.00 or less. U.S. Postage Stamps are acceptable, 


THE AMERICAN SOCIETY OF MECHANICAL ENGINEERS 
29 West 39th Street, New York 18, N. Y. 
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